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(ABSTRACT) 

Scale model testing can improve the cost-effectiveness of composite structures by 

reducing the reliance on full size component testing. Use of scale models requires the 

relationship be known between the responses of the small scale model and full size 

component. This relationship may be predicted by dimensional analysis or through 

mechanics formulations. The presence of physical constraints may prevent the complete 

reproduction of all responses in small scale models. Scaling relationships may not be 

available at the level necessary to predict all scaled responses. Investigations of the 

scalability of composite structures are needed in order to evaluate the reliability of small 

scale model predictions of the responses of full size components. 

The scaling of the responses of graphite-epoxy laminated composite Z-section 

stiffeners subjected to uniaxial, compressive loading has been evaluated. The response 

regimes investigated are prebuckling, initial local buckling, postbuckling and crippling. A 

mechanistic approach to scaling has been used, in which the scalability of the responses has 

been judged relative to governing mechanics models. A linked-plate analytical model has 

been obtained which predicts the buckling loads, and from which two nondimensional load 

parameters have been obtained. The finite element method has been used for prediction of 

the buckling and postbuckling responses. The analytical and numerical analyses were used 

to define an experimental program involving fifty-two specimens of seventeen basic 

geometrical configurations and three stacking sequences. 

The buckling, postbuckling and crippling responses were largely determined by the 

flange-to-web width ratio and both the absolute and relative values of the bending 

stiffnesses. Buckling loads increased with decreasing flange width and the laminate



orthotropy ratio, and increasing flange-to-web corner radii and laminate thickness. The 

postbuckling load range was the greatest for specimens having wider flanges, but the 

failure stresses were greatest among the narrower specimens. The crippling mechanisms 

included flange free edge delamination at both nodal and anti-nodal axial positions, material 

crushing in the flange-to-web corner at nodal axial positions, and ply splitting in the flange- 

to-web corner at anti-nodal axial locations. 

The constraint of the potted end supports of the experimental specimens was not 

scaled. The effect of displacements within the end supports was manifested by lower 

prebuckling axial stiffnesses than predicted based on the gage length properties alone. This 

phenomenon required a post-test adjustment to the data in order to permit comparisons of 

the experimental and finite element predictions of the response of the gage length on an 

equivalent basis. Once corrected, the prebuckling stiffnesses were generally observed to 

have scaled. 

One of the nondimensional load parameters normalized the buckling loads for 

specimens of various web widths only. The second parameter normalized the buckling 

loads for all of the geometric and material variables contained in the model. This parameter 

also normalized the postbuckling loads, and is, therefore, a general nondimensional 

parameter for the buckling and postbuckling responses of the Z-section stiffeners. No 

scale effects were observed in the buckling response. The quality of the postbuckling load 

predictions degraded with the width of the postbuckling load range. It was not determined 

whether genuine scale effects were present in the postbuckling response or whether the 

observed error was a result of inadequate modelling of structural and material nonlinearities 

or other effects such as damage development in the specimens. 

Good correlation between experimental and finite element predictions of the out-of- 

plane displacements and load-axis strains has been demonstrated. Predicted local material 

strain development has been related to the structural deformation characteristics. 

Consideration of individual strain values, however, could not predict which of several 

competing failure modes would determine the actual crippling response. Neither could the 

strain data provide any quantitative prediction of the crippling loads. Thus, the 

determination of strength scale effects is hindered by the complex structural-material 

interaction and the lack of a mechanics-based interactive failure model.
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CHAPTER 1. INTRODUCTION 

1.1 Introduction 

The implementation of composite materials in structural applications has involved 

the production of costly prototypes and large scale experimental verification of certain 

design concepts. Scale model testing can streamline the development process and help 

improve the cost-effectiveness of composite structures. Scale model testing requires that 

the relationship between the responses of the small scale model and full size component be 

known so that the behavior of the model can be used to predict the response of the full size 

component. The relationship between the responses can be predicted using dimensional 

analysis to obtain a scaling law or mechanics models to obtain the functional relationship 

between the response characteristic and the properties of the structure. However, the 

presence of physical constraints or conflicts can prevent the complete reproduction of 

certain responses in small scale models. Furthermore, the mechanics formulations are still 

evolving for advanced material systems and may not provide the scaling relationships at the 

local material level necessary to relate all aspects of the response throughout the size range. 

Therefore, investigations of the scalability of composite structures are needed in order to 

evaluate the reliability of small scale model predictions of the responses of full size 

components, sources of non-scaled behavior or "scale effects", and the level of scaling of 

the structural and material characteristics necessary to achieve scaled behavior. 

In the present study, a representative structural element has been selected which 

exhibits several response regimes of increasing complexity. The configuration is a 

laminated composite Z-section stiffener subjected to uniaxial, compressive loading. 

Investigated are the prebuckling, initial local buckling and postbuckling responses and 

failure by crippling. The configuration and response modes are relevant to a common 

aerospace design concept, in which a thin outer skin is reinforced by thin-walled stiffeners. 

Under compressive loads the skin and stiffeners may undergo local buckling. The 

structure may be required to carry additional load in the buckled configuration, 

necessitating the understanding of the structural behavior in the postbuckled response 

mode.



1.2 Objectives 

The objectives of this work are: 1) to perform an investigation of the scalability of a 

representative composite material structural element; 2) to illustrate a mechanistic approach 

to scaling, as opposed to the traditional method of dimensional analysis; 3) to identify the 

scaling relationships which govern the responses; 4) to identify the responses which are 

either subject to scaling conflicts or inadequately modelled by the available mechanics 

formulations; and 5) to illustrate the parametric sensitivities of the responses of the specific 

structural component under investigation. 

1.3. Approach 

At least two approaches to a study in scaling are available. The first involves the 

use of dimensional analysis and similitude principles to define those nondimensional 

groups of geometric and material variables which govern the responses of scale models. 

From these parameters an experimental program can be defined using a number of scaled 

specimens to permit validation of the scaling parameters and to identify any "scale effects" 

or non-scaled behavior. A second approach is more mechanistic in nature and will be used 

in the current work. Here, a scale effect is identified as a departure of the response from a 

known mechanics model, which occurs systematically with specimen size. In contrast to 

the similitude approach, the mechanistic approach permits "selective scaling" or the 

evaluation of the response as a subset of the material and/or geometric parameters is varied. 

This approach facilitates the evaluation of the parametric dependence of the response of 

structures which are defined by many geometrical and material properties, in addition to the 

determination of the scalability of the responses. 

A three-fold analytical, numerical and experimental approach has been used in this 

work. An analytical model for initial local buckling is obtained which predicts buckling 

loads and also provides nondimensional scaling parameters. The finite element method is 

used to also predict buckling loads and to extend the analysis into the postbuckling 

response regime. Both of these phases of work were used to define an experimental 

program, which contained 52 specimens of various geometrical and material properties. 

The experiments have been performed at NASA Langley Research Center.



1.4 Outline of Dissertation 

Chapter 2 provides a foundation of background information related to the stability 

of plates and shells under compressive loading, and general scaling concepts. Also 

presented is a review of previous work related to the stability of composite stiffeners and 

scaling investigations of composite materials and structures. Chapter 3 presents the 

formulation of the analytical and numerical models for the buckling and postbuckling 

responses. Chapter 4 provides the details of the experimental program. The experimental 

buckling, postbuckling and crippling responses are presented in Chapter 5. The discussion 

of the experimental results is contained in Chapter 6. The correlation between the predicted 

and observed responses is included in the discussion. Chapter 7 provides a summary of 

the accomplishments and results, and recommendations for further work.



CHAPTER 2. BACKGROUND 

2.1 Stability of Plates and Shells 

A conventional approach to the design of a structure requiring a high stiffness-to- 

weight ratio employs a thin, stressed skin, which is reinforced by an underlying gridwork 

of beam-column-like stiffeners. A cylindrical fuselage, for example, might be constructed 

using a thin, cylindrical skin, stiffened by circumferential rings and longitudinal stringers. 

Many stiffener geometries are comprised of several plate-like strips, and are formed by 

folding or extruding operations. Common configurations include cross-sections of angle, 

channel, hat, I, J, T or Z shape, as shown in Figure 2-1. An unreinforced thin plate or 

shell would be susceptible to buckling under relatively low compressive loadings. The 

stiffeners reduce the susceptibility to buckling by essentially partitioning the skin into a 

series of smaller panels, the boundaries of which are defined by the gridwork of stiffeners. 

Under compressive loading, the skin may still buckle locally between stiffeners, but this 

will occur at much higher loads than in the unstiffened case. The in-plane stiffness of the 

skin is greatly reduced as a result of buckling, so that additional load will tend to 

concentrate into the stiffeners. At still higher loads, the stiffeners themselves may also 

undergo buckling. The in-plane stiffnesses of the various plate elements comprising the 

stiffener are similarly reduced as a result of local buckling in the stiffeners. Additional load 

will tend to concentrate into the nominally, straight, unbuckled portions of the stiffeners 

corresponding to the junctions between the various elements. The final failure or crippling 

process in a metallic stiffened panel typically is associated with material yielding in the 

corners of the stiffeners. This local collapse of the stiffener may then determine the 

strength of the entire stiffened panel. The buckling and crippling behavior of individual 

metallic stiffeners has been extensively characterized, due to the role of these responses in 

determining overall panel strength. 

Composite materials offer higher specific strength and stiffness than the commonly 

used metal alloys. One approach to fabricating high stiffness-to-weight ratio structures 

using composite materials is to use the same stiffened skin approach that is being used for 

metallic structures. Investigations of the buckling of composites reported in the literature



have largely concentrated on the subcomponents of a stiffened panel, i.e. the stiffeners 

themselves and the unstiffened plate alone. Analyses of the subcomponents tend to be 

more tractable and less expensive than studies of the entire stiffened panel. In addition, the 

understanding of the individual responses might be used in formulating design 

methodologies, as has been done for the metallic stiffened panels. The presence of the 

same progression of buckling and postbuckling responses in the composite structure has 

necessitated the study of the buckling and crippling behavior of individual composite 

stiffeners. Much of the earliest experimental work was performed by Spier [1] using 

channel, hat, I and Z-section stiffeners. The laminates were [+45/03/90], A-S/3501-6 

graphite/epoxy. Both the semi-static and cyclic buckling responses were investigated. A 

significant finding of Spiers work was that channel and Z-sections of the same cross- 

sectional dimensions had different crippling strengths. Spier indicated that the lower 

crippling strength of the channel sections was associated with a shift of the neutral axis in 

those sections after buckling, which increased the maximum compressive strain locally. 

The neutral axis shifted away from the plate elements which were critical with respect to 

buckling. For example, specimens with large flanges underwent buckling in the flanges 

first, so that the reduction in axial stiffness in the flanges caused a shift in the neutral axis 

toward the web. Little or no shift was observed in the Z-sections due to the point 

symmetry about the center of the web. Some of the stiffeners were cycled above and 

below the buckling load for up to 100,000 cycles at two cycles per second. Those which 

failed during this cyclic loading typically exhibited a change in the number of half waves in 

the buckled shape over the load range. The stiffeners which survived the cyclic loading did 

not exhibit a mode number change over the load range. 

A second extensive experimental program consisting of 13 channel and 11 Z- 

sections is reported in Reference 2. Three stacking sequences of AS4/3502 graphite/epoxy 

were tested: [+45/0/90]<, [£45/0/90]2, and [45/-459/45/90/03],;. Flange-to-web corner radii 

were 0.125 and 0.25 in. The ends of the specimens were potted in an aluminum-filled 

epoxy compound to a depth of 1 inch, to aid in the uniform introduction of load, prevent 

separation of the plies in contact with the platens of the load frame and simulate clamped 

boundary conditions. Both global and local buckling responses were observed, in addition 

to short column material crushing, and one instance of unstable column buckling with local 

buckling interaction. Buckling loads were predicted using the PASCO and VIPASA 

computer codes. Agreement between the predicted and observed buckling loads was



improved by using the observed prebuckling stiffness of each specimen to estimate the 

corresponding ply stiffness in the fiber direction to be used in the analyses. This work also 

identified that several crippling mechanisms may be present in composite stiffeners, 

including failure in the corner and delamination at the flange free edge. 

An experimental program based on I-sections fabricated from C3000/5225 

graphite/epoxy woven cloth is reported in References 3 and 4. Reference 3 discusses the 

results for I-sections with the same stacking sequences ([+45/0/-45]s, [0/90]2s, [+45/0/90/- 

45]s, [0/445/90]; and [0/90/0]s) in the flanges and web. The stacking sequences in the 

work of Reference 4 were [0]4s, [45/02/45]s, [0/452/0]s, [0]35 and [45/0/45];. The 

stacking sequences in the flanges were defined by continuing the web plies divided at the 

midsurface with half going to each flange, and capping the result with 0° fibers to produce 

the same thickness as in the web. High-speed (300 frames per second) photography of the 

failure process revealed that crippling did initiate at the free edge of the flange followed by 

web failure in an ultimate strength mode [4]. An analytical and experimental program [5] 

was performed using AS4/PEEK graphite/thermoplastic (APC-2) angle and channel section 

stiffeners to evaluate whether the increased toughness of the thermoplastic matrix material 

improved the crippling strength relative to available data for similar stiffeners fabricated 

from T300/5208 graphite/epoxy . The ends of these specimens were potted in an 

aluminum-filled epoxy compound to a depth of 1/2 inch. The predominant crippling 

mechanism observed involved delamination of the outer plies of the laminate. There were 

no discernable differences in the crippling stresses between the graphite/thermoplastic and 

graphite/thermoset material systems. Reference 5 also reports results from an analytical 

Ritz-type model for predicting buckling loads. In this analysis, the stiffener is modelled as 

being comprised of individual plate elements which are simply-supported at the plate 

junctions, neglecting the actual rotational restraint present between adjacent plate elements. 

The estimated buckling loads in Reference 5 for channel sections were below the 

experimental values by 19% and 7.5% on average for the assumptions of simply-supported 

and clamped boundary conditions on the loaded edges, respectively. The underestimation 

of the buckling loads was attributed to the assumption of simply-supported conditions at 

the flange-to-web junctions. 

Experimental and finite element analyses of the buckling of square tube and channel 

sections are reported in Reference 6. Stacking sequences for the channel sections were



[+15/0].2 and [+15/0],; AS4/3501-6 graphite/epoxy. The sections were formed over a 

square section elastomeric core, which was removed prior to loading of the stiffeners. The 

finite element analysis was based on an hybrid-stress SemiLoof element [7]. Crippling 

was caused by delamination, with delamination present in the corner regions. 

A continuation of the stiffener crippling work of Reference 2 is reported in 

Reference 8. The stiffener configurations evaluated were I, J, channel and Z-sections. The 

same material system and stacking sequences of Reference 2 were used. Flange-to-web 

comer radii were 0.125 and 0.25 in. The buckling and crippling stresses of specimens of 

the I and J configurations with the larger corner radius were 75-100% and 50% greater, 

respectively, than equivalent specimens with the smaller corner radius. These significant 

increases in stresses as a function of corner radius were not observed in the channel and Z- 

sections. Additional volume was associated with the larger corner radius in the I and J- 

sections, since flanges exist on both sides of the web in these geometries. This additional 

volume was filled by "rolls" of 0° fibers, which accounts for the significant increases in 

stresses observed. No additional volume is associated with the larger corner radius in the 

channel and Z-sections (in fact a slight reduction occurs), since at each end of the web a 

flange exists on only one side of the web. The experimental crippling results, particularly 

for the I-sections, indicated a dependence of the crippling mode on the flange width-to- 

thickness (b¢/t) ratio. For values of this ratio greater than 20, the wide, thin flanges could 

tolerate significant postbuckling displacements, with the load being concentrated in the 

corners. The crippling mode was then crushing in the corner regions. The crippling mode 

for b¢/t ratios between 10 and 20 was delamination at the flange free edge. For values of 

this ratio less than 10, the relatively thick flanges were more resistant to buckling. The 

failure mode was essentially material failure coincident with buckling. The initial buckling 

loads and postbuckling responses were calculated using the finite element code STAGS 

(STructural Analysis of General Shells). Agreement between the predicted and observed 

load-end shortening responses was excellent through buckling, but degraded with 

increasing load in the postbuckling region. Linear (eigenvalue) buckling load predictions 

for the Z-sections, for example, were 12.1 to 13.7% higher than the experimental values. 

Buckling loads calculated from the nonlinear analyses (compression of the stiffener with an 

imperfection added) were in error from only -1.2% to 6.8%. The load predicted at the end 

shortening value corresponding to crippling of an I-section stiffener with a significant 

postbuckling response (Pcrippling/Pbuckling = 3-5) was 13.6% high relative to the



experimental maximum load. The excess stiffness of the finite element model was 

attributed in part to the lack of shear deformability in the elements used. The development 

of damage in the specimens was also cited as a cause for the discrepancy between the 

numerical and experimental results [8]. 

Several analytical and numerical models for predicting the buckling and 

postbuckling responses of stiffeners have been published, in addition to those methods 

discussed above. Since the common stiffener geometries can be represented as a set of 

connected plate-strips, many of the analytical models have been based on classical analyses 

of plate buckling with appropriate (or at least conservative) boundary conditions imposed at 

the junctions between plate elements. The fundamentals of the stability analyses of 

isotropic and anisotropic plates can be found in References 9 and 10, respectively. An 

overview of recent work addressing the buckling of composite plates is given in Reference 

11. Reference 9 also includes discussion of the buckling responses of isotropic, linked- 

plate structures in the torsional, torsional-flexural and local buckling response modes. The 

analysis method of Reference 9 for local buckling was extended by Lee [12] to apply to the 

case of linked-plate structures fabricated from orthotropic materials. In these models, the 

actual elastic restraint between the flange and web is modelled, in contrast to the Ritz 

analysis discussed above and in Reference 5. Lee's model has been extended in the current 

work and will be discussed in detail in Chapter 3. More recently, Rehfield and Atilgan [13] 

have presented a model for buckling of thin-walled, laminated composite, open section 

beams, which includes transverse shear effects. Rehfield and Atilgan note that buckling 

load predictions using this model are in good agreement with the experimental data of 

Reference 6 for channel sections. The finite strip [14,15] and Raleigh-Ritz methods 

[16,17] are also available for the buckling and nonlinear postbuckling analyses of laminated 

composite, linked-plate structures, including the elastic restraint at the plate junctions. 

Due to the complex, multi-mode nature of the crippling process in composite 

materials, satisfactory models for the prediction of crippling loads are lacking. Early 

efforts [18,19] were based on modifications of the same semi-empirical, power law 

relationships that have been used with metallic structures . Recently, Rehfield and Parnas 

[20] pointed out that the fundamental differences between the crippling responses of 

metallic and composite structures may require several, new models for predicting crippling 

in composites. In Reference 20, a model is described which addresses the corner crushing



type of crippling failure. The model consists of an analytical nonlinear, postbuckling 

analysis of a simply-supported plate, which is intended to represent the web. A maximum 

strain criterion is applied to predict the crippling load. The result is that a linear relationship 

between the buckling and crippling stresses is predicted. Rehfield and Parnas state that 

comparisons with the limited experimental data of References 3 and 4 are encouraging. 

2.2 Scaling Concepts and Previous Work 

One method of structural design evaluation has been based on the production of 

costly prototypes and large scale experimental verification. In many instances, the costs 

associated with this process may be prohibitive. In some cases, the size and nature of the 

structure may allow limited testing of nothing but the final, as-built configuration, or may 

preclude testing of the full size component completely. The size limitation might be 

manifested in the case of large bridges or dams. The size and flexibility of large space 

structures which are intended to be assembled in space may also preclude full size testing 

on earth [21]. For example, testing the full size component on earth may be precluded by 

the presence of response modes such as buckling by self-weight, which might not be 

encountered in space. Scale model testing has been used in the design process as an 

economical alternative to full size component testing. Scale models have also been 

employed to evaluate structural response when the available analysis tools are inadequate 

with respect to the modelling of the geometry and/or response. The cost of full size testing 

of composite structures may be even more prohibitive due to the significantly higher 

material costs. The tailorability of laminate properties introduces the possibility of more 

design iterations being desirable. In addition, measuring structural response with new 

material systems may be desirable, but might not be possible using a full size component 

due to the small quantity of the new material which would likely be initially available. The 

cost and feasibility motivations for performing scale model tests are, therefore, further 

intensified when composite materials are being used. 

Scale model testing requires that the relationships between the responses of the 

small scale model and full size component be known so that the behavior of the model can 

be used to predict the responses of the full size component. The relationships between the 

responses can be obtained through applied mechanics techniques. However, the presence 

of physical constraints or conflicts can prevent the complete reproduction of certain



responses in small scale models. Responses subject to such physical constraints or scaling 

conflicts include rate-dependent and notch-sensitive behaviors [22]. Furthermore, the 

mechanics techniques are still evolving for advanced material systems and may not provide 

the "scaling" relationships at the local material level necessary to relate all aspects of the 

response throughout the size range. Therefore, work is needed to 1) obtain the scaling 

relationships which define how the response of composite structures should scale and 2) 

experimentally validate those relationships and identify the presence of any non-scaled 

behavior. 

Some experimental and analytical scaling studies involving composite materials are 

available in the literature. In Reference 23, Kellas and Morton investigated the stiffness 

and strength scaling of various AS4/3502 graphite/epoxy laminates, including cross-ply, 

angle-ply and quasi-isotropic stacking sequences. A significant strength scale effect was 

observed, in which the smaller size specimens exhibited higher strengths. The strength 

scale effect was most pronounced in the matrix-dominated laminates. Also observed was 

the dependence of the failure mode on specimen size. This dependence was greatest in the 

fiber-dominated laminates. The laminates were scaled on a ply-level basis, in which plies 

of like orientation were stacked together to produce the larger sizes. This method is in 

contrast to the sub-laminate scaling method in which a group of plies are repeated as a 

group in order to obtain the larger sizes. A consequence of the ply-level method of scaling 

employed in Reference 23 was significant cure-induced matrix cracking present in the 

larger sizes, even before first loading. This matrix cracking effectively decoupled groups 

of plies and is expected to be an underlying factor relative to the size dependences 

observed. A significant implication of this work is that "size effects" may be associated 

with both methods of laminate scaling. The size effect associated with the ply-level method 

has already been discussed. In the case of the sub-laminate scaling method, bending 

stiffnesses do not scale exactly with the cube of the thickness. If a set of specimens are 

scaled in this manner and the mechanics governing the response are not known, then the 

non-scaled bending stiffnesses may result in an apparent size effect in the observed 

response. Naturally, if a known, complete mechanics model is being used to judge the 

degree to which the response is scaled, then the actual bending stiffnesses could be used 

and would not be cause for a scale effect in the response. 
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A scaling study of the transverse impact response of AS4/3502 graphite/epoxy 

composite beams was reported by Morton in Reference 22. Stacking sequences evaluated 

were unidirectional, cross-ply, angle-ply and quasi-isotropic. The impact force magnitude 

and duration responses scaled to within +10% in the elastic range. While the degree of 

scaling achieved is good, the bulk of the error is attributed to the fact that the as-cured 

thicknesses did not scale exactly. Scaling degraded once damage developed in the 

specimens. A strength scale effect was also observed in this work, with the smaller 

specimens exhibiting greater strength. 

References 24 and 25 discuss a scaling study of the semi-static and dynamic 

responses of eccentrically loaded AS4/3502 graphite/epoxy laminated composite beam- 

columns. Eight different scale models were evaluated, with the largest being 30 in. by 3.0 

in. by 48 plies thick. Stacking sequences evaluated were unidirectional, cross-ply, angle- 

ply and quasi-isotropic. The static load-displacement responses scaled in the small 

deflection regime, but departures from scaled behavior occurred in the nonlinear response. 

The departures in the scaled behavior were most pronounced in the angle-ply laminates. 

The smaller specimens failed at much higher normalized loads and end shortenings, again 

indicating the presence of a strength scale effect. Damage modes were observed to be 

consistent within a laminate family and did not exhibit a scale effect, in contrast to the 

tensile strength work discussed above and in Reference 23. Scaling of the dynamic load- 

time and strain-time responses was excellent only in the case of the unidirectional 

laminates, with the angle-ply laminates exhibiting the poorest degree of scaled behavior. 

A scaling study of the transverse impact of square laminated composite plates is 

discussed in Reference 26. The laminates were [(£72),/02,]; AS4/3501-6 graphite/epoxy, 

with the scale factor A ranging from 1 to 5. The load-time and strain-time responses scaled 

well for low energy impacts, which were believed to be below the threshold for laminate 

damage. A scale effect was observed in the development of damage under higher energy 

impacts, with greater delamination occurring in the larger sizes. 

A consistent theme emerges from the above studies. The first point is that the 

degree of scaled response is greatest in the linear or small deflection response regime, 

which is also most pronounced in fiber-dominated laminates. The second observation is 

that laminate damage and failure processes do not yet appear to scale, at least based on the 
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dimensional analyses performed to date using only the more macroscopic structural and 

material parameters. 

Analytical derivations of scaling laws for the responses of orthotropic cylinders are 

provided in References 27 and 28. Reference 27 contains a detailed derivation of 

nondimensional parameters using the principles of dimensional analysis. In Reference 28, 

nondimensional parameters for the magnitude and location of the maximum transverse 

displacement are obtained for the case of long cylinders by taking a limit of the governing 

analytical equation. A derivation of scaling parameters for the buckling and postbuckling 

of orthotropic plates was reported in Reference 29. The scaling parameters were obtained 

by nondimensionalization of the stability equation for buckling (see Chapter 3) and the 

nonlinear, large-deflection equations of von Karman for postbuckling. Normalized 

buckling loads were presented in terms of an aspect ratio parameter and a twisting stiffness 

parameter, which are respectively, 

a 4/D22 ang Diz t+ 2 Des 
b V Di YD}; D2 (2.1) 

where a and b are the longitudinal and transverse dimensions of the plate, and the Djj (i,j = 

1,2,6) are the bending stiffnesses. Additional parameters for postbuckling are, 

A22Du ang Au A22- Ai?” - 2 Aj2 Ace 
Aj; D22 2 Age VA}; Az2 (2.2) 

  

where the Ajj (i,j = 1,2,6) are the extensional stiffnesses. Nondimensional buckling and 

postbuckling responses can be presented for all material systems, stacking sequences and 

plate dimensions through use of these parameters. 

2.3. Approaches to Scaling Studies 

The approach to scaling used in all of the studies discussed above, with the 

exception of References 28 and 29, is the traditional method of dimensional analysis or 

similitude [30]. The initial step in a dimensional analysis is to identify a complete set of 

variables which influence the specific response under consideration. The physical 
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dimensions of these variables are then catalogued. The variables are then combined such 

that the resulting groups are nondimensional. The number of these nondimensional groups 

required is generally equal to the number of variables in the set minus the number of 

characteristic dimensions (force, length, time etc.) present in the variables. The normalized 

response of a small scale model and a full size component are then expected to be the same 

provided the model is constructed such that the values of these nondimensional groups 

remain the same as for the full size structure. It should be noted that the functional form of 

the relationship between the variables is neither obtained nor needed in this approach. It is 

sufficient to say that such a relationship does exist (even if it hasn't been found) and to 

recognize that it could be transformed into an expression involving the nondimensional 

groups. Clearly, there is no requirement that this latter expression be of any specific type 

(i.e. linear load-deflection response). The advantage of this method is that even complex 

behavior of a full size structure can be predicted through the use of (complete) small scale 

models, prediction of which might be presently intractable by analytical means. The review 

of previous scaling studies involving composite materials indicated that some responses did 

not scale. Apparent nonscaled behavior may result from two sources. The first is that a 

genuine scale effect may exist. A scale effect may either be readily predicted from the 

governing mechanics (as in the case of notch-sensitive behavior [22]) or may result from 

contradictory physical constraints which dictate that the model should be scaled in different 

ways simultaneously (as in the case of rate-sensitive behavior [22]). Apparent nonscaled 

behavior may also result from use of an incomplete set of parameters in the dimensional 

analysis. It is not yet known which micromechanical features of composite materials must 

be included in a dimensional analysis to form a sufficiently complete set. 

A second approach to scaling is possible if a mechanics model governing the 

response is available. One possibility then is to nondimensionalize the governing 

equations. Dimensionless coefficients appear preceding the various terms in the equations 

as aresult. This is the approach that was used in the work of Reference 29. A second 

possibility is to use the governing mechanics model as a criterion for evaluating the degree 

to which the behavior is scaled. Then, a scale effect is identified as a departure of the 

response from the known mechanics model, which occurs systematically with specimen 

size. In contrast to the similitude approach, the mechanistic approach permits "selective 

scaling" or the evaluation of the response as a subset of the material and/or geometric 

parameters is varied. This approach may be preferred when there are many variables 
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involved in characterizing the response, and when it is desired to determine the sensitivity 

of the response to the change in individual variables. Two possibilities arise when an 

apparent scale effect is observed in a study using this method. The first is that the observed 

phenomena is a genuine manifestation of the influence of specimen size on structural 

response, such as might occur in the case of a scaling conflict as noted above. The second 

possibility is that the available mechanics model is incomplete with respect to at least some 

of the processes active in determining the response. An obvious difficulty with this 

mechanistic approach to scaling is the need to be able to separate genuine scale effects from 

any inadequacies in the mechanics model being used. Nevertheless, the mechanistic 

approach to scaling has been used in the present work, because of the many geometric and 

material variables involved in characterizing a stiffener and the desire to maximize the 

amount of fundamental understanding of stiffener buckling and crippling responses 

through evaluation of a wide range of these parameters. 
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CHAPTER 3. THEORETICAL INVESTIGATION 

3.1 Initial Local Buckling 

3.1.1 Analytical Model 

The geometric parameters pertinent to a Z-section stiffener are the web (by) and 

flange (be) widths, the flange-to-web corner radius (r), the thickness (t) and the length (L). 

The conventions used for these dimensions are identified on a schematic cross-section of a 

Z-section stiffener in Figure 3-1. Bulson developed an analytical model for the initial local 

buckling of an isotropic Z-section stiffener with right angle flange-to-web corners [9]. 

This model is based on a classical linked-plate analysis, in which equilibrium of the 

bending moments and equivalence of the slopes of the out-of-plane deflections are enforced 

at the flange-to-web junctions. The model was extended by Lee [12] to apply to sections 

comprised of single-layered orthotropic plates. A further generalization to the case of 

Symmetric laminates has been achieved in the current work, albeit with the limitation that 

bending-twisting coupling is neglected. 

The mathematical derivation is provided below in outline form, while more 

complete details are given in the Appendix. The domain of the model consists of one 

flange and one-half of the web (from the flange-to-web corner to the web centerline), as 

shown in Figure 3-2. The symmetry of the web about the web center is used to permit 

modelling of only half of this member. Coordinate systems with origins at the flange-to- 

web corner are defined for the web and flange plate elements. Governing differential 

equations for each of the two plate elements may be written as: 

    

aw aw dw | aw 
Di1:— + 2(D12+ 2D¢60 + Doz— + N, =0 

ax4 dx*dy? dy4 dx? (3.1) 

where Dijj (i, J = 1, 2, 6) are the orthotropic plate bending stiffnesses, w is the out-of-plane 

deflection, x and y are longitudinal and transverse in-plane coordinates respectively, and 
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Nx is the axial load per unit width. Separate displacement functions w(x,y) are assumed in 

the web and flange of the form: 

_ +) MEX w(x,y) = f(y) sin L (3.2) 

where L is the plate length and m is the number of half-waves in the buckled shape. The 

functions f(y) describe the variation of the displacement in the transverse direction and are 

as of yet undetermined. Use of these displacement functions transforms the two partial 

differential equations in terms of w(x,y) into two ordinary differential equations in terms of 

f(y). A general solution of these ordinary differential equations is of the form: 

f(y) = A; cosh Ay + A2 sinh Ay + A3cos wy + Aysin wy (3.3) 

where the Aj (i=1 to 4) are undetermined coefficients (which remain undetermined, since 

they physically represent the amplitude of the buckling displacements) and A and @ are 

combinations of the plate dimensions and bending stiffnesses: 

  

A, @O= mx/ 4 (P= Du, Nx Nx (+ + D33 

D22/ Dz2 D222 D22 (3.4) 

where D33 = Dj2 + 2Dé66. A total of eight boundary and/or transition conditions are needed 

for a specific solution of the two ordinary differential equations. Equilibrium of the 

bending moments and equivalence of rotations are enforced at the web-to-flange joints and 

provides two transition conditions. The corner is assumed to remain straight. Therefore, 

zero transverse displacement at the flange-to-web joint provides two boundary conditions. 

For the web, the two remaining boundary conditions are zero transverse slope and shear 

force due to the state of symmetry which exists along the web centerline. For the flange, 

the two remaining boundary conditions are zero shear force and bending moment along the 

free edge. The mathematical statement of these boundary conditions produces a system of 

eight equations involving the unknown constants (A1 - A4)web and (Aq - A4)flange. The 

final governing or characteristic equation is obtained by setting the determinant of the 

coefficients of these unknown constants to zero. The resulting equation can be expressed 

in the form: 
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F(SS-free) F(SS-symmetric) eee =0 F(clamped-free) lnange (3.5) F(clamped-symmetric) |web 
  

  

bw. 
” be 

  

where each function F( ) is the characteristic equation of a plate under the indicated 

boundary conditions on the unloaded edges; SS refers to a simply-supported boundary, 

symmetric refers to the plate edge being in a plane of symmetry, and bg and byw refer to the 

flange and web widths, respectively. Each characteristic equation represents the expanded 

determinant of the coefficient matrix formed by application of the indicated boundary 

conditions. The governing equation is solved iteratively for the buckling load. 

Several nondimensional terms appear in the analysis. Two such terms that will 

prove valuable in what follows are defined as: 

    

o =x by? 

¥Di1 D22 (3.6) 

and 

p= mtba.a/ (Px Du, Ne (1 _D33 
D22/ D2 "Doo mnt D22 (3.7) 

3.1.2 Finite Element Model 

The finite element method permitted correction of the two limitations of the 

analytical model identified above; those being the assumption that the flange and web meet 

at right angles and the omission of the bending-twisting coupling. The actual flange-to- 

web corner consists of a quarter of a right, circular cylinder, which is defined by the 

forming tool used to fabricate the stiffener. The bending-twisting coupling is represented 

by the Dig (G=1,2) bending stiffnesses and is a result of non-zero rotated material 

stiffnesses Qi¢ (i=1,2) associated with the off-axis plies present in generally laminated 

composites. The ABAQUS finite element code was used for the analyses, which were 

conducted on an Apollo DN4000 work station. Eight and nine-node shear deformable shell 
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elements with five or six degrees of freedom (dof) per node were used. Transverse shear 

force resultants were available for the case of the six dof/node elements only. The six 

degrees of freedom consisted of three displacements and three global rotations. The 

degrees of freedom for the five dof/node elements were three displacements and two in- 

surface rotations. The shell elements are formulated based on a degenerated three- 

dimensional theory. Integration is performed through the thickness of the shell, which 

permitted definition of a laminated composite directly in terms of the properties of the 

individual laminae. A typical finite element mesh is shown in Figure 3-3, which consists 

of 3 elements in each of the flange, web and corner regions, and 16 elements along the 

length. The number of elements used ranged from 160 to 544. The overall load-end 

shortening response was determined to have converged for the 160-element models. The 

more refined meshes were used to evaluate the local strain states in more detail. The 

ABAQUS user's manual identifies Reference 31 as a useful reference for the shell element 

formulation. 

The eigenvalue buckling problem is described in the following. Consider that the 

structure is first loaded with fixed or "dead" loads, FP, (n=1 to the number of degrees of 

freedom in the model), and that the elastic tangent stiffness matrix in this configuration is 

[Kp]. Now consider that additional "live" loading F“, is applied, which results in the 

elastic tangent stiffness matrix under the combined loads becoming [Kz] = [Kp] + 

[AKpz]. Assume that the change in stiffness [AKpy] is proportional to the change in the 

loads FL. This implies that the stiffness under the load state FD, + AFL, is [K.] = [Kp] + 

A[AKpr]. The incremental load - displacement relationship is, therefore, [[Kp] + 

A[AKpi]] {du} = {dF}, where {du} and {dF} are the vectors of incremental displacements 

and forces, respectively. Precisely at the buckling load, both the original and the buckled 

configurations may exist. There can then be a shift from the original configuration to the 

buckled state, with no change in load. Mathematically, this is stated as the eigenvalue 

problem [[Kp] + A[AKpz]]{du} = {0}. The objective now is to extract the desired 

number of eigenvalues, Aj , which determine the buckling loads as FD, + AjFLy. 

ABAQUS performs the eigenvalue extraction using the subspace iteration technique [32], 

with the Householder Method and the QR method of Francis [33]. 
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3.2 Postbuckling 

The ABAQUS finite element code was also used to perform geometrically nonlinear 

postbuckling analyses based on the Newton -Raphson method with and without a modified 

Riks procedure [34]. The Newton-Raphson technique is used to obtain the solution at a 

specific point on the load-deflection curve, while the modified Riks procedure manages the 

load incrementation to be used to trace the load-deflection curve. Let the basic finite 

element equation be stated as: [K(u)]{u} = (F}, where {u} is the column vector of 

generalized displacements, [K(u)] is the nonlinear direct stiffness matrix (which is 

nonlinear because it is a function of the solution {u}) and {F} is the generalized force 

vector. In the Newton-Raphson method, a residual vector {R} is defined as {R} = 

[K]{u,} - {F}, where (u,;} is the approximate solution after the r“® iteration. The residual 

vector can be expanded in a Taylor series in the form: 

(R) = (Rew) + FOO (Bur) + O(Bur)) 
ur } (3.8) 

which becomes zero when the solution has converged. The derivative of the residual 

vector with respect to the solution vector is defined as the tangent stiffness matrix, [K"]. 

The equation {R} =[K]{ur} - {F} can then be rewritten to provide an iterative scheme for 

solving the nonlinear equations as follows: 

[K*" (ur)] {Su} = -{R(ur)} = (F} - [K(ur)] {ur} (3.9) 

The solution is updated after each iteration using the relation {uy41} = (u;} + {du}. This 

process is continued until the solution of the r+1" iteration is sufficiently close to the 

solution of the r“ iteration. While not a factor in the current work, the Riks procedure is 

particularly advantageous for the case of unstable equilibrium paths, such as that of a 

cylindrical shell. The load increment is obtained as part of the solution, and is chosen in 

such a way that singular points in the load-deflection curve are avoided. In this procedure, 

the vector formed by the load and displacement degrees of freedom from the ith load 

increment is extrapolated by an amount defined by a pathlength parameter. The i+1th 

solution is then found by searching for equilibrium on the surface of a sphere normal to this 

vector. The modification of the Riks procedure used in ABAQUS essentially consists of 

using the surface of a sphere for the equilibrium search, as opposed to the surface of a 
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plane. Typically, the analyses were first performed using the Riks procedure to 

characterize the overall response, and then repeated using only the Newton-Raphson 

method to explicitly control (i.e. increase) the number of load steps taken near the buckling 

load. 

The postbuckling analyses required that the surface of the “perfect” or unbuckled 

stiffeners be perturbed slightly to ensure that the secondary (postbuckled) load path would 

be selected by ABAQUS, as opposed to continuing along the primary path which is 

physically unstable beyond buckling. The eigenvalue buckling analyses provided the 

eigenvectors or mode shapes for each buckling load, normalized to a unit maximum out-of- 

plane displacement. A computer routine was written which added the buckling 

displacements corresponding to the first two buckling modes, normalized the resulting 

amplitude to a desired fraction of the laminate thickness, and added the result to the nodal 

coordinates. These "perturbed" models were then used in the nonlinear postbuckling 

analyses. Initial imperfection magnitudes of 1, 5 and 10% of the thickness of a nominal 8- 

ply laminate (0.04 in.) were used. 

The analytical and numerical studies were used to define an experimental program. 

The objectives of the experimental program were to investigate the parametric sensitivity of 

the buckling, postbuckling and crippling responses to various geometric and material 

variables and to determine to what extend these responses scaled according to the 

mechanics models. Since local buckling was of primary interest, the analyses aided in the 

sizing of the specimens to avoid competing, dominant modes, such as torsional and 

flexural buckling. 
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CHAPTER 4. EXPERIMENTAL PROGRAM 

4.1 Specimen Geometries and Stacking Sequences 

The geometric parameters pertinent to a Z-section stiffener are the web (by) and 

flange (be) widths, the flange-to-web corner radius (r), the thickness (t) and the length (L). 

The experimental program was composed of three phases. The first phase was directed 

toward evaluating the effects of the corner radius, using section stock available from 

previous work [2,8]. Determining the effect of the web width was the objective of the 

second phase. The effects of stacking sequence and laminate thickness were investigated in 

the third phase. Various flange widths were considered in all three phases. Values of the 

geometric parameters and stacking sequences for the test specimens are contained in Table 

4-1. 

Available section stock of the quasi-isotropic stacking sequence [+45/0/90]; had 

previously been fabricated from Hercules Inc. AS4/3502 graphite/epoxy preimpregnated 

tape by the Lockheed-Georgia Company using an open die and autoclave curing under 

vacuum. Corner radii of 0.125 and 0.25 in., and a web width of 1.25 in. were available. 

Web widths of 1.75 and 0.75 in. were selected for phase two to complement the web width 

of 1.25 in. of the first phase. The corner radius for the specimens in phase two was also 

0.125 in. In the third phase, the effect of laminate thickness was investigated using a 16- 

ply quasi-isotropic laminate [+45/0/90]95. Note that this laminate is scaled on a sub- 

laminate basis, so that the 4-ply groups +45/-45/0/90 and 90/0/-45/+45 are repeated twice 

in order to double the thickness. This method is in contrast to the ply-thickness scaling 

method in which the individual plies of like orientation are blocked together, in effect 

increasing the effective ply thickness. The rationale for selecting the sub-laminate scaling 

method was to avoid the cure-induced matrix cracking which has been observed in the 

"thick" plies when using the ply-thickness scaling method [23]. A consequence of using 

the sub-laminate scaling method is that the bending stiffnesses do not scale exactly with t3, 

as they do with the ply-thickness scaling method. This is of little concern in the present 

work, since the degree to which the behavior is scaled is judge relative to mechanics 

models and the “actual” stiffnesses for each specimen may used as inputs to these models. 

21



The method in which the stiffnesses scale will more strongly influence an experimental 

program in which the specimens are being scaled according to similitude principles. An 

unorthodox [+30/02/-30]; laminate was also selected for phase three in order to evaluate the 

generality of the scaling parameters developed for a greater degree of bending-twisting 

coupling and orthotropy than exist in the [+45/0/90], laminate. Recall that the bending- 

twisting coupling is neglected from the analytical model discussed in Chapter 3. The 

specimens in phases two and three were fabricated at NASA Langley Research Center, also 

using an open die and autoclave curing. The AS4/3502 graphite/epoxy material system 

was also used in the later phases, for consistency with the first. 

The flange widths were selected to maximize the range of the flange-to-web width 

ratio and also to avoid competing modes such as torsional buckling and material crushing 

without buckling. Accordingly, the flange widths for specimens having the 8-ply laminates 

were 0.5, 0.75, 1.0 and 1.25 in. (with a maximum flange-to-web width ratio of 1). For 

specimens of the 16-ply laminates, flange widths of 0.75, 1.0 and 1.25 in. were selected. 

Specimen lengths were selected such that the buckled mode shapes would include 

several half waves and yet avoid competing modes such as column buckling. Therefore, 

all specimens with flange sizes of 1.0 and 1.25 in. have a gage length of 10 in. Specimens 

having the smaller flange widths have a gage length of 6 in. The total length of each 

specimen was 2 in. longer than the gage length in order to accommodate the 1 in. deep 

potted end supports at each end of the specimen. The ends of the specimens were 

encapsulated in 4-5 in. diameter steel or aluminum rings using an aluminum-filled epoxy 

compound. These potted end supports promote uniform introduction of the axial load, 

prevent end-brooming or delamination at the contact point and simulate clamped boundary 

conditions. 

Table 4-1 also contains a description of the specimen designations which will be 

used when referring to the results of specific specimens. Individual specimens will be 

identified using a name of the form ABCD-#, where A, B and C are digits referring to the 

web, flange and corner radii dimensions, D identifies the stacking sequence and "#" the 

individual specimen replicate number. Accordingly, a specimen type, i.e. a specific 

geometry and stacking sequence, will be referred to using the name ABCD, with no 

replicate number needed. For example, A=1, 2, 3 corresponds to web widths of 1.75, 
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1.25 and 0.75 in., respectively. Similarly, B=1, 2, 3, 4 corresponds to flange widths of 

1.25, 1.0, 0.75 and 0.5 in., respectively. Also, C=1, 2 corresponds to corner radii of 

0.125 and 0.25 in., respectively. Finally, D ='s', '-2s', and ‘orth’ will designate the 

[+45/0/90]s, [£45/0/90]2, and [+30/02/-30], laminates, respectively. 

4.2 Material Properties 

Nominal material properties for unidirectional AS4/3502 reported by the 

manufacturer and quoted in References [2,8] are: Ej = 18.5 Msi, Ez = 1.64 Msi, Gj2 = 

0.87 Msi and v12 = 0.30. These properties were used in the bulk of the analytical and 

numerical studies. Classical Lamination Theory predicts equivalent longitudinal moduli Ex 

of 7.423 and 13.33 Msi for the [£45/0/90], and [+30/02/-30], laminates, respectively. The 

as-cured equivalent longitudinal moduli of these laminates in compression were measured 

using coupons 1.5 in. long by 0.75 in. wide cut from the Z-section stock used to fabricate 

the test stiffeners. A compression fixture designed by Professor Gurdal (ESM Dept., 

VPI&SU) was used for this testing. The stress-strain curves for the [+45/0/90], and 

[+30/02/-30]; laminates are contained in Figure 4-1. The initial moduli in compression 

were 7.0 and 12.9 Msi for the [+45/0/90], and [+30/02/-30], laminates, respectively, 

which are within 6% of the predicted values. The tensile modulus for the [+45/0/90], 

laminate was also measured to be 8.4 Msi, which indicates a significant directional 

sensitivity of the response. The linear finite element eigenvalue predictions of the buckling 

stresses for the compression coupons were in excess of 70 ksi. The results in Figure 4-1 

indicate that divergence occurred in the front and back strain gage readings at significantly 

lower stresses, which is indicative of the presence of initial imperfections in the 

compression coupons and/or misalignment of the specimens in the fixture. 

The stress-strain properties of the aluminum-filled epoxy potting compound were 

also measured in compression and shear, using coupons cut from an actual specimen end 

pot. These properties were needed in support of analyses of the constraint of the end 

support on the test stiffeners. The compression behavior was obtained using coupons 1.5 

in. long, 0.75 in. wide and 0.2 in. thick and the Gurdal compression fixture. The shear 

behavior was measured using Iosipescu specimens in a Wyoming Test Fixtures Inc. shear 

test fixture. The compression and shear stress-strain curves for the potting material are 

contained in Figure 4-2. The initial moduli in compression and shear were found to be 
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1.15 and 0.36 Msi, respectively. Yielding in compression occurred at approximately 2000 

psi. Significant nonlinearity is evident in the figure in the subsequent plastic deformation in 

compression and in the entire shear stress-strain response. 

4.3. Specimen Characterization 

The section stock used in this work was of two vintages. The first consisted of the 

eight-ply quasi-isotropic stacking sequence and a web size of 1.25 in. This section stock 

was fabricated by Lockheed-Georgia in the early 1980s for the work of References 2 and 

8. The second group of section stock was fabricated at NASA Langley in the early 1990s. 

The earlier section stock exhibited significant imperfections in the corner regions. 

Representative photomicrographs of the cross-sections of the earlier material are illustrated 

in Figures 4-3 and 4-4, for corner radii of 0.125 and 0.25 in., respectively. In the case of 

the smaller corner radius, the source of the nonuniformity was generally excess resin on the 

outside diameter of the corners. It is presumed that corners exhibiting the thin uniform 

coating of resin were in contact with the forming tool during curing (Figure 4-3a, bottom). 

A localized ridge or bead of resin typically was present along the other corner (Figure 4-3a, 

top) and may be associated with a wrinkle or fold in the bleeder cloth. A corner of one 

specimen, 211s-1, exhibited a less innocuous source of thickness nonuniformity (Figure 4- 

3b, top). There, the inner +45° ply is thinned locally at the flange-to-corner junction. 

Specimens having the larger corner radius suffered from a local change in the shape of one 

corner due to kinking of one or more plies, in addition to the presence of a resin bead along 

the corner (Figure 4-4, top). A surface +45° ply in specimen 232s-2 is seen in Figure 4-4a 

to have migrated away from the outer surface of the corner. Figure 4-4b illustrates the 

distortion of the corner in specimen 222s-1. There, a ridge on the outside diameter of the 

corner is due to both a bead of excess resin and the outward migration of the +45/0/90/90 

ply group. The result of this ply migration is a pure resin pocket in the interior of the 

laminate. The corners opposite to which the ply migration occurred typically underwent a 

gradual thickness variation, with minimum thickness occurring at the center of the arc of 

the corner. 

Thickness uniformity was greatly improved in the later section stock. Figure 4-5 

contains the photomicrographs for specimens 111-2s-1 and 121lorth-1. The thickness 
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control in the 16-ply quasi-isotropic specimen (111-2s-1) is generally good, with a slight 

nonuniformity occurring in one comer, as shown in Figure 4-5a. Specimen 121orth-1 

(Figure 4-5b) exhibited slight thickness variations in the corners and some bowing of the 

web. Representative photomicrographs are shown in Figure 4-6 for 8-ply quasi-isotropic 

specimens 111s-1 and 212s-2, which have corner radii of 0.125 and 0.25 in., respectively. 

The thickness uniformity is very good in these specimens. The saw-tooth pattern visible 

along some of the corners is evidence of the surface texture formed by the resin and bleeder 

cloth. One corner of specimen 212s-2 (Figure 4-6b, top) exhibits the thin resin coating 

observed in all of the earlier sections. 

4.4 Instrumentation 

Back-to-back strain gage pairs were located along the stiffener cross-section at two 

axial locations corresponding to the numerically predicted positions of antinodes of the first 

two buckled mode shapes. Strain gage pairs were oriented both longitudinally and 

transversely to the load direction. The strain gage patterns used are indicated in Figure 4-7. 

The number of gages used ranged from 28 to 36 per specimen. The gage lengths of the 

Strain gages used were 0.031, 0.062, 0.070 and 0.187 in. The smaller gages were used at 

the flange free edge and in the flange-to-web corners. Typical strain gage designations 

included Micro-Measurements CEA-06-062UW-350 and CEA-06-187UW-350. The strain 

gages aided in the determination of the buckling load and also the resulting redistribution of 

load in the postbuckled regime. The strain gages also provided insight into the severity of 

the in-plane stress state when crippling occurred. The back-to-back combination of the 

gages permitted examination of the membrane and bending components of the strains. 

Direct Current Displacement Transducers (DCDTs) were used to measure the end 

shortening and the out-of-plane displacements, typically of the flanges. DCDTs were 

placed at 3 or 4 axial locations near the free ends of both flanges. The DCDTs aided in the 

determination of the initial buckled mode shape as well as the changes in mode shape in the 

postbuckling regime. Use of the DCDTs at the ends of both flanges at the same axial 

position also permitted the identification of any twisting of the stiffener due to the bending- 

twisting coupling inherent in the laminates used. 
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The face of one flange was also monitored using the shadow moire optical 

technique. A lined grating (50 lines/inch) on glass was placed in front of the flange, which 

was painted white. Illumination of the specimen and grating with a bright light source 

projected a shadow of the grating onto the white flange. Fringe patterns were produced as 

a result of optical interference between the actual grating and its shadow on the specimen 

when out-of-plane displacements occurred. The shadow moire provided a distinct, visual 

indication of when buckling occurred and also the resulting mode shape. Distortion of this 

fringe pattern also indicated the presence of twisting of the stiffener. 

Photographs of the experimental set-up illustrating the various types of 

instrumentation are contained in Figure 4-8. The specimen is labelled by "1". Side and 

front views of the moire grating (labelled as "2") are shown in Figures 4-8a and 4-8b, 

respectively. The front view indicates a buckled mode shape consisting of three half- 

waves, with the locations of maximum amplitude (antinodes) occurring at the centers of the 

concentric arcs formed by the fringes. An appreciation for the magnitude of the out-of- 

plane displacements can be obtained from the side view of a flange in Figure 4-8a. The 

DCDTs measuring out-of-plane displacements and end shortening are denoted by the points 

labelled "3" and "5", respectively. The upper platen of the loading machine is labelled as 

"4". The top and bottom potted end supports are denoted by "6". The tests were recorded 

using a video recorder and still photography. Photographs of the failed specimens under 

residual load were also taken. 

4.5 Loading and Data Acquisition 

The specimens were loaded between the platens of a 120,000-lb-capacity Baldwin 

testing machine at NASA Langley Research Center. Loading rate was manually controlled 

at a nominal rate of approximately 25% of the predicted buckling load per minute. Loading 

rate was reduced approximately by one-half after buckling occurred. All data channels 

were recorded at the rate of once every two seconds using a MODCOMP Model 

80211/NEFF Sytem 620 data acquisition system. The data were downloaded from the data 

acquisition system onto personal computers for evaluation. 
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CHAPTER 5. EXPERIMENTAL RESULTS 

5.1 Initial Local Buckling Response 

5.1.1 Buckling Load Determination 

The strain gages and Direct Current Displacement Transducers produced 

quantitative information which was used to determine the buckling loads. The 

methodologies used in determining the buckling loads are discussed in this section. 

As discussed in Chapter 4, strain gages were placed in back-to-back pairs at many 

locations on each specimen. An axial cross-sectional view of a typical strain gage pair is 

shown schematically in Figure 5-1. The state of strain at a gage pair location can be 

separated into membrane and bending components as shown in the figure. The membrane 

Strain is defined as the average of the two strain readings of the pair, while the bending 

Strain is defined as the difference of either strain gage reading from the membrane strain 

level. The strain at a gage location is then equivalent to the membrane strain plus or minus 

the bending strain. A perfectly flat plate loaded in uniform compression along one pair of 

edges would exhibit a nearly uniform state of membrane strain prior to buckling. The 

occurrence of out-of-plane deflections as a result of buckling is accompanied by bending 

strains. The appearance of bending strain could then be used to determine the onset of 

buckling. A real plate, however, will exhibit a certain degree of lack of flatness largely due 

to the fabrication processes. These initial imperfections introduce local eccentricities in the 

load path which must be accompanied by bending moments for equilibrium. The result is 

the presence of some degree of bending strain as soon as the plate is loaded. Once 

buckling occurs, the bending strains will develop at a faster rate. Thus, the change in the 

shape of the load-bending strain response curves can be used to obtain the buckling load of 

a real plate. The load-bending strain behavior for perfect and imperfect plates is shown 

schematically in Figure 5-2. The buckling load of a perfect plate is clearly defined by the 

sudden appearance of bending strain. Some ambiguity in the precise determination of the 

buckling load of the imperfect plate results from the smooth transition of the pre- and 

postbuckling portions of the load-strain behavior. 
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Use of the bending strains to determine the buckling loads of the Z-section 

stiffeners in this work will be illustrated using the data from specimens 111-2s-1, 111s-1 

and 11llorth-1. The geometry consists of by = 1.75 in., bg = 1.25 in., r = 0.125 in. and L 

= 10in. The stacking sequences are [£45/0/90]2s5, [£45/0/90], and [+30/02/-30]s, 

respectively. These specimens are chosen for illustration because the load-strain behavior 

covers the range of imperfection sensitivities observed. The maximum longitudinal and 

transverse bending strains recorded for these specimens as a function of load are contained 

in Figure 5-3. All of the specimens exhibit nonzero bending strains immediately upon 

loading. Tangent lines have been constructed along the prebuckling and initial 

postbuckling portions of the curves. The intersection of these lines is taken to be the 

buckling load, as determined from the strain gage data. 

The relative magnitudes of the longitudinal and transverse bending strains are 

significantly different between the specimens. For the [445/0/90]2, laminate, the 

transverse bending strain is less than the longitudinal bending strain prior to buckling. 

After buckling, the magnitudes are the same (Figure 5-3a). The transverse bending strain 

in the [+30/02/-30], laminate develops at a much faster rate than the longitudinal strain 

(Figure 5-3c). The behavior of specimen 111s-1 is between these two extremes (Figure 5- 

3b). A more convenient comparison of the load-bending strain responses of these 

specimens can be made using Figure 5-4, which consists of separate plots for the 

longitudinal and transverse strains as functions of the load normalized by the buckling 

loads (calculated from the longitudinal bending strains as discussed below). The transverse 

bending strain is seen to increase more rapidly in the case of the [+30/02/-30], laminate 

(Figure 5-4b), whereas the development of longitudinal strain prior to buckling is quite 

similar between the three specimens (Figure 5-4a). The direction of the load path and the 

relative magnitudes of the bending stiffnesses in the two directions will be used to explain 

the observed behavior. While the load path is predominantly longitudinal in nature prior to 

buckling, bending strains due to the initial imperfections will develop in both the 

longitudinal and transverse directions. The longitudinal bending strain naturally results 

from the moment produced by the local eccentricity of the load. The transverse bending 

Strain results from the elastic restraint imposed by the material to either side of the location 

of load eccentricity. This restraint prevents the bending from occurring in a purely 

cylindrical fashion about an axis parallel to the transverse direction (which would result in 
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no transverse bending). Which of these two bending strains is larger is dependent on the 

relative bending stiffnesses in the two directions. The ratios of the transverse to 

longitudinal bending stiffnesses (D22/D 1) are 0.85, 0.79 and 0.17 for the [£45/0/90]2s, 

[45/0/90], and [+30/0/-30], laminates, respectively. In the case of the first two 

laminates, the relative transverse bending stiffnesses are high enough such that less 

curvature (and, therefore, bending) occurs in the transverse direction compared to the 

longitudinal direction. The very low transverse bending stiffness of the [+30/02/-30], 

laminate results in significantly higher transverse bending strains. This laminate is much 

stiffer in the longitudinal direction, with the result that less curvature develops in this 

direction. The load-transverse bending strain behavior for the [+30/02/-30]s laminate did 

not exhibit as clear a transition corresponding to buckling, as did the longitudinal strains, as 

shown in Figure 5-3. In addition, the strain gage data from several of the [+30/02/-30], 

specimens indicated the presence of bending prior to buckling due to a lack of parallelism 

between the two surfaces of the specimens in contact with the load frame. This will be 

further discussed in Section 6.2. These bending strains would be particularly noticeable in 

the transverse direction where the bending stiffness is much lower. The figure also 

illustrates that a significantly lower buckling load would be calculated from the transverse 

strains, which will be shown later to be inconsistent with other measures of the buckling 

load. For these reasons, the longitudinal bending strains were used to determine the 

buckling loads calculated from the strain gage data. Finally, it should be noted that the 

above observations concerning the responses of the specimens 111-2s-1, 111s-1 and 

11lorth-1 are typical of the other specimens of the respective stacking sequences. 

The Direct Current Displacement Transducers (DCDTs) provided measurements of 

the end shortening and the out-of-plane displacements, both of which can be used to 

determine buckling loads. Use of the end shortening will be discussed first. The axial 

stiffness of a plate is reduced by approximately 50% as a result of buckling. This change 

in the slope of the load, P - end shortening, u behavior can then be used to determine the 

onset of buckling. The change in slope can be more easily seen using a stiffness plotting 

technique following the work of Reference 3, in which P/u is plotted against the load. The 

uniaxial stress-strain law 6 = E*e can be rewritten for stiffener compression prior to 

buckling as: 

29



—~E*U o PAE 
EL a $L’ (5.1) > 

bo 

where A, E and L are the cross-sectional area, longitudinal modulus of elasticity and 

length, respectively. The latter expression in equation 5.1 indicates that P/u is constant for 

linear elastic behavior. The reduction in axial stiffness that accompanies buckling can be 

viewed as a reduction in the effective modulus of elasticity. Therefore, P/u should be 

nearly constant prior to buckling, but will decrease sharply as a result of buckling. The 

superiority of the stiffness plotting technique versus a simple load-end shortening plot for 

buckling load determination is illustrated in Figure 5-5. Both P/u and u alone are plotted 

against the load for specimen 111-2s-1. The bifurcation is much more clearly defined 

using the stiffness plotting technique. The data for specimens 111-2s-1, 111s-1 and 

11lorth-1 are plotted in Figure 5-6 using this technique. The ordinate has been changed to 

PL/AEu, which should have unit value (per equation 5.1) prior to buckling. The fact that 

non-unit values were observed will be discussed in Section 6.2. The load axis has been 

scaled by factors of 8 and 12 for specimens 111s-1 and 11 lorth-1, respectively, to permit 

presentation of the data on a single plot. The buckling load of specimen 111-2s-1 is easily 

defined by the sharp "knee" in the curve. Tangent lines constructed along the prebuckling 

and initial postbuckling portions of the responses are necessary for the other two specimens 

due to the oscillations of the P/u values and the less sharply defined transition between the 

response regimes. The stiffness plotting technique provides a reliable and repeatable 

method of buckling load determination. The method has been observed in this work to be 

less affected by local imperfections in the structure, since global response quantities are 

used. 

The out-of-plane deflection,w, as measured by the DCDTs was also used to 

determine the buckling loads. The methodology for load determination and the role of 

initial imperfections when using the deflections are analogous to those discussed above in 

conjunction with the use of the bending strains. In Reference 3, the square of the out-of- 

plane deflection,w, was used for buckling load determination, as opposed to w itself. 

Use of w2 is consistent with the quadratic dependence of the out-of-plane deflection on the 

load predicted from models of the initial postbuckling response of plates (e.g. Ref. 35, p. 

241). A plot of the load versus both w/t and (w/t)2 is contained in Figure 5-7 for 

specimens 111-2s-1 and 11lorth-1. The data for specimen 111-2s-1 show that little 
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difference in the estimated buckling load results from using w or w2. Use of w2 essentially 

idealizes the response by minimizing the relative magnitude of the out-of-plane deflection 

which occurs prior to buckling. Specimen 11 1orth-1 did not exhibit a sharp change in the 

P-w response upon the initiation of buckling, in contrast to specimen 111-2s-1. The P-w2 

behavior does exhibit a more clearly defined buckling load. Furthermore, the buckling load 

of specimen 11lorth-1 estimated from the P-w response is 24% below that determined 

from the stiffness plotting technique, which has proven to be the more consistent and 

reliable method. For these reasons, the buckling load estimations based on the out-of-plane 

deflections were made using the P-w2 response. The results for specimens 111-2s-1, 

111s-1 and 111lorth-1 are contained in Figure 5-8. The load axis has been scaled by factors 

of 6 and 12 for specimens 111s-1 and 111lorth-1, respectively, to permit presentation of the 

data on a single plot. The results indicate that the bifurcation is more clearly defined as the 

buckling load is increased, as was observed when using the stiffness plotting technique. 

The buckling loads for all of the specimens in the experimental program have been 

calculated using the three methods discussed above. The results are summarized in Table 

5-1. The table also contains the average value from the three methods and an estimate of 

the variation between the loads calculated using the three methods. This variation is 

defined as the range of the values for a given specimen predicted using the three methods, 

normalized by the average value. The variances range from 0.7 to 14.3%, with an overall 

average of 4.7%. The highest variations occurred among the specimens of the [+30/02/- 

30]s stacking sequence. While the number of experiments performed is insufficient for any 

rigorous statistical treatment, the trend observed is that the variance among the buckling 

load predictions is decreased for the specimens having higher buckling loads. This trend is 

consistent with the observation noted above that the distinction between the pre- and 

postbuckling responses became more well defined as the buckling load increased. 

5.1.2 Effects of the Parameters on the Buckling Loads 

The buckling data for all of the experiments are summarized in Figure 5-9, in which 

the buckling stress (P/A) is plotted against the nominal flange-to-web width ratio (b¢/by). 

The stresses are based on the average buckling loads of Table 5-1. Within a specimen 

family (i.e. a specific web size, corner radius and stacking sequence), the buckling stress is 

seen to increase as the flange size is reduced. This observation indicates that the specimens 
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having at least the three largest flange sizes were flange critical. The flanges in these 

specimens were too wide to stiffen the web without themselves limiting the buckling 

resistance of the stiffener. The figure indicates that stiffeners with flanges only half the 

width of the web are still flange critical. This occurs because the flange is elastically 

restrained along only one longitudinal edge, while the web is restrained along both edges. 

The data in Figure 5-9 also indicate that the highest buckling stresses are associated 

with the thickest laminate (family 1_1-2s) and the most narrow web (family 3_1s). The 

specimens of the thicker laminate naturally have the highest intrinsic bending stiffnesses 

(i.e. Dij i,j = 1,2,6), while the narrower web results in greater geometric stiffness due to a 

lower span (by) -to- thickness (t) ratio. 

Specimens having the larger corner radius (family 2_2s) buckle at loads up to 18% 

higher than equivalent sections having the smaller radius (family 2_1s). This dependence 

can be rationalized in terms of the effect of curvature on bending stiffness and the relative 

area of the corner regions. The curvature in the corners increases the resistance to bending, 

particularly in the longitudinal direction, due to the geometric coupling of membrane action 

to the bending response. The relative fraction of this corner material which is more 

resistant to buckling increases as the corner radius is increased. Increasing the corner 

radius also decreases the effective widths of the flanges and web, with the result that these 

elements are more resistant to buckling as well. It is recognized that the effectiveness of the 

Curvature in increasing the bending stiffness varies inversely with the corner radius. 

However, the results indicate that the area and width effects discussed above were 

dominant, at least over the range of corner radii considered in this work. 

Finally, the effect of the stacking sequence on the buckling stresses of the 8-ply 

specimens can be considered through comparisons of the responses between families 1_1s 

and 1_lorth. The families consist of specimens of identical geometry, with the only 

difference being the stacking sequence. The data of Figure 5-9 indicate that the buckling 

stresses of the specimens of family 1_lorth were below those of family 1_1s by 

approximately 30%. The significance of the relative bending stiffnesses on the 

development of bending strains in the longitudinal and transverse directions was introduced 

in Section 5.1.1. Consideration of the differences in the bending stiffnesses between the 
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two laminates can be used to explain the observed behavior. The ratios of the bending 

stiffnesses are: 

Dui (Lis) 0.52 
D2 (1_1s) —— HAs 22 A=" = 2.4 

D,; (1_lorth) Dy (1_lorth) — (5.2) 

The bending stiffnesses have been calculated using Classical Lamination Theory and the 

ply properties identified in Section 4.2. It is apparent from relation 5.2 that while the 

longitudinal bending stiffness of the [+30/02/-30]; laminate (family 1_lorth) is almost 

twice that of the [+45/0/90],; laminate (family 1_1s), this is overshadowed by the reduced 

transverse bending stiffness, which is approximately one-quarter of that of the [+45/0/90], 

laminate. The observed behavior simply reflects the fact that the local buckling response is 

not one-dimensional, in spite of the uniaxial loading. 

5.2 Postbuckling Response 

5.2.1 Load-End Shortening 

The load-end shortening responses of all the specimens throughout the load range 

are contained in Figures 5-10 through 5-15. The loads are normalized with respect to the 

cross-sectional area, A, and the equivalent longitudinal modulus, E. The end shortenings 

are normalized with respect to the gage length, L. Each plot contains the results for a 

specific specimen family, i.e. for specimens of a certain web width, corner radius and 

stacking sequence. The results for specimen family 1_1s (Figure 5-10a) illustrate the 

dependence of the response on the flange size. For the largest flange width (specimen type 

111s), buckling occurs at the lowest average strain (and load), but is followed by the most 

extensive postbuckling load range. Conversely, for the case of the smallest flange 

(specimen type 141s), the higher bucking strain is accompanied by the smallest 

postbuckling response regime. In general, the end shortening at failure decreases with the 

flange width. The overall shape of the nonlinear load-displacement behavior is generally 

consistent between replicate specimens. However, significant differences in the maximum 

end shortening attained prior to failure do exist between replicate specimens; compare for 

example the solid and dashed curves for specimen types 111s or 121s in Figure 5-10a. 
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The effect of laminate thickness is illustrated by the responses of specimen family 

1_1-2s (Figure 5-10b). The stacking sequences of families 1_1s and 1_1-2s are 8- and 16- 

ply quasi-isotropic, respectively. Apart from the thickness difference, the geometries are 

the same. The average strain at buckling (u/L or P/AE) for specimens having the largest 

flanges were approximately 0.1% and 0.3% for the 8- and 16-ply cases, respectively. For 

the smallest flange width common to both families (0.75 in.), the average buckling strains 

were approximately 0.2% and 0.7% for the 8- and 16-ply cases, respectively. The same 

inverse relationship between the buckling load and the range of the postbuckling response 

is observed with differences in laminate thickness, as was discussed above for varying 

flange widths. In fact, the combined effects of narrow flange width and increased laminate 

thickness 1n specimen type 131-2s results in failure occurring immediately after buckling. 

Note also from Figure 5-10b the markedly reduced normalized prebuckling stiffness of 

specimen type 131-2s, compared to the other specimens of the family. 

The effect of stacking sequence can be illustrated through comparisons of the 

results contained in Figures 5-10a and 5-11, which contain the results for specimen 

families 1_1s and 1_lorth, respectively. The stacking sequences for these families are 

[45/0/90]; and [+30/07/-30]s, respectively. The geometries are identical. It is 

immediately apparent that the average strains at buckling are much lower for the latter case. 

Buckling strains range from 0.03% to 0.09% among specimens of the [+30/02/-30]s; 

stacking sequence, compared to 0.08% to 0.2% for the quasi-isotropic laminate. The end 

shortening at failure increases as the flange width is reduced in family 1_1orth, in contrast 

to the opposite relationship observed for family 1_1s. The differing responses for 

specimens of the three laminates are summarized in Figure 5-12. Selected specimens 

representing each geometrical configuration and stacking sequence are contained in the 

figure. The responses are seen to be grouped by stacking sequence. Prebuckling strains 

decrease as a function of stacking sequence in the following order: [+45/0/90]9., 

[+45/0/90]s, [+30/02/-30]s. 

The responses of the specimen families having the corner radius as the only 

distinguishing feature between them are contained in Figure 5-13a for specimens 2_1s and 

Figure 5-13b for specimens 2_2s. The same dependence of the response on flange width 

is observed within each specimen group. As discussed in Section 5.1.2, the effect of the 

larger corner radius is to increase the buckling load. This increase in load for the case of 
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the larger corner radius is maintained throughout the postbuckling regime as well. This is 

more readily apparent from Figure 5-14, which contains the responses for selected 

specimens representing each geometry. The responses for specimens having the larger and 

smaller corner radii are identified by the solid and dashed curves, respectively. The 

numbers on the curves identify the four different nominal flange sizes. It is apparent from 

the figure that the responses of specimens 212s-2 and 221s-2 are nearly the same. The 

former specimen is comprised of both a larger flange size (1.25 in. versus 1.00 in.) and 

comer radius (0.25 in versus 0.125 in.) compared to the latter. The significance of the 

result is that these flange and corner radius dimensions exactly offset the effect of each 

other on the load-end shortening response; the larger flange size tends to decrease the load, 

while the larger corner radius increases the load. 

Finally, the load-end shortening responses for the specimens having the smallest 

web width are provided in Figure 5-15. The buckling and crippling events essentially 

coincide for specimens 341s, as they did for specimens 131-2s, even though the former 

specimens are based on the 8-ply quasi-isotropic stacking sequence. The latter specimens 

were fabricated form the 16-ply quasi-isotropic laminate and also had much greater in-plane 

dimensions (by = 1.75 in. versus 0.75 in., be = 0.75 in. versus 0.50 in.). The results for 

the two specimen types simply illustrates that it is the width-to-thickness ratio (b/t) that 

determines where buckling occurs in the load carrying range of the stiffener relative to a 

material limit or crippling load. The ranking of the load-end shortening responses as a 

function of the width-to-thickness ratio is illustrated in Figure 5-16. Since a stiffener may 

have different b/t ratios in the flange and web, a more general width parameter is desirable. 

Accordingly, the results in the figure are ranked according to the developed width-to- 

thickness ratio (s/t). The developed width is the summation of the mid-plane arc-lengths of 

the flanges, corners and web. The developed width-to-thickness ratio is equivalent to A/t2. 

The results in the figure are from quasi-isotropic specimens which represent the various 

web, flange and thickness dimensions. Stiffeners which are thin and/or comprised of wide 

elements undergo buckling at low strains, but enjoy an extensive postbuckling response 

regime (curve 1 of Figure 5-16). The partitioning between the pre- and postbuckling 

response regimes shifts systematically with s/t, such that for a sufficiently thick and/or 

narrow specimen, buckling is delayed at the expense of nearly all of the postbuckling 

capability (curve 12 of Figure 5-16). 
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5.2.2 Strain Redistribution 

Local buckling results in a redistribution of load over the width of the stiffener due 

to the effect of the bucking displacements on axial stiffness. The mechanics of this load 

redistribution can be reviewed using the example of a plate under uniaxial compressive 

loading and simply-supported on the edges. The bending displacements are greatest in the 

center of the plate. The onset of bending reduces the axial stiffness, compared to the 

prebuckling membrane loading configuration. The out-of-plane displacements are 

prevented at the edges of the plate by the boundary conditions. Therefore, the axial 

stiffness is not reduced at the edges. The result is that additional load beyond buckling will 

tend to concentrate into the edge regions. The center of the plate does not carry much 

additional load, and hence the "effective" width of the plate is reduced. The same scenario 

applies to a Z-section stiffener, with the modification that several plate elements are 

involved. The central web is analogous to the plate discussed above, except that a 

condition of elastic restraint exists along the edges. The flanges are analogous to one-edge- 

free plates. In the case of the flanges, buckling displacements will be greatest at the free 

edges, with the greatest loss of axial stiffness occurring there. 

The redistribution of load across the width of the stiffener is reflected by the strain 

variations across the width. The experimental strain distributions across the stiffener width 

as a function of load are illustrated in Figure 5-17 for specimen 131s-1. The geometry 

consists of by = 1.75, be = 0.75 and r= 0.125 in. The stacking sequence is [+45/0/90]s. 

The membrane and bending strain distributions are contained in Figures 5-17a and 5-17b, 

respectively. The axial location of the strain gages which supplied the data corresponds to 

a peak in the buckled mode shape. The strain data indicate that an approximately uniform, 

membrane loading condition existed for loads up to 1500 1b. This is evidenced by the lack 

of any bending strain or variation in the membrane strain levels across the specimen width. 

Both bending strain and width-wise variations in the membrane strain are discernable at the 

next load step of 1850 1b. Note from Table 5-1 that the average buckling load for this 

specimen is 1794 1b. Once buckling occurs, it is apparent from Figure 5-17a that no 

additional in-plane load is carried at the free ends of the flanges nor at the center of the web. 

The strain values at these locations remain at or fall slightly below the values present at the 

onset of buckling. The membrane strain clearly concentrates into the corner regions. 
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Bending strain develops upon the initiation of buckling, as indicated in Figure 5-17b. The 

locations of maximum bending are at the free ends of the flanges and the center of the web. 

The parametric dependence of the strain redistribution will be illustrated using 

Figure 5-18. The ordinate is the membrane strain minus the value measured when buckling 

first began. Thus, the ordinate is a measure of the additional strain at a point since buckling 

initiated. It is desired to investigate the rate of strain redistribution as a function of the 

geometric parameters. Since the buckling loads vary enormously between the various 

geometries, the loads at which the comparisons are made correspond to 0.3% average 

strain, u/L, beyond the value at buckling. Therefore, the comparisons are made at a 

constant normalized "distance" down the postbuckling path. The nature of the strain 

redistribution depends on the flange-to-web width ratio (bg/by) and the laminate thickness, 

as discussed in the following. Experimental data are provided for specimen types 211s, 

111s, 111-2s and 131s. The stacking sequences are either 8- or 16-ply quasi-isotropic. 

The b¢/by ratio for specimen type 211s is unity. The results indicate that the ends of the 

flanges do not carry any additional load after buckling; in fact the strain is reduced by 0.001 

to 0.002 (solid curve, Figure 5-18). The normalized strain level at the corners is 0.003; 

that is, the local, axial membrane strain has increased by 0.003 since buckling, which is the 

same increase as in the average axial strain, u/L. This means that the comers have 

remained approximately straight and are continuing to carry load in the membrane mode. 

The specimen type 211s is very flange critical, since the flange (with one side supported) is 

the same width as the web (with both sides supported). The result is that the out-of-plane 

displacements, and hence the loss of axial stiffness, are much greater at the flange ends 

than in the center of the web. The data indicate that the web center continues to carry 

additional load after buckling. The strain increase at the web center is 2/3 of the overall 

strain increase since buckling began. At the other extreme of the b¢/by ratio is specimen 

type 131s (bg/by = 0.43). The data indicate that the flange ends of this specimen have also 

been unloaded by 0.001 strain, compared to the strain value at buckling. The strain 

concentration into the corners is slightly more pronounced, compared to the previous case 

where b¢/by = 1. The most striking difference, however, is in the response of the web. 

This specimen type is much less flange critical. As a result of the additional bending at the 

web center, unloading occurs there to the same extent as at the flange ends. In between 

these two extremes of the bg/by ratio are two specimen types with a b¢/by ratio of 0.71. 

These specimen types are 111s (8-ply) and 111-2s (16-ply). The ends of the flanges of 
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both specimens unload after buckling by a strain magnitude of 0.001, as in the other cases 

discussed above. The amount of additional load carried at the center of the web is 

intermediate to that observed for the specimens of the two extreme b¢/by values. In the 8- 

ply quasi-isotropic case, the strain at the center of the web remains at the bucking strain 

level. The greater bending stiffness of the 16-ply quasi-isotropic laminate resists the out- 

of-plane deflections of the web more effectively, with the result that the stiffness reduction 

is less, compared to the 8-ply laminate. The strain at the center of the thicker web increases 

by 0.001 with the 0.003 average strain increase since buckling, compared to the unchanged 

value measured for the 8-ply case. 

5.2.3. Postbuckled Mode Shape 

Photographs of the shadow moire fringe patterns provide a means for examining 

the development of the mode shape during the postbuckling response regime. A series of 

fringe patterns is provided for specimens 111-2s-2, 111s-2 and 111lorth-1 in Figures 5-19, 

5-20 and 5-21, respectively. These specimens have a web width of 1.75 in., flange width 

of 1.25 in. and corner radius of 0.125 in. The onset of initial buckling of the 16-ply quasi- 

isotropic specimen is indicated by the development of the contour lines shown in Figure 5- 

19a. As the load increased into the postbuckling range (Figures 5-19b to 5-19f), the 

density of the contour lines increased, indicating increasing displacement magnitudes, but 

no changes in the overall mode shape (i.e. the number of half-waves) were observed. 

Failure of the specimen occurred at a nodal position, as indicated by Figures 5-19f and 5- 

19g. Discussion of the failure locations and modes will be given in Section 5.3.2. Each 

set of contour lines in the figure is composed of nearly concentric arcs, which are 

symmetrical with respect to a horizontal reference line placed at the location of maximum 

out-of-plane displacement. This symmetry is indicative of the absence of twisting 

deformation. 

Fringe patterns for the 8-ply quasi-isotropic specimen are shown in Figure 5-20. 

The pattern of Figure 5-20a corresponds to a load of 1090 lb, and shows that the specimen 

has begun to buckle. This specimen exhibited a very extensive postbuckling load carrying 

capability, failing at 3944 lb. While not all of the front flange was covered by the moire 

grating, the initial buckled configuration appears to have been composed of three half- 

waves. At 3010 Ib (Figure 5-20d), the mode number has increased to at least four, with 
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the presence of twisting of the section indicated at the bottom. With still higher loads, out- 

of-plane deflection becomes concentrated in the half-wave located at the middle of the 

section. By 3940 lb (Figure 5-20d), the specimen becomes severely distorted, with failure 

occurring shortly after at a nodal position (Figure 5-20g). Note for this specimen that the 

sets of fringe patterns near the middle of the gage length tend to be fairly symmetrical, 

while those near the base indicate the presence of twisting. 

Fringe patterns for the [+30/02/-30], specimen are shown in Figure 5-21. The 

photograph taken at 760 lb (Figure 5-21a) indicates that the specimen has already buckled. 

It is readily apparent from the figure that the wavelength of the mode shape is much longer 

for this specimen, with only two half-waves appearing along the gage length. This results 

from the much higher longitudinal bending stiffness of this laminate (D1; = 76.6 in. lb) 

compared to the 8-ply quasi-isotropic case (D1) = 39.9 in. lb). It is also immediately 

apparent at the next load step (Figure 5-21b) that significant twisting of the section is 

indicated by the loss of symmetry in the contour lines. Large bending curvatures develop 

at the flange-to-corner junction at the mid-height location, as shown in Figure 5-21e for a 

load of 2490 lb. Failure of the specimen develops at this axial location, as indicated in 

Figure 5-21f. 

5.3 Crippling Response 

5.3.1 Crippling Loads 

The crippling load, stress and maximum end shortening data are summarized in 

Table 5-2 for all of the experimental specimens. Failure stresses range from 16 to 56 ksi. 

The range of average axial strains, u/L, at failure is 0.4% to 1.1%. The crippling (and 

buckling) stress data are plotted in Figure 5-22 as a function of a normalized width of the 

specimens. This normalized width, s/t, is defined as the sum of the width dimensions of 

the various flange, web and corner portions of the stiffener, normalized by the laminate 

thickness. The response of wide and thin specimens (high s/t) is characterized by buckling 

at a relatively low stress, followed by an extensive postbuckling load range. As the width 

of the stiffener decreases and/or the thickness increases (i.e. s/t decreases), the buckling 

stress increases. The crippling stress also increases, but the postbuckling load range 

decreases. That is, the partition between the pre- and postbuckling responses moves up the 
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stress scale. As the ratio s/t decreases, bending stiffnesses increase in either the absolute or 

relative sense. The absolute or intrinsic bending stiffnesses increase with the thickness 

cubed, and are laminate properties which are independent of the in-plane configuration. 

The relative or geometrical bending stiffness is related to the "unsupported span" 

associated with the in-plane dimensions in a structural sense. The data indicate that the 

buckling stresses increase for both types of stiffness increases. Finally, the buckling and 

crippling curves converge with decreasing s/t to a data point from Reference 2 in which the 

buckling and crippling events occurred simultaneously. The geometrical configuration was 

such that buckling was delayed until the load at which a competing mode (short-column 

compression failure) became active. 

§.3.2 Post-Failure Examination 

Photographs of the failed specimens under residual load were taken to aid in the 

determination of the failure mechanisms. It should be noted at the outset of this discussion, 

that post-failure appearances must be interpreted with caution since features related to 

secondary failure mechanisms will likely be present, in addition to those introduced by the 

primary cause of failure. Representative post-failure photographs are provided in Figures 

5-23 to 5-29. Detailed discussion of the failure mechanisms will be deferred to Section 

6.7, where use will be made of the results of the numerical analyses. 

The most prevalent post-failure feature of the 16-ply quasi-isotropic specimens is 

delamination at the free ends of the flanges. For some specimens, this delamination was 

the only visible damage after failure. The failure location in specimen 111-2s-2 

corresponded to a nodal position, as indicated in Figures 5-19f and 5-19g. The post-failure 

appearance of this specimen is contained in Figure 5-23a, in which significant delamination 

at the free end of the flange is indicated. This delamination occurred at the 0/90 ply 

interfaces and propagated a distance of approximately one-third of the gage length. Flange 

free-edge delamination with relatively little other laminate damage was typically observed in 

the 16-ply quasi-isotropic specimens with the larger flange widths. The post-failure 

appearance of specimen 121-2s-1 is shown in Figures 5-23b and 5-23c. The flange width 

of this specimen is 1.0 in. The failure location in this specimen corresponded to an anti- 

nodal position. The free end of one flange exhibits the delamination mode (Figure 5-23c), 

while a more localized material crushing mode is demonstrated in the other (Figure 5-23b). 
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The horizontal cracking of the web on the more compressive side of the wave (Figure 5- 

23c) likely resulted from the overloading caused by the failure of the flanges. Post-failure 

appearances of a replicate specimen (121-2s-3) are contained in Figures 5-24 and 5-25. 

This specimen underwent failure at two axial positions, both corresponding to anti-nodes in 

the buckled mode shape, as indicated in Figures 5-24a and 5-25a. The flange on side "2" 

of the specimen in Figure 5-24b failed on the more tensile side of the wave crests, with the 

outer plies debonding and breaking away. The opposite flange (side "2" in Figure 5-25b) 

exhibits the familiar delamination at the upper location and an unusual unidirectional 

laminate splitting at the lower location. This splitting is characterized by a horizontal crack 

through half of the laminate on the more tensile side of the wave crest, which turns at the 

mid-plane and runs down along the mid-plane. Horizontal splitting of the web due to the 

overload caused by flange failure is again observed (near the upper failure location in 

Figure 5-24b and at the lower failure location in Figure 5-25b). A final specimen of the 16- 

ply quasi-isotropic stacking sequence (131-2s-2) is illustrated in Figure 5-26. The flange 

width is 0.75 in. The failure location corresponds to a nodal position in the buckled mode 

shape. This specimen exhibits both flange-free-edge delamination (side "2" of Figure 5- 

26a,b) and crushing in the flange-to-web corner (side "1" of Figure 5-26a,b). The average 

stress level at crippling was seen in Section 5.3.1 to increase with decreasing flange width. 

Therefore, the strain energy at failure is greater in the specimens of smaller flanges, as 

evidenced by the more pervasive laminate damage observed. 

The post-failure appearance of the 8-ply quasi-isotropic specimens is characterized 

by the presence of both flange free edge delamination and crushing in the flange-to-web 

corners. Typical post-failure appearances of the 8-ply quasi-isotropic specimens are 

contained in Figures 5-27 and 5-28. The failure location of specimen 111s-2 (Figure 5-27) 

corresponded to a nodal location, as indicated in Figures 5-20f,g. The flange width is 1.25 

in. The specimen underwent delamination at the free ends of the flanges, extending over a 

third of the gage length (e.g. side "2", Figure 5-27a,b). Crushing of the flange-to-web 

corner is also apparent near side "1" of Figure 5-27b. The appearance of specimen 121s-1, 

with a flange width of 1 in., is contained in Figure 5-28. The failure location was near a 

nodal position in the mode shape. The classical free edge delamination at the 0/90 

interfaces is clearly shown along side "2" of Figure 5-27a. Significant crushing of the 

comer opposite to this flange is apparent near side "1" of Figure 5-27b. 
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Post-failure features of the [+30/02/-30]; specimens are illustrated in Figure 5-28. 

The most prevalent feature in specimens of this stacking sequence is non-crushing type 

damage in the flange-to-web comers. This corner damage is characterized by surface 

splitting and cracking. Notably absent in the specimens with the larger flange widths is any 

flange free edge delamination. The flanges and web of these specimens are characterized by 

“creasing” near the comers along a line perpendicular to the surface ply fiber orientation, as 

shown in Figures 5-28a,b. This creasing is associated with corner damage of the type 

shown in Figures 5-28c,d. The surface ply splitting at the corner shown in Figures 5- 

28b,c is associated with the high bending curvatures seen in the moire fringe patterns at the 

corners (see Figure 5-21e,f). The vertical cracking at the flange-to-corner junction is a 

reflection of the weak transverse strength of this laminate due to the absence of any 90° 

plies. Flange free edge delamination was only seen in the specimens of the smaller flange 

widths (0.75, 0.5 in.). 
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CHAPTER 6. DISCUSSION OF RESULTS 

6.1 Initial Local Buckling 

6.1.1 Analytical and Finite Element Buckling Load Predictions 

The analytical model used for the buckling predictions was discussed in Section 

3.1.1, with a complete derivation given in the Appendix. Recall that the model does not 

include the actual curved flange-to-web corner, nor the effect of the bending-twisting 

coupling stiffnesses Dig (i=1,2). These limitations were removed in the finite element 

analyses. The buckling loads were predicted numerically using both the linear eigenvalue 

finite element analysis method discussed in Section 3.1.2 and the nonlinear analyses of the 

imperfect structure discussed in Section 3.2. 

6.1.2 Effect of the Assumed Initial Imperfection 

The initial imperfection in the finite element models of the stiffeners had the same 

effect of smoothing the transition between the pre- and postbuckling responses as was 

observed experimentally. Accordingly, the methods discussed in Section 5.1.1 for 

determining the experimental buckling loads were again used to find the buckling loads 

predicted from the nonlinear analyses. Recall from Section 5.1.1 that the bending strain, 

end shortening and out-of-plane deflection were used to estimate the experimental buckling 

loads. In the displacement-based finite element formulation used in this work, the solution 

vector consists of generalized displacements, both translations and rotations. The strain 

components are then derived from the gradients of the solution vector. As a result, the 

strains predicted from the finite element analyses are clearly not an independent response 

quantity which could be used to obtain an independent measure of the buckling load. 

Accordingly, only the out-of-plane deflections and the end shortening were used to predict 

the buckling loads from the numerical analyses. 

The response of the finite element models was strongly influenced by the magnitude 

of the assumed initial imperfection. A comparison of the responses for initial imperfections 
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of 1%, 5% and 10% of the 8-ply laminate thickness of 0.04 in. is provided in Figure 6-1. 

The out-of-plane deflection (normalized by the thickness) and the stiffness (P/u) responses 

are given in Figure 6-1a as functions of load for stiffener type 131s, which consists of bw 

= 1.75 in., be = 0.75 in., r = 0.125 in., L = 6 in. and the [+45/0/90], stacking sequence. 

Note that the prebuckling stiffnesses have been normalized to unit value prior to buckling. 

The actual differences in prebuckling stiffnesses will be discussed in Section 6.2. The 

responses of the finite element models are compared to the experimental results for 

specimen 131s-1. The finite element results shown in the figure illustrate that the transition 

between the pre- and postbuckling responses becomes less distinct as the magnitude of the 

imperfection increases. Naturally, different buckling loads would be calculated from these 

results for the different cases as well. The highest buckling load would be predicted in the 

case of the lowest value of the initial imperfection, as expected. The experimental data lie 

in between the predicted responses for the 1% and 5% imperfection cases and, therefore, 

suggest that the magnitude of the imperfection actually in the specimen is between 1 and 

5% of the laminate thickness. This conclusion is supported by the results from the other 8- 

ply specimens as well. A second example is provided in Figure 6-1b for stiffener type 

331s, which consists of by = 0.75 in., bp = 0.75 in., r = 0.125 in., L = 6 in. and the 

[+45/0/90], stacking sequence. The same magnitudes of the initial imperfection of 1%, 5% 

and 10% of the laminate thickness were assumed. Experimental results for specimens 

331s-1 and 331s-2 are also contained in the figure. Again, the experimental behavior falls 

in between the predicted responses based on initial imperfections of 1% and 5%. Based on 

these observations, an imperfection magnitude of 5% was selected for the finite element 

prediction of buckling of all 8-ply specimens in order to provide a conservative (lower 

bound) estimate. 

At least two possibilities exist for the case of the 16-ply laminate: either the 

imperfections scale directly with laminate thickness or the absolute magnitudes remain 

constant, as might occur if the imperfections are determined by the machining tolerances of 

the forming tool surface. Accordingly, finite element analyses were conducted based on 

imperfection magnitudes of 2.5% and 5% of the laminate thickness of 0.08 in., which 

correspond to the constant and scaled magnitude cases, respectively. Results are contained 

in Figure 6-2 for stiffener type 111-2s, which consists of by = 1.75 in., bg = 1.25 in., r = 

0.125 in., L = 10 in. and the stacking sequence [+45/0/90]2,. Experimental results for 

specimen 111-2s-3 are also contained in the figure. The predicted response based on the



larger imperfection clearly indicates earlier buckling and a more gradual transition between 

pre- and postbuckling responses than observed experimentally. The experimental response 

for this and all other 16-ply specimens suggests that the as-fabricated initial imperfection is 

on the order of 2.5% of the laminate thickness. This conclusion indicates that the 

magnitude of the initial imperfection remained constant and did not scale with laminate 

thickness. Therefore, a magnitude of 2.5% was used in the finite element analyses to 

determine the buckling loads of the 16-ply stiffeners. 

6.1.3 Experimental and Predicted Buckling Loads 

A comparison of the experimental and numerical axial stiffness (P/u) and out-of- 

plane deflection (w/t) responses for stiffener types 111-2s, 111s and 11lorth is given in 

Figure 6-3. These specimen types are the same as those used in Chapter 5 to illustrate the 

range of responses observed. As discussed in Section 5.1.1, the P/u ordinate has been 

changed to PL/AEu, which should have unit value during the approximately uniaxial 

response prior to buckling . The out-of-plane deflection has been normalized with respect 

to the laminate thickness. An immediate observation from the results of specimen types 

111-2s and 111s is that the experimental prebuckling stiffness is lower than predicted. The 

prebuckling stiffness of one specimen of type 11 1orth is higher than predicted. Resolution 

of this issue will be deferred to Section 6.2. The prebuckling, buckling and initial 

postbuckling responses of specimens 111-2s are seen in Figure 6-3a to be extremely 

consistent between replicate specimens. Variations between the responses of replicate 

specimens are much greater for specimen types 111s and 11 1orth, as illustrated in Figures 

6-3b and 6-3c, respectively. This observation may in part be a reflection of increased 

sensitivity of the response to local variations in dimensions (such as thickness) as the 

magnitudes are reduced. With the exception of the prebuckling stiffnesses, the agreement 

between the experimental and numerical results is good. 

The finite element predictions of the buckling loads based on the axial stiffness and 

out-of-plane deflection responses are contained in Table 6-1. Also included in the table are 

the analytical and linear finite element eigenvalue predictions of the buckling loads, together 

with the errors associated with all of the predictions with respect to the average 

experimental buckling loads from Table 5-1. The errors associated with the finite element 

predictions of the buckling loads range from -4.5 to 4.5% and 3.3 to 19.4% for the 
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nonlinear and linear analyses, respectively. The errors associated with the analytical 

predictions of the buckling loads range from -3.7 to 29.4%. The overall average errors are 

1.4, 10.2 and 13.3% for the nonlinear FEM, linear FEM and analytical predictions, 

respectively. 

In the case of the nonlinear FEM predictions, the magnitudes of the errors are 

small, and no clear trend was observed between the error magnitudes and any of the 

geometric or material variables. The linear FEM and analytical predictions tended to 

overestimate the buckling loads. In both cases, error is introduced by neglecting the effect 

of the imperfections in the structure. In the analytical model, additional sources of error are 

the omission of the bending-twisting coupling present in all of the laminates to varying 

degrees, the neglecting of the actual curved flange-to-web corner and the a priori 

assumption of a sinusoidal displacement function for the buckled shape. The effect of the 

comer radius on the error of the analytical load prediction is apparent from a comparison of 

the results between specimen families 2_1s and 2_2s. The only difference between these 

families is the corner radius. The analytical model overestimates the buckling loads of the 

specimens having the smaller corner radius (2_1s) by 16.5 to 21.4%. The error is reduced 

to -3.7 to 1.5% for the specimens having the larger corner radius (2_2s), since the 

experimental buckling loads increase significantly with the corner radius. The largest 

errors in the linear FEM predictions (19.4%) and in the analytical predictions (29.4%) were 

for the specimens having the smallest flange and web widths (341s-1,-2). The error of the 

nonlinear FEM buckling load predictions for these same specimens, however, was only 

1%. Therefore, the large errors in the linear FEM and analytical predictions would seem to 

be related to differences between those models and the nonlinear analyses, as opposed to 

some fundamental disagreement between the predicted and observed responses. The 

additional features included in the nonlinear analyses which may account for the improved 

prediction of the buckling response are the interacting effects of the initial imperfections and 

secondary mode interaction. Secondary mode interaction of varying degrees was predicted 

and observed for many of the specimens and will be discussed in Section 6.5. 

The best prediction of the buckling loads clearly came from the nonlinear finite 

element analyses. Since the error in the predictions did not exhibit any systematic variation 

with the geometric parameters, it is concluded that no significant scale effects were present 

in the initiation of the local buckling response. The initial local buckling response is 
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sometimes treated in a linearized manner, as was done in the cases of the FEM eigenvalue 

and analytical analyses. This means that the initial equilibrium configuration contains no 

out-of-plane deflection, and the buckling load is defined as that load at which an adjacent 

configuration (infinitesimally disturbed from the initial state) can achieve equilibrium. If 

the local buckling of the stiffeners is viewed as linear in this way and recognizing that the 

loads were below that at which any permanent material deformation would be expected, 

then the buckling response can be initially described as "elastic". That this elastic response 

was observed to scale in the current work is consistent with observations for the scaling of 

other elastic response types. For example, the impact force magnitudes and durations were 

observed to scale in the elastic range for transversely impacted beams as reported in 

Reference 22. Scaled behavior in the elastic or small deflection regime has also been 

observed for tensile stiffness (23) and eccentrically loaded beam-columns (24,25). In real 

structures, however, nonlinear effects are present prior to buckling, i.e. the interaction 

between the axial load and the initial imperfections produces out-of-plane deflections. In 

fact, these nonlinear effects were used to determine the buckling loads of the stiffeners in 

this work. Therefore, when the buckling of the stiffeners is viewed as the nonlinear 

response phenomenon that it really is, it can be further concluded that scaling of the 

response was also achieved in the (initial) nonlinear response regime as well. 

6.1.4 Normalized Buckling Loads 

The nondimensional buckling load parameters obtained from the analytical model 

discussed in Section 3.1.1 are: 

  

  

    

o = Nx bw” 

YD}; D22 (6.1) 

and 

p= mebwa/ 4/(Pas Du, Nx (tL. _ D33 
L D22/ D22 Do22\mn/ D2 (6.2) 

The range of buckling stresses will be illustrated first to provide a means for judging the 

effectiveness of the normalization of the buckling response. The buckling stresses for all 
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of the experimental specimens are again plotted versus the flange-to-web width ratio (bf/bw) 

in Figure 6-4. The buckling stresses predicted by the analytical model are also contained in 

the figure as continuous functions of bs/by. Clearly each of the stiffener families (i.e. a 

specific web size and stacking sequence) exhibit a different relationship between the 

buckling stress and bs/by. The agreement between the observed and predicted buckling 

stresses is generally improved over the load predictions, since the lower observed loads are 

offset by the smaller cross-sectional areas of the test specimens based on the actual corner 

radii. The model predicts the same dependence of the buckling response on the various 

geometric and material variables (excluding the corner radius) as was observed 

experimentally and discussed in Section 5.1.2. Both the experimental data and the 

analytical predictions are re-plotted in terms of the normalized load parameter, &, in Figure 

6-5. The analytical curves for the various web sizes having the 8-ply quasi-isotropic 

stacking sequence are condensed onto single curve using the parameter a. Separate curves 

are still required for the other two stacking sequences. Thus, the load parameter @ only 

normalizes the response for various web sizes. Finally, the data are plotted a third time in 

terms of the load parameter, B, in Figure 6-6. Here, the normalized buckling loads are 

plotted in terms of the effective bg/by ratio, which is based on partitioning the arc length of 

one-half of each flange-to-web corner equally between those elements (see Figure 3-1). It 

is apparent that the analytical curves are very nearly condensed onto a single curve. The 

individual curves are nearly indistinguishable outside of a bs/by range of 0.3 to 0.6. The 

experimental data points from the various stiffener families are likewise grouped along this 

single curve. The normalization is thus seen to be effective for two different quasi- 

isotropic stacking sequences, as well as the unorthodox [+30/02/-30]; laminate. This latter 

result is significant in view of the high degree of bending-twisting coupling present in this 

laminate, which is not included in the analytical model. Indeed, this fact was the 

underlying reason for selecting this laminate for this study. The linear and nonlinear finite 

element predictions of the buckling loads are presented in Figure 6-7 in terms of the load 

parameter B. The linear predictions often lie very nearly on the analytical curve. Again, the 

results from all of the suffener types are grouped along the single analytical curve. 

The generality of the buckling load parameter B can be further supported by 

examination of the buckling data available in the literature for both Z- and channel sections. 

These data are available in References 1, 2, 5, 6 and 8, and encompass a number of quasi- 

isotropic and [0/+0]-type stacking sequences and several material systems. The predicted 
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buckling loads for the various geometries and laminates in terms of the parameter B are 

plotted against the nominal b;/by ratio in Figure 6-8. The specific stacking sequences and 

material systems are indicated on the figure. An estimate of the variation in the B values 

between the various specimen types is also included in the figure. This variation is defined 

as the range of the B values for a given bg/by ratio normalized by the mean value. The 

results indicate that this variation is at or below 2% outside of the b¢/by range 0.25 to 0.65, 

and peaks at a value of 4% within this range. The corresponding experimental data are 

contained in Figure 6-9. The agreement between the data and the (mean) analytical curve is 

considered good, particularly in view of the variability in buckling load determination 

methods and specimen preparation which likely exists. Therefore, the load parameter f is 

seen to be quite general with respect to the available data. 

6.2. Prebuckling Response 

6.2.1 Prebuckling Stiffness 

As identified in Section 6.1, the observed prebuckling stiffnesses of the test 

specimens were generally lower than predicted by a uniaxial model, the use of which is 

justified by the nonlinear finite element analyses of the gage length alone. The numerical 

results indicate that any constraint on the Poisson expansion due either to the non-planar 

geometry of the cross-section or the clamping of the ends is insufficient to cause an 

appreciable deviation from overall, uniaxial behavior prior to buckling. This is apparent 

from the predicted unit values of PL/AEu seen previously in Figure 6-3 prior to buckling. 

The normalized prebuckling stiffnesses (PL/AEw) for all of the test specimens prior to 

buckling are summarized in Table 6-2. The observed values range from 0.84 to 1.05; the 

former representing a prebuckling stiffness 16% lower than initially predicted. The lowest 

stiffnesses occurred in the specimens having the shorter gage length. Only four specimens, 

all having the [+30/02/-30], stacking sequence, exhibited stiffnesses greater than or equal to 

unity. 

Potential sources of error in the prebuckling stiffnesses calculated are naturally the 

values of P, A, E, u, and L used to define the stiffness. The accuracy of the load, P, and 

end shortening, u, measurements is considered satisfactory. The cross-sectional area, A, 

was calculated based on the actual stiffener dimensions. The value of the thickness used in 
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the area calculations was based on an average of values measured primarily along the 

flanges. The thickness variations in the corners discussed in Section 4.3 were not included 

in the area calculations. The equivalent longitudinal moduli in compression, E, were 

measured using coupons cut from the Z-section stock as discussed in Section 4.2, and 

were found to be 4 to 6% lower than predicted from lamination theory using nominal ply 

properties of Ej = 18.5 Msi, E> = 1.64 Msi, G12 = 0.87 Msi and vj2 = 0.3. Therefore, 

the actual values of the equivalent longitudinal moduli might account for a portion of the 

observed discrepancy in some cases. However, error in both the cross-sectional area and 

the assumed moduli would more likely cause a consistent bias in the response, as opposed 

to the more systematic variation observed and discussed below. 

Strain gage data generally indicated that local strain values were the same as the 

load-based global, uniaxial strain measure, P/AE, prior to buckling. For example, 

membrane strain data (the average of front and back strain gage pairs) for specimen 131-2s- 

3 are provided in Figure 6-10. Note that this specimen had the second largest prebuckling 

load range and the second lowest value of normalized prebuckling stiffness (0.85). 

Membrane strain data from various positions along the cross-section, along with the length- 

normalized end shortening, u/L, are plotted against the load-based strain, P/AE, in the 

figure. The data clearly indicate that the local strains (strain gage data) are consistent with 

P/AE. This means that the local strains are basically the same as an overall, average strain 

value based on the load. The local strain measures are not affected by any assumed 

properties or dimensions. Significant errors in the assumed values of A and/or E would 

certainly result in disagreement between the local and global load-based prebuckling 

strains. The displacement-based average strain, u/L, is shown in the figure to be clearly 

inconsistent with the other strain measures. Therefore, the error in prebuckling stiffness is 

attributed primarily to the quantity u/L. While it was noted above that the measurement of 

the end shortening was considered satisfactory, it remains to be determined to what extent 

this displacement represents the response of the gage length alone. Alternatively, error in 

the quantity u/L can be viewed in terms of the active length of the stiffener. That is, the 

effective length may be between the total length and the gage length due to the fact that 

some displacement can occur within the potted end supports. Note from Table 4-1 that the 

total depth of the end supports is either 20% or 33% of the gage length. 
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6.2.2 Qualitative Model for Prebuckling Stiffness 

The constraint offered by the potted end supports varied as a function of specimen 

geometry and stacking sequence. A qualitative prediction of the behavior can be obtained 

from the following model. The total end shortening between the platens of the test machine 

can be expressed as u; = Ug + Up, where Ug and up are the net shortening of the specimen 

which occurs in the gage length and potted end supports, respectively. The uniaxial 

response of the stiffener prior to buckling is represented by the equation P / AE = ug / Lg, 

where Lg is the gage length . The shortening in the potted end supports may be represented 

aS Up = k Lp P/s, where Lp is the sum of the depths of the potted end supports, s is the 

total width of the developed cross-section of the stiffener and k is a proportionality factor. 

The mechanics of the loading configuration and the dimensions of factor k (length/force) 

suggest that k would be inversely proportional to an effective material modulus and a 

characteristic length of the potting-to-laminate interface (e.g. the thickness of a boundary 

layer over which the constraint of the potting is imposed). Since the boundary layer 

thickness may be influenced by the other material and geometric parameters, the treatment 

of k as a constant in this discussion is an approximation. Combining the above functional 
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and the cross-sectional area A is equal to (s*t), for laminate thickness t. The model predicts 

that the effect of the potted end supports on axial stiffness of the complete potted specimen 

should increase with increasing laminate thickness and decreasing gage length, and be 

independent of flange or web widths. 

The above model suggests that a plot of 1/n = (u/Lg) / (P/AE) versus (EtLp/Lg) 

would produce a line of slope k and an intercept of 1. Such a plot is contained in Figure 6- 
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11 using the experimentally observed "n" values. The dependence of the data on the 

parameters E, t and Lg is generally consistent with the trends predicted by the model. 

However, the model does not predict the exact functional dependence of the behavior, nor 

the large differences among replicate specimens. The correlation with the observed 

response of the specimens of the [+30/02/-30], laminate is particularly poor. Some 

variation in the response between replicate specimens of the [+30/02/-30], stacking 

sequence is attributed to varying degrees of lack of parallelism between the two surfaces of 

the potted end supports in contact with the platens of the test machine, as indicated by the 

Strain gage data shown in Figure 6-12. Longitudinal membrane strain data for specimen 

121orth-2 are provided in the figure from various locations over the cross-section. Note 

from Table 6-2 that this specimen had a significantly lower normalized prebuckling 

stiffness (0.84) compared to the two replicate specimen values of 1.02 and 0.92. The data 

exhibit a systematic variation in the strain along the cross-section from the end of one 

flange to the other. This behavior indicates that contact between the specimen and the 

loading machine began at the end of one flange and progressed along the cross-section until 

contact was made at the end of the opposite flange. In fact, the data suggest that the cross- 

section initially rotated about the mid-point of the web upon application of the compressive 

load, with tensile strains first developing in the flange opposite to the first contact point. 

As a result, the membrane strain in the last-contacted flange lagged behind that of the other. 

Note also from the figure that the end shortening response reflects an increasing specimen 

stiffness upon initial loading while the specimen is being fully seated. A calculation of the 

difference in the lengths of the specimen at diametrically opposed locations necessary for 

the observed difference in membrane strains between the two flange ends is provided in 

Figure 6-13. The result is that only 0.004 in. difference in axial length across the 5 in. 

diameter of the potted end support would be necessary to cause the observed behavior. 

The lack of parallelism would reduce axial stiffness first by reducing the amount of the 

cross-section undergoing compression, and then due to the bending which develops in the 

process of the specimen becoming fully seated. The specimens of the [+30/02/-30], 

stacking sequence would be particularly sensitive to this phenomenon due to the small 

prebuckling load range associated with these specimens. For example, the average 

longitudinal strains at buckling (P/AE) for specimens 111-2s, 111s and 111orth were 0.32, 

0.08 and 0.03%, respectively. The greater prebuckling load range available for the quasi- 

isotropic specimens permitted the estimation of initial stiffness at loads above those where 

these effects are particularly noticeable. 
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The reason for the unit values of normalized initial stiffness for some of the 

specimens of the [+30/02/-30], stacking sequence is not apparent. The equivalent 

longitudinal moduli measured using coupons removed from the Z-section stock were 

approximately 4% below the predicted values, as discussed in Section 4.2. Further 

verification of the laminate properties (particularly bending stiffnesses) was provided by 

deplying coupons cut from all of the [+30/02/-30], section stock used to fabricate the 

stiffeners. This was accomplished by heating the coupons at 450 °C for 30 minutes. The 

correct stacking sequence was verified, and all fiber angles were measured to be within 

0.5°. As these stiffeners were of the later vintage, thickness uniformity was generally 

excellent, even in the corner regions. 

6.2.3 Quantitative Analysis of End Supports 

Finite element analyses of the potting-to-stiffener constraint were performed to 

provide a more quantitative correction to the experimental end shortening behavior. This 

was done to permit comparisons of the experimental and predicted responses on an 

equivalent basis throughout the entire load range. Two-dimensional plane strain and 

generalized plane strain analyses were performed for this purpose. These two analysis 

types are expected to bound the actual behavior of the three-dimensional geometry. The 

plane strain assumption prevents the Poisson expansion in the transverse direction of the 

laminate, which yields a more stiff response than expected in the real case. The generalized 

plane strain analyses permit a uniform strain to develop in the transverse direction of the 

laminate, thus maintaining the between-ply constraints induced by the mismatch in stiffness 

properties between plies of different orientations. The transverse strain which develops in 

the generalized plane strain analyses, however, is not limited by the constraint imposed by 

the adjacent elements of the stiffener within the endpot, as would occur in the real case. 

For example, the transverse tensile strain in the web present due to the longitudinal 

compression would be opposed by the adjacent flanges which are backed on both sides by 

potting material. Therefore, the generalized plane strain analyses are expected to yield a 

softer response than in the actual case. The finite element mesh used contained 3398 

elements to provide a reasonable degree of mesh refinement near the top portion of the 

potting-to-stiffener interface where strain gradients will be large, as shown in Figure 6-14. 

The potting material properties of Figure 4-2 indicate significant nonlinearity in both the 
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compression and shear stress-strain responses. Therefore, linear and nonlinear 

(constitutive and kinematic) analyses were performed. The Ramberg-Osgood deformation 

plasticity approach was used to model the nonlinear response of the potting material. Here, 

the uniaxial stress-strain response is fit to a relation of the form: 

Be=o[1+0((5")'| (6.5) 

where E is the initial (linear) elastic modulus, Oo is an offset yield stress, & is the yield 

offset parameter and n is the hardening exponent. Since the effectiveness of the constraint 

of the potting material is likely influenced by both its shear and compression properties, it 

was desired to perform analyses using both of these measured properties, although 

ABAQUS would only permit modelling of the extensional moduli as in Equation 6.5. 

Therefore, use of the measured shear stress-strain response in the analyses was 

accomplished by fitting Equation 6.5 to the shear test data converted to a stress intensity- 

Strain intensity basis, using the relations below: 

©; = [(6,-0,)” + (Gy-Oz)” + (G-O,)? + 3(tyy? + Tye? + Tex2)} 

4] 2 2 2,3 Wf Ej rw | + (€y-€) + Ex€x) +5 hy? + Yor” + Yn2)| 

0; = Eg; (6.6) 

where 6j and €; are the stress and strain intensities, respectively. The compression and 

shear stress-strain intensity data measured using samples of the potting material, together 

with the respective fits to Equation 6.5 are provided in Figure 6-15. The data clearly 

indicate that the shear stress-strain response is the more compliant. The fit of the data to 

Equation 6.5 is very good. 

Results from the linear, generalized plane strain finite element analyses will be used 

to illustrate the difference in the constraint offered by the potted end supports as a function 

of the geometric and material parameters. The distribution of longitudinal compressive 

strain and shear strain along the potting-to-stiffener interface is provided in Figure 6-16 for 
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all three stacking sequences. In the case of the 8-ply quasi-isotropic laminate [+45/0/90]s, 

the compressive strain decreases to 50% of the far-field value (in the unpotted portion of 

the laminate) within the top 20% of the pot depth, as shown in Figure 6-16a. The same 

50% reduction in compressive strain in the [+30/02/-30], and [£45/0/90]2s5 laminates does 

not occur until the mid-depth location in the end support. The compressive strain in the 

laminate at the bottom surface of the end support in contact with the loading platen is 

predicted to be a function of the laminate modulus and thickness. In the 8-ply quasi- 

isotropic case, the compressive strain at the bottom is 25% of the value in the laminate 

away from the end support, as seen in the figure. The strain reduction at the base is a 

reflection of the load transfer into the potting material under the action of the shear stress 

present at the laminate-to-potting material interface. The compressive strain at the base of 

the 16-ply quasi-isotropic and orthotropic laminates is approximately 40% of the far-field 

values. The results for the three stacking sequences indicate that the load in the end 

supports is carried by both uniaxial compression and shear mechanisms, and that the 

relative participation of the mechanisms is a function of the axial stiffness (E*A) of the 

laminate. The latter observation underscores the fact that the proportionality factor k 

discussed in the qualitative model of Section 6.2.2 is not a constant, but instead represents 

the functional dependence of the compression and shear mechanisms on the geometrical 

and material variables. The rate of shear strain decay with distance from the top of the 

endpot depends on the stacking sequences in the same way, as shown in Figure 6-16b. 

Thus, the strain decay rates are seen to vary inversely with the axial laminate stiffness, 

E*A. This simply means that the relative effect of the additional axial stiffness offered by 

the endpot decreases as the intrinsic stiffness of the laminate (E*A) increases. Note that the 

magnitude of the shear strain decreases to the value of the longitudinal strain in the laminate 

away from the endpot within the top 10% of the endpot depth. Therefore, the amount of 

the potting material significantly affected by the nonlinear material response will likely be 

small. 

The generalized plane strain finite element predictions of the additional end 

shortening which occurs in the potted end supports as a function of the average applied 

stress (P/A) are shown in Figure 6-17. The results indicate that the effect of the geometric 

and material nonlinearities (solid curves) is relatively minor as suggested by the rate of 

strain decay. The largest displacements within the endpots occur with the 16-ply quasi- 

isotropic laminate, consistent with the slowest rate of longitudinal strain decay with depth 
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into the potting material for this case. The least displacement in the end supports is 

associated with the [+30/02/-30], laminate. This occurs because the longitudinal strains are 

so much smaller by virtue of the high longitudinal modulus of the laminate, even though 

the rate of strain decay in the endpot is predicted to be slow, as seen in Figure 6-16. 

6.2.4 Adjustment to End Shortening Data 

The relationships between the additional displacement in the end supports and the 

applied stress were used to "adjust" the experimental end shortening data, i.e. the predicted 

displacements in the endpots were subtracted from the experimental data. This was done to 

permit comparisons of the experimental and numerically predicted responses on an 

equivalent basis. In addition, the adjustment was applied to the experimental behavior (as 

opposed to adding the displacement within the end supports to the numerically predicted 

response of the gage length) to facilitate subsequent investigation of the relationships 

between the overall structural responses of the gage length and the development of local 

strains which are instrumental in determining ultimate strength. Application of the results 

from the two-dimensional finite element analyses to the three-dimensional stiffeners was 

accomplished on an average stress (P/A) basis. It is recognized that after buckling, the 

stress distribution along the stiffener cross-section in the endpot will reflect the load 

redistribution that occurs within the gage length, and will, therefore, deviate from the 

average Stress. In addition, the potting material in the interior portion of the flange-to-web 

corners will likely be more highly stressed due to the locally reduced volume of potting 

material in relation to interface area. Both of these effects will tend to increase the 

displacements within the endpots due to an increase in the nonlinearity of the material 

response at higher stresses. Nevertheless, the two-dimensional analyses will be used as an 

approximation of the behavior, due to the expense of a three-dimensional analysis of 

sufficient refinement. The normalized stiffness values (PL/AEw) for all of the specimens 

adjusted in this manner are listed in Table 6-2, in addition to the unadjusted values. The 

average unadjusted prebuckling stiffnesses for the various specimen families (i.e. 1_lorth 

etc.) range from 0.88 to 0.93. The range of individual values is greater as noted above. 

The average adjusted stiffnesses for these families range from 0.94 to 1.00 and 0.98 to 

1.04 for the generalized plane strain and plane strain analyses, respectively. Overall, the 

two analysis types result in adjusted stiffnesses very close to unity. The generalized plane 

strain analyses slightly under-corrected the stiffnesses, while the plane strain analyses 
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slightly over-corrected. The effect of the material nonlinearity was a maximum in stiffener 

type 131-2s, but increased the normalized stiffness only by 2% (i.e. from an average 

stiffness of 0.95 to 0.97 for the generalized plane strain case). 

The displacement occurring in the end supports will influence the apparent axial 

stiffness of a specimen throughout the entire load range, and not just prior to buckling. 

The significance of the above discussion is that an experimental artifact such as these potted 

end supports might result in an apparent size dependence of the overall structural response. 

This might be interpreted falsely as a scale effect if the mechanics governing the constraint 

of the potted end supports are not included in the analyses. In a rigorously scaled 

experiment, the boundary conditions must be properly scaled as well. The implications for 

the specimens of this study can be illustrated by a simple example. Let a 1-in.-deep by 4- 

in.-diameter potted end support used in this work be designated as size 1. Now consider 

strictly scaled experiments using scale factors, A, of up to only 3. Simply scaling all of the 

potted end support dimensions would result in the volume of the largest potted end support 

(scaling as 1) being an ungainly 1.5 gallons of potting material! Note also that the model 

discussed above would not require the potted end supports to be scaled in this manner. 

The model predicts that the specimen and potted end supports should be sized such that the 

nondimensional group (k E t Lp/Lg) remains constant. In effect, the entire volume of the 

potted end support may not need to be scaled, since the constraint is imposed locally in a 

relatively thin layer of potting material along the interface with the stiffener. In summary, 

scaling specimens without consideration of the mechanics governing the behavior can result 

in unnecessary experimental difficulties and incorrect identification of scale effects. 

6.3 Load-End Shortening Response 

6.3.1 Experimental and Predicted Responses 

The predicted load-end shortening responses exhibited excess stiffness with respect 

to the experimentally observed behavior. Excess stiffness was typically present even in the 

prebuckling regime, and increased with increasing load beyond buckling. Typical results 

are shown in Figures 6-18 and 6-19. Results for specimens 111-2s-2 and 131-2s-2 are 

contained in Figure 6-18a. These specimens were fabricated from the 16-ply quasi- 

isotropic laminate and represent flange sizes of 1.25 and 0.75 in. The gross difference 
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between the predicted and unadjusted experimental prebuckling stiffness is apparent in the 

figure for specimen 131-2s-2._ The adjustment made to compensate for the displacement 

which occurs in the potted end supports was discussed in the previous section. For 

specimen 131-2s-2, the extent of the prebuckling load range and the error in the unadjusted 

prebuckling stiffness practically preclude an effective comparison in the small postbuckled 

region. The error in prebuckling stiffness is seen to be smaller for specimen 111-2s-2. 

The overestimation of the load in the postbuckling range of this specimen is relatively 

modest at 6.3%. 

These results can be contrasted with those of specimens 111s-2 and 131s-2 using 

Figure 6-18b. The difference between the two groups of specimens is the laminate 

thickness (16-ply quasi-isotropic in Figure 6-18a versus 8-ply quasi-isotropic in Figure 6- 

18b). The prebuckling stiffness errors are not as obvious in the 8-ply specimens, since the 

relative size of the prebuckling load range is much smaller. The maximum errors 

associated with the predicted loads in the postbuckling range are much greater, however, 

reaching a magnitude of 23.3% for specimen 111s-2. The size of the postbuckling range is 

much greater for this specimen as well. In fact, the ratio of the maximum value of end 

shortening at failure to the value at buckling is greater than 11 for specimen 111s-2. 

Finally, the results for equivalent geometries of specimens having the [+30/02/-30], 

laminate are presented in Figure 6-19. Significant damage develops in specimens of this 

laminate prior to final catastrophic failure, which limits the maximum postbuckling load at 

which comparisons between the experimental and predicted loads can be made. With this 

in mind, the maximum overprediction of the load is only 8% for these specimens. It is 

worth noting that the ratio of maximum end shortening-to-end shortening at buckling is 

nearly 12 for specimen 11lorth-2. Therefore, the relative sizes of the postbuckling ranges 

are comparable between specimens 111s-2 and 11 1orth-2, while the maximum errors in 

estimated loads differ by a factor of 3. 

A summary of the errors associated with the numerical load predictions is presented 

in Table 6-3. Both the experimental and numerically predicted loads are reported for each 

specimen at the minimum value of end shortening attained experimentally which coincides 

with partial or complete failure of the specimen. Partial damage of the specimen was 

indicated by a discontinuity in the load-end shortening response. Thus, the indicated errors 

are the maximum errors reached, until some localized failure effectively changed the 
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character of the material, obviating meaningful comparisons at any higher load. The errors 

range from -2.3% to 23.3%. The greatest errors occurred with specimens of the 8-ply 

quasi-isotropic laminate having the larger flanges (e.g., specimen 111s-2). These 

specimens also exhibited the largest postbuckling load range. The bulk of the stiffness 

disparity in the prebuckling regime is attributed to the displacements which occur in the 

potted end supports of the experimental specimens, as discussed above in Section 6.2. The 

discrepancies between the predicted and observed load values can be correlated with the 

absolute size of the postbuckling load range as illustrated in Figure 6-20, in which the 

overestimation of load (expressed as a percentage of the experimental load value) for all of 

the specimens is plotted against the difference between the maximum end shortening 

attained prior to damage and the value at buckling. The trend of the data indicates that the 

error in the load prediction increases with this difference in end shortening values. The 

difference in the end shortening values between damage initiation and buckling is a measure 

of the size of the nonlinear response regime. Therefore, the data trend indicates that the 

actual geometric and/or material nonlinearities are not being modelled completely. 

Nonlinearity in the stress-strain response of the material is not included in the finite element 

formulation and would become increasingly important as strains increase with distance into 

the postbuckling range. Geometric nonlinearity is modelled in ABAQUS based on the 

small strain, large rotation assumption. The finite deformation (i.e. large strain) strain- 

displacement relations due to Green are: 
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where x,y and u,v are the in-plane coordinate directions and displacements, respectively. 

The out-of-plane deflection is w. The small strain, large rotation assumption is invoked by 

including only the nonlinear terms in the out-of-plane deflection as shown below: 
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Therefore, the omission of the higher order terms in the in-plane displacements will lead to 

reduced accuracy as the in-plane strains become large. Detailed discussion of the predicted 

strain magnitudes will be deferred to Section 6.6. For the present purpose, however, it is 

sufficient to note that some strain magnitudes are predicted to exceed 3%. There are two 

implications of such a magnitude with respect to the agreement between the predicted and 

observed load-end shortening behavior. Firstly, as noted above, in-plane strains of this 

magnitude may begin to violate the small strain assumption upon which the finite element 

formulation is based. Secondly, such magnitudes certainly indicate that some local material 

failures are to be expected for the material system used at load values below that of final, 

catastrophic failure. The consequence of this is that the constitutive relationship for the 

material is no longer constant, and could be significantly reduced locally. 

6.3.2 Sensitivity of Predicted Response to Material Properties. 

Limited analyses were performed in an attempt to identify sources of the excess 

stiffness observed in the numerical models. Material properties naturally had to be 

assumed in order to perform the finite element analyses. In general, estimates of material 

properties may be wrong right from the beginning of an analysis in the worst case, or may 

become inadequate as the analysis penetrates the nonlinear response regime. Various test 

analyses were performed to evaluate the two considerations: sensitivity to the initial values 

and the effects of degraded properties. Since a rigorous sensitivity analysis was not 

performed, the magnitudes of the material property changes considered can be used as a 

guide as to which of the above considerations each numerical experiment was directed. 

The properties assumed in this work were verified experimentally to a limited extent using 

test coupons removed from the Z-section stock, as discussed in Section 4.2. The actual or 

effective material properties in-situ could change as strains became large and as damage 

developed in the laminates. For example, shear moduli of graphite/epoxy unidirectional 

material typically exhibit a highly nonlinear stress-strain behavior. The result is that the 

effective or instantaneous shear modulus at high strain may be considerably lower than the



initial value, which will cause a "softening" of the true response compared to the response 

predicted using the initial (higher) value. The strength of unidirectional composites in the 

direction transverse to the fibers is typically very low. The transverse strength may be 

exceeded locally and manifested by matrix cracking, without necessarily causing immediate 

catastrophic failure of the entire specimen. Therefore, the discontinuity across any matrix 

cracks in one or more plies prior to failure effectively decreases the material stiffness near 

those cracks. 

The sensitivity of the load-end shortening response to the assumed value of the 

fiber modulus is illustrated in Figure 6-21. Experimental results from specimen 211s-1 and 

the results from the baseline finite element case (Ej; = 18.5 Msi) are contrasted with those 

of an analysis in which the fiber modulus E11 was reduced by 5%, compared to the 

baseline case. The stacking sequence is [+45/0/90]s. The flange and web widths are 1.25 

in. The 5% reduction in E), translates into a near 5% reduction in the equivalent 

longitudinal and transverse extensional and bending stiffnesses of the laminate. 

Accordingly, the computed loads for this case are reduced by 5% throughout the load 

range, as indicated in Figure 6-21a. The prebuckling and initial postbuckling portions of 

the response are contained in Figure 6-21b. The experimental data for specimen 211s-1 is 

provided in both the unadjusted and adjusted (for the displacement predicted to occur 

within the potted end supports) forms. The reality of the experimental configuration is that 

some displacement will occur within these end supports. The results in Figure 6-21b 

indicate that the overall axial stiffnesses of the baseline FEM and the adjusted experimental 

cases are nearly the same. In addition, the results for the reduced E,; FEM case and the 

unadjusted experimental case are also virtually identical, but equal to a lower value. 

Clearly, both the displacement within the end supports and the fiber modulus play 

significant roles in determining prebuckling stiffness. It is apparent in Figure 6-21a, 

however, that the two factors have significantly different impact on the postbuckling 

portion of the response. In Figure 6-21a, the reduced modulus results in similarly reduced 

predicted loads as has been noted, while the displacement within the end supports becomes 

insignificant compared to the large deformations in the extensive postbuckling load range. 

The point of this discussion is that inference of material properties from the experimental 

response (i.e. assuming the true fiber modulus to be that of the 5% reduced case based on 

its agreement with the unadjusted experimental results), without consideration of the effect 
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of the end conditions, would result in an artificially improved prediction of the 

postbuckling response. 

An upper bound numerical prediction of the effect of transverse matrix cracking on 

the load-end shortening response was performed by reducing the transverse modulus E22 

by a factor of 1.0E6 throughout those plies assumed to have cracked. It is recognized that 

in reality such a reduction would occur only in local regions of tensile stress. Therefore, 

effects such as the asymmetry of the material properties with respect to the mid-plane of the 

laminate which would occur in reality, and the details of the resulting load redistribution are 

not considered. These effects would certainly be important in determining the strength of 

the stiffener. However, this approach has been used here only to estimate the effect of 

cracking on overall stiffness. Results from the baseline FEM analysis (E22 = 1.64 Msi) 

and experimental specimen 211s-1 are contrasted with two cases of reduced E22 in Figure 

6-22a. The configuration is the same as used in the discussion in the preceding paragraph. 

In one analysis, the reduced E22 is imposed on the +45° surface plies. In a second, 

extreme case, the reduced E29 is imposed on all plies in the laminate. The results indicate a 

load decrease of 4% for the former case of surface ply cracking. The load reduction 

increases to 7% for the assumption of reduced E22 in all plies. The point of the analyses of 

the effect of E22 is primarily to provide a qualitative indication of the effect of matrix 

cracking on stiffness late in the postbuckling region. The results suggest that not more than 

about 5%, out of a total 17% "error" in predicted loads at failure, could likely be attributed 

to matrix cracking. 

The sensitivity of the load-end shortening behavior to shear moduli was also 

considered. Results from an analysis based on a reduced in-plane shear modulus G12 are 

contained in Figure 6-22b. The shear modulus was reduced 20% from the baseline FEM 

case to a value of 0.7 Msi. This value is well within the range of secant moduli typical of 

graphite-epoxy material at the strains encountered in the stiffeners. The maximum load 

reduction is only 2%, compared to the baseline finite element analysis. This result is a 

simple reflection of the fiber-dominant nature of the stacking sequences used. The 

sensitivity of the response to in-plane shear moduli would naturally increase with more 

matrix dominated stacking sequences and material systems. 
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Finite element results for an analysis based on reduced transverse shear moduli are 

also contained in Figure 6-22b. The ABAQUS finite element formulation is based on a 

first-order shear deformation theory, in which the normal to the laminate mid-surface 

remains straight throughout the thickness, but is allowed to rotate in response to transverse 

forces. A limitation of this theory is that the transverse shear strain is forced to be constant 

throughout the laminate thickness at a point, instead of distributed parabolically. A 

correction factor is employed in the theory such that the constant transverse shear strain is 

the same as the thickness-averaged value computed from a three-dimensional elasticity 

solution of some simple geometries and load cases. This was verified in the current work 

using the problem of cylindrical bending of a laminated composite plate under distributed 

load. Excess stiffness naturally will be predicted due to the inexact modelling of the 

kinematics of the transverse shearing action, in any geometry and loading configurations 

where the correction factor used is not appropriate. In addition, the higher maximum strain 

in the true distribution will induce more material nonlinearity than indicated from the first 

order theory. 

As an extreme case, an analysis was performed in which the transverse shear 

moduli were reduced by a factor of ten compared to the baseline FEM case (G13 = 0.87 

Msi, G23 = 0.5 Msi). This order-of-magnitude change was selected to encompass the 

combined effects of the kinematical constraint on transverse shearing inherent in the model 

and the reduced material property associated with higher strain levels present in the 

experimental specimens. The predicted load at the maximum value of experimental end 

shortening is just 3% above the experimental load, compared to the 17% overestimation of 

the load in the baseline FEM analysis. This reduction in predicted loads in the postbuckling 

response regime is not accompanied by the contra-indication of reduced prebuckling 

stiffness, as was the case when the fiber modulus was reduced. The dependence of the 

load reduction due to reduced transverse shear stiffness on the stacking sequence is 

illustrated in Figure 6-23. Results are presented for the three stacking sequences, using 

specimens having web and flange widths of 1.75 and 1.25 in., respectively. The errors of 

the numerical load predictions at the maximum experimental end shortenings (upon 

initiation of stiffness-reducing damage) expressed as a percentage of the experimental loads 

are +9%, -2% and -5% for the [+45/0/90],, [+30/02/-30], and [+45/0/90]2, stacking 

sequences, respectively. In the latter two cases, the numerical load-end shortening curves 

fall below those of the experimental specimens. The reductions in the predicted loads as a 
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percentage of the baseline FEM loads are 12%, 6% and 11% for the [+45/0/90]s, [+30/02/- 

30], and [+45/0/90]2, stacking sequences, respectively. Therefore, the quasi-isotropic 

laminates are more sensitive to the transverse shear stiffness reduction. 

A final sensitivity to be discussed is that of the magnitude of the assumed initial 

imperfection. This was discussed in Section 6.1.2 in connection with the determination of 

buckling loads. The greatest sensitivity to this magnitude was observed to occur with 

specimen type 131-2s, which consists of the smallest flange (0.75 in.) among the 16-ply 

quasi-isotropic laminates. Numerical load-end shortening curves for assumed initial 

imperfection magnitudes of 2.5%, 5% and 10% of the 0.08 in. laminate thickness are 

provided in Figure 6-24. The experimental results for specimen 131-2s-2 (adjusted for the 

displacement occurring in the potted end supports) are also contained in the figure. The 

predicted load for the 10% imperfection case at the maximum adjusted experimental end 

shortening value is 5% below the experimental load. The predicted prebuckling response 

for this model is also significantly different from the experimental response for loads above 

one-half the buckling load, and indicates the onset of buckling at substantially lower loads 

than observed experimentally. The experimentally observed prebuckling response 

provided a guide as to the actual value of the imperfection magnitude for those specimens 

that exhibited any sensitivity of the postbuckling load-end shortening response to that 

magnitude. The relatively larger out-of-plane postbuckling displacements among the 

thinner and/or wider specimens made their response insensitive to the assumed magnitude. 

Therefore, the value of the assumed initial imperfections actually used is not considered to 

be a source of significant error in the postbuckled stiffness, since either the response was 

insensitive to the magnitude or the prebuckling response effectively determined what the 

consistent assumed magnitude was. 

In summary, the predicted load-end shortening responses exhibited relatively minor 

dependencies on physically plausible and experimentally non-inconsistent variations in the 

initial, constant material properties. The response was most sensitive to the fiber modulus 

Ej. This conclusion is consistent with the analyses of the postbuckling response of 

laminated composite plates reported in Reference 36. However, in the current work it was 

determined that while a slight reduction in the fiber modulus was consistent with the 

unreduced experimental data, such a modulus reduction was inconsistent with the 

experimental response once corrected for the displacement which was predicted to occur



due to the potted end supports. Therefore, it is concluded that error in the assumed initial 

value of fiber modulus is not a dominant source of excess stiffness in the numerical 

models. The effect of reducing the ply stiffness in the direction transverse to the fibers to 

essentially zero, such as would accompany matrix cracking, was small relative to the 

magnitudes of the errors in predicted loads. Similarly, a reduction in the in-plane shear 

modulus well within the range of secant moduli possible for the material system produced a 

minor load reduction. A large reduction in the transverse shear stiffness did produce a 

significant reduction in the predicted loads, even to the point of them being underestimated. 

This observation is not consistent with the conclusion of Reference 36 for laminated plates, 

in which it was stated that the responses were "insensitive" to transverse shear moduli. 

Candidate sources of excess stiffness in the numerical models which were not evaluated are 

the kinematical small strain assumption and the assumption of constant material properties. 

6.3.3 Normalized Load-End Shortening Response 

Normalized buckling load parameters were discussed in Section 6.1.4. The 

parameter B also normalizes the postbuckling load-end shortening responses of specimens 

fabricated from the various stacking sequences for a given flange-to-web width ratio. 

Normalized experimental load-end shortening results are provided in Figure 6-25. The 

load is presented as B raised to the fourth power. The parameter B appears in the form 6.2 

from the solution of the characteristic polynomial of the fourth-order differential equation 

governing the initial buckling response, (see Section 3.1.1 and the Appendix). The load 

appears raised to the one-fourth power in this parameter, which tends to compress the load 

results. The presence of the ratios of the bending stiffnesses under the radical in this 

parameter tends to dampen this compression, however. In any case, the postbuckling 

curves based on the load normalized in terms of the parameter B become virtually horizontal 

deep in the postbuckling response regime. Therefore, the postbuckled loads are normalized 

in terms of [34 to accurately reflect the positive postbuckled stiffness that all of these 

specimens exhibit and to remove any ambiguity in the effectiveness of the parameter in 

normalizing the postbuckled response. The end shortening is normalized with respect to 

the value at buckling, based on the average buckling loads of Table 5-1. The symbols 

denote the specific stacking sequence and are located at the ultimate failure load. The top 

three sets of curves illustrate that the results for the various stacking sequences are 

effectively normalized for a given flange-to-web width ratio. The web size for these three 
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cases is the same at 1.75 in. The bottom set of curves illustrates that the normalization 

depends only on the flange-to-web width ratio, and not on the absolute value of either 

element. The results in this bottom set of curves correspond to a flange-to-web width ratio 

of unity, but represent web widths of 0.75 in. and 1.25. It is concluded, therefore, that the 

parameter B effectively normalizes the buckling and postbuckling load values for the 

various material properties and absolute dimensions for a given flange-to-web width ratio. 

6.4 Out-of-Plane Deflection 

6.4.1 Displacement Magnitudes 

The Direct Current Displacement Transducers (DCDTs) provided experimental 

measurements of the out-of-plane deflections at 3 (gage length = 6.0 in.) or 4 (gage length 

= 10 in.) axial locations on each specimen. These measurements were generally obtained 

near the flange free edges. Comparisons of the experimentally observed and numerically 

predicted displacement amplitudes are provided in Figures 6-26 to 6-28. The comparisons 

which follow should be prefaced by noting that the displacements were only sampled 

experimentally at a relatively few points, while the finite element solution is more "whole- 

field" in nature. Photographs of the flanges monitored using shadow moire indicate that a 

DCDT was generally located at or near an anti-node of the flange, (see for example Figure 

4-8b). Still, there is no guarantee that the maximum displacement at every load occurred at 

a point being monitored bya DCDT. Therefore, interpretation of the significance of any 

experimental values which are less than the predicted amplitudes should be made with 

Caution, since the actual maximum displacement occurring in the specimen may not have 

been measured. 

The responses of all the 16-ply quasi-isotropic specimens are contained in Figure 6- 

26. The finite element predictions are based on an initial imperfection magnitude of 2.5% 

of the laminate thickness. The results indicate that the actual imperfection magnitudes may 

have been less than this, since the experimental specimens consistently exhibited a more 

sharply defined transition between the pre- and postbuckling load-deflection responses. 

The agreement in the postbuckling load range is generally good. The monotonic increase 

of the deflection with load is a consequence of the fact that these specimens did not undergo 

any mode number changes in the postbuckling regime. The maximum out-of-plane 
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deflection of 2.5 laminate thicknesses occurred in a specimen with the greatest flange 

width. 

The responses of the 8-ply quasi-isotropic specimens are provided in Figure 6-27. 

The changes in the shapes of the load-deflection curves of specimen types 111s and 121s 

correspond to changes in the number of half-waves in the mode shape which occurred 

during postbuckling. Discussion of the specific mode shapes and changes will be provided 

in the next section. In general, the agreement between the observed and predicted 

deflections is good. Note in particular the agreement obtained for specimen type 111s. 

Recall that the predicted loads for these specimens were up to 23% high with respect to the 

experimental loads at the maximum value of end shortening. This excess stiffness of the 

numerical model is not observed in the out-of-plane deflection response of this specimen 

type, as indicated in Figure 6-27a. This observation is also true of nearly all other 

specimen types as well. Therefore, the results indicate that the geometric nonlinearity is 

modelled quite successfully with respect to the out-of-plane response. 

Finally, the load-deflection responses of the [+30/02/-30]; specimens are provided 

in Figure 6-28. Again, mode shape changes (both predicted and observed) are signified by 

the local changes in the shapes of the curves. Overall agreement between the predicted and 

observed amplitudes is good prior to the development of damage in the specimens. 

6.4.2 Changes in Local Buckling Mode Shape 

A more definitive illustration of the ability of the numerical analyses to predict the 

postbuckled configuration can be obtained by contrasting the predicted and observed out- 

of-plane displacements at selected points along the gage length. For example, the mid- 

height flange-end displacements for specimen 111s-1 are contained in Figure 6-29a. The 

experimental results (solid lines) and numerically predicted responses (broken lines) 

indicate that two mode changes are observed and predicted reasonably well. The mid- 

height, flange-end responses for specimen 111-2s-1 are contained in Figure 6-29b. No 

mode changes are encountered in this case. After buckling, the agreement between the 

experiments and analysis is nearly perfect. The responses for two specimens of the 

[+30/02/-30], stacking sequence are provided in Figure 6-30. The first mode change in 

specimen 11 lorth-1 (Figure 6-30a) is predicted well. Note that the numerical model 
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predicts a second mode change at 2000 lb, which the experimental specimen does not 

experience. The load at which this second mode change is encountered coincides with the 

predicted maximum transverse tensile strain reaching a nominal strength value of 0.46% 

(based on Y; = 7.5 ksi, and E22 = 1.64 Msi). Therefore, the departure of the predicted and 

observed mode shapes may be partly due to the development of damage in the specimen. 

The results for a second specimen of the [+30/02/-30], stacking sequence (11 1orth-2) are 

provided in Figure 6-30b. In this case, the two mode changes are both predicted and 

observed. 

6.4.3 Scaling of the Response 

The results of the preceding section demonstrate the ability of the numerical 

analyses to predict the out-of-plane deflection responses of the largest specimens. The 

purpose of the present section is to identify the presence of any "scale effects" in the 

response of the smaller specimens. Recall that the working definition of a "scale effect" in 

the mechanistic approach to scaling being used here is the departure from the mechanics 

model of the observed response, which occurs systematically with the specimen size. The 

experimental and finite element predictions of the out-of-plane deflections for specimens 

231s-1 and 331s-2 are contained in Figures 6-31a and 6-31b, respectively. The web 

widths of these specimens are 1.25 and 0.75 in., respectively, in contrast to the 1.75 in. 

web width of the specimens discussed in Section 6.4.2. The flange width is 0.75 in., as 

opposed to the 1.25 in. flange width of the specimens discussed above. Direct Current 

Displacement Transducer (DCDT) data and finite element nodal displacement values at the 

ends of the flanges at the mid-height axial location are presented. 

The correlation between the experimental and numerical responses of specimen 

231s-1 is nearly perfect throughout the entire load range (Figure 6-31a). The correlation is 

less good for specimen 331s-2 (Figure 6-31b). The observed difference in the prebuckling 

response is no greater than that observed in the larger specimens, however. The 

prebuckling response at a given point is naturally very sensitive to the nature of the actual 

local imperfection. Therefore, some difference in the predicted and observed prebuckling 

responses at a specific point is anticipated. The agreement between the postbuckling 

responses of one flange of specimen 331s-2 is good. The correlation between the 

experimental and numerical responses is less good for the other flange. Here, the 
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agreement is good while the specimen begins to buckle. Immediately thereafter, however, 

a discontinuity develops in the experimental response, with the result that less out-of-plane 

deflection was observed experimentally than predicted. Still, the overall correlation 

between the experimental and finite element responses is considered good for the smaller 

specimen sizes. No systematic degradation in the ability of the mechanics model (FEM) to 

predict the response was observed to occur as a function of specimen size. Therefore, the 

presence of scale effects was not indicated. 

6.4.4 Axial Distribution of Out-of-Plane Displacement 

Results of the numerical analyses will now be used to further characterize the 

postbuckling mode shapes. The predicted development of the mode shapes in the 

postbuckling response regime can be illustrated by the distribution of the out-of-plane 

displacement along the gage length at the end of the flange as a function of load. 

Displacement distributions of this type are contained in Figures 6-32a, 6-32b and 6-33 for 

specimen types 111-2s, 111s and 11 lorth, respectively. The evolution of the mode shape 

with increasing load for the 16-ply quasi-isotropic specimen type 111-2s is characterized 

only by increasing displacement amplitudes, with no change in the number of half-waves 

(Figure 6-32a). The 8-ply quasi-isotropic specimen type 111s undergoes increasing 

displacement amplitudes, but also a change in the number of half-waves from 3 to 4 at 

approximately 2500 lb (Figure 6-32b). The higher longitudinal bending stiffness of the 

[+30/02/-30], laminate results in fewer half-waves in the buckled mode shape for a given 

geometrical configuration. At a load of 1200 lb, for example, specimen 111s of the 

[+45/0/90]; stacking sequence exhibits three half-waves, while specimen 11 lorth exhibits 

only two (see Figures 6-32b and 6-33). 

6.5 Secondary Mode Interaction 

A second characteristic of the postbuckled mode shapes is the distortion which 

takes place as a result of coupling between bending and twisting actions. This coupling 

results from the Dig (i=1,2) material bending stiffnesses. The twisting of the section is 

manifested by a shift in the axial locations of wave crests from the end of one flange 

compared to the other. The presence of twisting is further indicated by oppositely signed 

in-plane displacements at the ends of the flanges. These phenomena are illustrated by the 
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finite element results presented in Figures 6-34 through 6-36, for specimen types 111-2s, 

111s and 11 1orth, respectively. The relative magnitudes of the bending-twisting coupling 

stiffnesses (D16/D1}1) for these three cases are 0.06, 0.16 and 0.21, respectively. There is 

little difference from one side of the section to the other in the locations of the nodal and 

anti-nodal positions for specimen 111-2s (Figure 6-34a). This is a reflection of the 

relatively low coupling that is present in the 16-ply quasi-isotropic laminate. The in-plane 

displacements indicate that some twisting is occurring, but the displacement magnitudes are 

on the order of only two ply thicknesses (Figure 6-34b). The relative coupling term is 

much greater in the 8-ply quasi-isotropic laminate, with the result that much more twisting 

of the section occurs. From Figure 6-35a, it can be seen that there is an approximately one 

inch difference in axial location of wave crests between one flange and the other. In 

addition, the magnitude of the in-plane displacements are on the order of 6 ply thicknesses 

(Figure 6-35b). Finally, the magnitude of the bending-twisting coupling is still greater in 

the [+30/0>/-30], laminate. Differences in the axial location of wave crests from one flange 

to the other are approximately two inches for this case (Figure 6-36a). The equal 

magnitude, but oppositely signed in-plane displacements further indicate the presence of 

twisting of the section (Figure 6-36b). 

There is ample experimental evidence that the predicted twisting actually occurred. 

The shadow moire fringe patterns (Figures 5-19 to 5-21) indicate the presence of twisting 

by the distortion of the contour patterns which increases in proportion to the relative 

magnitude of the bending-twisting coupling (D1¢6/D11). The displacement transducer data 

also indicate twisting by the difference in magnitudes from one flange to the other at a given 

axial location. This is illustrated in Figure 6-37, using data from specimens 111-2s-2 

(D16/D11 = 0.06) and 11 lorth-1 (Dj6/Dj; = 0.21). The data shown were obtained from 

displacement transducers located near two adjacent anti-nodes of the buckled configuration. 

The data for specimen 111-2s-2 indicate that the flanges were "in-phase" with each other; 

that is, the displacements were of the same sign and approximately the same magnitude at a 

given axial position (Figure 6-37a). The low relative bending-twisting coupling of this 

laminate produced little distortion of the mode shape. The response of specimen 11 1orth-1 

is significantly different (Figure 6-37b). Here, the magnitudes of the out-of-plane 

displacements are markedly different between the two flanges. In fact, in the initial 

postbuckling load range, one flange developed significant bucking displacements, while the 

other at the same axial location, was practically at a nodal position. The displacements of 
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"flange 1" at an axial position of 7 in., remained approximately the same as those of "flange 

2" at an axial position of 5 in. Thus, the predicted two inch shift in the mode shape 

discussed above was also observed experimentally. 

Twisting of the sections may result from simply the bending-twisting coupling 

present in these laminates, or a secondary torsional mode interaction, which is possible 

even in isotropic materials. In an attempt to quantify the material and structural 

contributions to the twisting, a finite element analysis of specimen type 11 lorth was 

performed, in which the bending-twisting coupling terms were set equal to zero. The 

resulting displacement distributions along the gage length are shown in Figure 6-38. It is 

apparent from the out-of-plane displacements (Figure 6-38a) that no distortion of the mode 

shape occurs over the cross-section when the coupling terms are omitted. That is, the axial 

positions of the nodes and anti-nodes do not vary over the cross-section. The in-plane 

displacements predicted by both the baseline FEM analysis and the analysis in which the 

coupling terms are neglected are shown in Figure 6-38b. The results clearly indicate that 

twisting of the section occurs in both instances. The flange-end in-plane displacements for 

the zero coupling case are nearly perfectly equal, but oppositely signed, with slightly 

smaller magnitudes and no width-wise distortion compared to the case in which the 

coupling terms are included. The results for the two analysis types indicate that the 

distortion of the mode shape with respect to the shift in the axial locations of nodes and 

anti-nodes in the width-wise direction of the specimen is due to the material-related 

bending-twisting coupling present in the laminates. This twisting is naturally present only 

in local regions where bending occurs. The more global twisting of the sections, as 

indicated by the equal, but oppositely signed in-plane displacements at the flange ends is 

caused by a secondary, torsional mode interaction. The occurrence of this mode interaction 

regardless of whether the coupling terms are included indicates that the interaction is a 

structural, rather than a material, response phenomenon. 

In general, the vast majority of geometrical configurations were predicted to exhibit 

only twisting interaction. Specimens of the smallest flange-to-web width ratio, however, 

were predicted to undergo a flexural mode interaction. The transition from a torsional to a 

flexural mode interaction with decreasing flange size is illustrated in Figure 6-39 for 

specimens of the 8-ply quasi-isotropic stacking sequence. The maximum in-plane 

displacements at the flange ends and at the center of the web are plotted as a function of 
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axial load in the figures. The axial location of the maximum in-plane displacements is at or 

near the mid-height position. The results for specimen type 111s with the widest flanges 

(1.25 in.) are shown in Figure 6-39a. The flange-end displacements are nearly equal, but 

oppositely signed, which is characteristic of the global twisting discussed above. The in- 

plane displacement at the web center exhibits a slightly positive value (the sign convention 

is illustrated in the figures). Therefore, the center of twist is migrating along the web 

toward one of the flanges. The response of the specimen with a flange width of 0.75 in. 

(131s) is contained in Figure 6-39b. Here, the flange-end displacements are oppositely 

signed, but the absolute magnitudes differ by a factor of two at the higher loads. The in- 

plane displacement of the web is virtually zero. Thus, twisting of the section is still 

occurring, but the center of twist is migrating approximately perpendicular to the web. 

Finally, the results for the smallest flange width (0.50 in., specimen type 141s) are given in 

Figure 6-39c. The in-plane displacements at the ends of the two flanges are approximately 

equal and of the same sign. The in-plane displacement at the web center is negatively 

signed. This combination of displacements indicates that the specimen is undergoing a 

flexural mode interaction about the minor axis of the cross-section. The implication of 

these results for a scaling study based on the mechanistic approach is that a complete 

mechanics model must be able to account for the differing influence and type of secondary 

mode interaction that might occur as specimens are "selectively" scaled; that is, as only a 

subset of the geometric and material parameters are scaled. 

6.6 Analysis of Strain Data 

6.6.1 Predicted and Experimental Longitudinal Strains 

The goal of this section is to establish the credibility of the finite element strain 

predictions in the postbuckling response regime. This is desirable to permit use of these 

results to complement the experimental strain gage data in evaluating the crippling 

mechanisms. Predicted and measured longitudinal membrane and bending strains at 

various points over the specimen width at a certain axial location are plotted versus the end 

shortening in Figures 6-40 to 6-42. Strain data are provided at the flange end, corner and 

mid-web locations. The axial locations correspond to anti-nodes in the buckled shape and 

are either at L/2 or L/3, for gage length, L. Naturally, the agreement obtained will be very 

sensitive to the precise axial locations of the anti-nodes. Results for specimen 111-2s-2 
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(by = 1.75, bp = 1.25, r = 0.125 in., [£45/0/9]2,) at the mid-height location are contained 

in Figure 6-40. The membrane strain data of Figure 6-40a indicate that the corner strain 

magnitudes are predicted exceptionally well. The strain concentration into the comers and 

the unloading of the flanges and web after buckling is also apparent. The amount of 

unloading of the web due to buckling is greater than the predicted amount by 0.001 strain. 

The amount of unloading at the flange ends is less than the predicted amount by slightly 

more than 0.001 strain. Some discrepancy at the flange ends is expected since finite 

element nodal values at the ends of the flanges are being compared to strain gage readings, 

which represent an average value of some finite width region near the flange end. The 

bending strain predictions are seen to be excellent in Figure 6-40b, with the maximum 

bending occurring at the flange ends and essentially none in the corner regions. 

The same strain comparisons are provided in Figure 6-41 for specimen 111s-1 (by 

= 1.75, bp = 1.25, r = 0.125 in., [£45/0/9],) at the mid-height location. The nature of the 

agreement between the predicted and measured strains is similar for this specimen, as 

discussed for the 16-ply quasi-isotropic case above. The predicted corner strain 

magnitudes become slightly greater than observed late in the postbuckling response. Note 

that a mode change is observed and predicted at a length-normalized end shortening value 

of 0.0035. Once again, more unloading of the web center and less unloading of the flange 

ends occurs experimentally than is predicted. 

Finally, the strain comparisons for specimen 11 lorth-2 (by = 1.75, bg = 1.25, r = 

0.125 in., [+30/02/-30];) at the axial location L/3 are provided in Figure 6-42. The 

prediction of the membrane strain magnitude in one corner is nearly perfect, while a 

discrepancy between the observed and predicted magnitudes develops in the other corner 

late in the postbuckling response. This latter corner is adjacent to the flange which did not 

undergo the second predicted mode change, as discussed above and shown in Figure 6- 

30a. The same trends in the amount of unloading at the flange ends and the web center are 

encountered for this stacking sequence, as discussed above. The bending strain predictions 

in the web and one flange are excellent (Figure 6-42b). Note that the predicted and 

observed responses of the other flange are qualitatively the same, but with a difference in 

magnitudes. The various observations for this flange indicate that there is a difference in 

the predicted and observed response of this specimen, but that this is restricted primarily to 

the axial position of the anti-node in one flange. The correlation of the responses for the 

73



remainder of the specimen is good. There is essentially no bending in the corners. Note 

that the magnitude of the bending is not the same in the two flanges, due to the bending- 

twisting coupling present in this laminate. 

6.6.2 Scaling of the Response 

The ability of the numerical analyses to predict the development of strain in the 

largest specimens was demonstrated in the preceding section. The presence of any non- 

scaled behavior in the response of the smaller specimens will be discussed in this section. 

Membrane and bending strain distributions of the type used in the previous section are 

provided in Figures 6-43 and 6-44 for specimens 231s-1 and 331s-2, respectively. The 

web widths of these specimens are 1.25 and 0.75 in., respectively. The flange width is 

0.75 in. The stacking sequence is [+45/0/90]s. 

The membrane strain distribution over the cross-section of specimen 231s-1 (Figure 

6-43a) is phenomenologically the same as discussed in Section 6.6.1 for the larger 

specimens. Membrane strain concentrates into the corners, while the flange ends 

essentially completely unload. Less unloading at the web center occurs, since the specimen 

is flange critical. The nature of this strain redistribution in the smaller specimen as a result 

of buckling is predicted at least as well as for the larger specimens. The bending strain 

distribution in specimen 231s-1 (Figure 6-43b) is likewise predicted well. In fact, the 

absence of mode number changes in the smaller specimen simplifies the response to the 

extent that the overall agreement between the experiments and the numerical model is better. 

The membrane strain distribution for specimen 331s-2 is shown in Figure 6-44a. 

The overall response is predicted well. The unit value of the flange-to-web width ratio 

(b¢/by,) of this specimen is reflected in the fact that the web center continues to carry 

additional load in the postbuckling load range, as discussed in Section 5.2.2. The strain 

level in one flange remains constant after buckling, while the other flange unloads. These 

responses are directly related to the difference in the out-of-plane deflections indicated for 

the flanges in Figure 6-31. The variation of the deflection and strain responses from one 

flange to the other is again caused by the twisting mode interaction present in these 

specimens. The bending strain distribution for specimen 331s-2 is predicted very well 

(Figure 6-44b). 
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In summary, the predictions of the strain distributions in the smaller specimens are 

at least as good as for the larger specimens. No non-scaled behavior is indicated, since no 

systematic change in the ability of the mechanics model to predict the response was 

observed to occur with specimen size. 

6.7 Crippling Response 

The comparisons discussed above between the observed and predicted out-of-plane 

deflections, postbuckled mode shapes and strain magnitudes suggest that the numerical 

model can quite adequately represent at least some of the local features of the postbuckling 

response. These comparisons inspire confidence in the use of the predicted strain 

distributions to aid in the evaluation of the crippling modes which follows. The 

magnitudes of the strains will be discussed first, followed by illustration of the local 

structural deformation patterns, which are responsible for the maxima in the various 

strains. Finally, these analyses will be related to the experimentally observed failure modes 

and locations. 

6.7.1 Predicted Maximum Material Strains 

The maximum tensile and compressive strains computed in the local material 

coordinate system as a function of the normalized end shortening, u/L, are summarized in 

Figures 6-45 to 6-48. All three stacking sequences are represented. The geometries 

consist of by = 1.75, bp = 1.25 and 0.75, and r = 0.125 in. Both in-plane extensional and 

shear strains, and the average transverse shear strains are presented. Nominal strength 

values of the in-plane strains based on Ref. 37 data are also indicated on the figures. The 

curves are terminated at the value of end shortening at which stiffness-reducing laminate 

damage developed or crippling of the experimental specimens occurred. 

The in-plane maximum tensile fiber strains are presented in Figure 6-45a. Only 

specimen type 111s (large flange, [+45/0/90],) exhibits maximum values at crippling near 

the strength value of 1.1% strain. All but one of the other specimen types exhibit a 

maximum tensile fiber strain of 0.6%. The fiber strain in the remaining specimen (11 lorth) 

is even lower, at just 0.35% strain. In summary, a primary crippling mechanism of fiber 
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tension would only be plausible in specimen 111s, which exhibited the most extensive 

postbuckling load range. The maximum in-plane tensile matrix strains, €22, are shown in 

Figure 6-45b. It is immediately apparent that all of the specimen types greatly exceed the 

nominal matrix strength in tension, in contrast to the low "usage" of the fiber strength in 

tension noted above. The implication is that both the Tsai-Wu (maximum strain) and Tsai- 

Hill ("interactive" quadratic) strength criteria are inadequate when based on the tensile 

matrix strains. One physical interpretation is that some matrix cracking must develop in the 

specimens at loads far below the ultimate failure load. In fact, the characteristic sound of 

matrix cracking was often audible during the experiments. This matrix cracking will 

certainly change the character of the material locally (the constitutive relation, at the very 

least) in some way, which is not included in the numerical model. It was noted in Section 

6.3.2 that matrix cracking might not significantly alter the overall specimen stiffness. 

However, specimen failure is almost certainly related to a local deformation pattern, which 

could be dramatically affected by the presence of matrix cracking. Therefore, the large 

tensile matrix strains may invalidate the numerical analyses of the local strain states to some 

extent, late in the postbuckling response. 

The maximum fiber compressive strains are indicated in Figure 6-46a. The nominal 

strength value is based on assuming equal fiber strengths in tension and compression as a 

first approximation. Note that specimen 111s exceeds the compression strength by a 

significant amount, whereas it only matched the strength value in tension. The results 

suggest that fiber failure in compression might be expected before a tensile failure. The 

quasi-isotropic specimens (both 8- and 16-ply) having the smaller flange width (0.75 in.) 

are predicted to meet the fiber compression strength value upon crippling. Once again, the 

“usage” by the [+30/02/-30]; specimens of the fiber strength in compression is low. 

Therefore, a primary crippling mode of fiber compression failure is plausible for the quasi- 

isotropic specimens only. The maximum compressive matrix strains are shown in Figure 

6-46b. Only specimen type 111s exceeds a nominal strength value of 1.8% strain. Since 

the amount by which this strength value is exceeded is less than that associated with the 

matrix tension and fiber compression criteria, it is anticipated that matrix compression is not 

a primary crippling mechanism. 

The maximum in-plane shear strains are presented in Figure 6-47. Most of the 

specimens exhibited shear strains at crippling fairly close to the strength value of 1.6%. 
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Once again, the strain in specimen 111s is nearly double the strength value. The maximum 

average transverse shear strain, Yxz, is contained in Figure 6-48a. Recall that "x" and "z" 

are the axial and laminate thickness directions, respectively. Note that the first order shear 

deformation theory upon which the numerical model is based, assumes a constant strain 

value over the thickness, as opposed to the quadratic shear strain distribution which likely 

exists. Thus, the true maximum value (at the mid-plane, for example) will be greater than 

the values illustrated. Here, the 16-ply quasi-isotropic specimens exhibit the largest values 

of strain, with the average values reaching 1.2% in the specimen with the smaller flanges. 

Maximum average values of near 0.8% occur in the specimen with the larger flange, and in 

the 8-ply quasi-isotropic specimen of the narrower flange. The average value in specimen 

111s (which has met or exceeded all previous strength values) at failure is only 0.5%. The 

results for the [+30/02/-30], specimens are even lower. Insofar as the transverse shear may 

be related to the onset of delamination, it is apparent that this crippling mode might be most 

prevalent among the thicker specimens, and the 8-ply quasi-isotropic specimens with the 

narrower flanges. The maximum average transverse shear strain, yz, is contained in 

Figure 6-48b. Note that "y" is the width-wise direction, perpendicular to the loading axis. 

Specimen 111s achieves a maximum of 1.0% strain, while all other specimens fail at values 

at or below 0.4% strain. Thus, only in specimen 111s would delamination induced by this 

shear strain be plausible. 

6.7.2. Structural Deformation Associated With Maximum Strains 

The purpose of this section is to identify the structural response mechanisms which 

produce the maximum strain states discussed above. This is necessary in support of 

relating the predicted locations of the most severe strain conditions to the experimentally 

observed failure locations. 

The locations of maximum extensional strains are illustrated on a deformed mesh in 

Figure 6-49. The local deformation patterns which determine the maximum material strains 

are related to the overall postbuckled mode shape. The location of maximum fiber 

compression is generally at a peak in a buckled flange, on the more compressive side, near 

the flange-to-corner junction (Figure 6-49, upper right). This occurs in the outermost 0° 

ply of the quasi-isotropic laminates and in the surface +30° ply of the [+30/02/-30], 

laminate. Maximum compression there results from a combination of the strain 
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concentration into the corner and bending of the flange. Maximum fiber and matrix tension 

in the 16-ply quasi-isotropic specimens are associated with transverse bending of the web 

at an anti-nodal position (Figure 6-49, middle right). Fiber tension occurs on the tensile 

side of the wave in the outermost 90° ply, while matrix tension occurs in the adjacent 0° 

ply. Maximum fiber and matrix tension in the 8-ply laminates occurs in the flange-to-web 

corner at a nodal position of the buckled mode shape (Figure 6-49, lower right). The 

corner undergoes twisting about the longitudinal axis due to the change in sign of the out- 

of-plane displacements from above to below the nodal position. A surface in-plane shear 

condition in the global (not material) coordinate system results from this twisting, as 

indicated in the figure. This global shear state can be resolved into a biaxial strain state of 

equal, but oppositely signed strains in the material coordinate system, also shown in the 

figure. Thus, maximum fiber tension occurs in the surface +45° ply, and maximum matrix 

tension occurs in the -45° ply underneath. Both of these maximum strains occur at the 

inside diameter of the corner. In the case of the [+30/02/-30], laminate, maximum fiber 

tension occurs in the inside diameter surface +30° ply, while matrix tension occurs in the 

opposite +30° ply on the outside diameter. In summary, crippling mechanisms which are 

dominated by tensile strains are anticipated to occur at anti-nodal axial positions in the 16- 

ply laminates, and at nodal locations in the 8-ply laminates. Crippling mechanisms 

dominated by fiber compression are anticipated to occur at anti-nodal axial positions. 

The locations of maximum shear strains are illustrated on a deformed mesh in 

Figure 6-50. The location of maximum transverse shear strain Yyz is at the flange-to-web 

corner at an anti-nodal position (Figure 6-50, upper left). This shear strain results from the 

compatibility enforced between the flange and the comer. The transverse shear force 

applies the constraint of the corner onto the flange (in addition to a bending moment). This 

transverse shear is greatest at an anti-nodal position, since that is where the greatest 

difference in the out-of-plane displacements between the free end of the flange and the 

corner occurs, and hence where the constraint of the corner is greatest. The location 

corresponding to the maximum of the other transverse shear strain, Yxz, is at a nodal 

position, typically at the flange free edge (Figure 6-50, lower left). This transverse shear is 

necessary for overall axial force equilibrium at nodal positions, where the angle between 

the load axis and the plane of the laminate (and, therefore, the in-plane force resultant) is 

the greatest. The magnitude of this shear is then a function of the out-of-plane 

displacement, the wavelength of the mode shape and the amount of the postbuckling load 
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being carried there. The maximum in-plane shear develops in the flange-to-web corner at 

an anti-nodal position in the mode shape (Figure 6-50, middle left). This location is 

subjected to a biaxial strain state in the global coordinate system, caused by longitudinal 

compression in the corner and transverse tension due to the buckling displacements. This 

global, biaxial strain state can be resolved into an in-plane shear condition in the local, 

material coordinate system, as shown in the figure. In summary, primary crippling 

mechanisms related to transverse shear-induced delamination might be anticipated at both 

nodal and anti-nodal positions, while mechanisms dominated by in-plane shear are 

expected to occur at anti-nodal axial positions. 

The finite element predictions of the maximum strain locations can be summarized 

as follows: Strains which are greatest at the nodal positions of the mode shape are fiber 

and matrix tension in the 8-ply laminates, and transverse shear, xz. Strains which are 

maximized at peaks in the mode shape are fiber and matrix tension in the 16-ply laminates, 

in-plane shear and fiber compression. What has been neglected in this discussion is the 

effect of interaction among the strains. The most severe strain state with respect to material 

failure could easily be associated with a combination of strains, none of which are actually 

maxima at the particular location. Thus, the above analysis is only intended to guide the 

evaluation of the responsible crippling mechanisms. 

6.7.3 Crippling Mechanisms 

The crippling load data of Table 5-2 were discussed in Section 5.3.1. Additional 

experimental details pertinent to the discussion of the crippling mechanisms are contained in 

Table 6-4. Included are the number of half-waves in the buckled configuration at failure, 

the axial location of the visible laminate damage after failure and identification of this 

location in relation to nodes and peaks in the buckled mode shape. 

The failure locations in the 16-ply quasi-isotropic specimens corresponded to both 

nodal and anti-nodal axial locations, as indicated in Table 6-4. Specimen 111-2s-1 failed at 

an anti-nodal location. A preliminary failure event was observed at a load 600 Ib below the 

ultimate failure load. The local failure event was characterized by sudden increases in the 

the flange end displacements and the transverse corner opening strains at the axial location 

where final failure occurred. It is postulated that the preliminary failure event corresponded 
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to development of damage in the corners, possibly by in-plane shear. The resulting loss of 

constraint by the corner on the flanges would be responsible for the sudden increases in 

flange-end displacements. This corner damage would be a likely initiation site for the 

extensive flange delamination that was observed. A second specimen which failed at an 

anti-nodal position was specimen 121-2s-1 (Figure 5-23b,c). The post-test appearance of 

this specimen is characterized by a bending compression failure of several outer plies of 

one flange, from which delamination propagated. The other flange and the web appear to 

have failed in bending due to the overloading caused by the failure in the first flange. Both 

of the above anti-nodal failure scenarios are consistent with the structural-material 

interaction predicted numerically and discussed in Section 6.7.2. Significant flange end 

delamination was observed in both instances. Flange end delamination may be associated 

with the transverse shear strain, Yxz, which was shown in the previous section to be 

greatest at nodal positions. The apparent contradiction is resolved by the initiation sites for 

delamination which could be produced by other damage mechanisms. In the case of 

specimen 111-2s-1, this mechanism was likely in-plane shear at the comer, as predicted 

from the numerical analyses. For specimen 121-2s-1, the mechanism may have been 

compression fiber failure in bending, also consistent with the numerical analyses. 

Most of the other 16-ply quasi-isotropic specimens failed at nodal positions. 

Flange end delamination was the primary failure mode in these cases. Typically, 

significant delamination was observed in one flange (e.g. Figure 5-23a), with the web 

failing due to the associated overloading in bending (Figure 5-23c, 5-24b, 5-25b). Failure 

modes of the other flange consisted of free end delamination, crushing in compression 

(Figure 5-23b) and compression failure in bending. The total amount of visible post-test 

laminate damage was generally proportional to the crippling stress, and therefore the strain 

energy. For example, the post-test appearance of the wide flange specimens (low crippling 

stress) was characterized mostly by free edge delamination and relatively few visible fiber 

fractures (e.g. Figure 5-23a). The crippling stresses of the narrow flange specimens were 

higher. The higher strain energy at failure was reflected in the development of damage over 

the entire cross-section of the specimens (e.g. Figure 5-26b). 

Most of the specimens of the [+30/02/-30], stacking sequence did not exhibit any 

flange end delamination, in contrast to the dominance of that mode in the [+45/0/90)2, 

specimens discussed above. Instead, failure of the "orthotropic" specimens was dominated 
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by corner damage at axial locations corresponding to anti-nodes in the buckled mode shape. 

The discussion of Section 6.7.2 indicated that the in-plane shear strain is a maximum at the 

outside diameter of the corner at an anti-node due to the biaxial loading composed of 

longitudinal compression and transverse bending tension. All of the orthotropic specimens 

exhibited a preliminary failure event at loads approximately 400 lb below the maximum 

load achieved. These local failure events were accompanied by sudden increases in the 

flange end displacements and transverse corner strains at a particular axial location. Thus, 

it is believed that these local failure events corresponded to the development of corner 

damage, most likely due to in-plane shear (e.g. near the painted flange in Figures 5-29c, 5- 

29d). The loss of some integrity of the corner is believed to be responsible for the vertical 

splitting at the flange-to-corner junction (Figure 5-29d). This is caused by the reduced 

ability of the degraded corner to resist the transverse shear resultant Qyz, which is predicted 

to be a maximum at an anti-nodal position. One specimen of the 0.75 in. flange width and 

all specimens of the 0.5 in. flange width exhibited flange end delamination, in addition to 

the corner damage discussed above. The data of Figure 6-48a indicate that the transverse 

shear strain, Yxz, is predicted to be greater for the smaller flange widths. Thus the 

appearance of the delamination mode in the specimens with the smaller flange widths might 

be anticipated based on both the finite element analyses and the increased free edge stresses 

associated with the smaller width/thickness case. Apart from the delamination appearing in 

the smaller specimens, the failure characteristics of the orthotropic specimens were 

remarkably consistent between specimens. 

The 8-ply quasi-isotropic specimens typically exhibited both flange end 

delamination and corner damage. The failure locations generally corresponded to nodal 

positions in the buckled mode shape. The corner damage mode was crushing in 

compression (e.g. near point "1" in Figures 5-27b and 5-28b), in contrast to the shear 

mode discussed above for the [+30/02/-30]; specimens. In general, it could not be 

positively determined whether flange end delamination or corner crushing was the primary 

crippling mechanism. Note also that very high tensile matrix strains were predicted for 

specimens of this laminate, as shown in Figure 6-45b. It is not certain what role these 

strains have, if real, in the determination of the crippling mechanism. Visible matrix 

cracking was photographed in one specimen (212s-1) in the corner region at an anti-nodal 

position at a load 200 lb below the final failure load. Thus, it is clear that tensile matrix 
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strains sufficient to cause local material failure did occur, but that such failures were not 

necessarily immediately catastrophic. 

In summary, the experimental failure locations did correspond to the locations of 

maximum strain predicted by the finite element analyses. The observed failure mechanisms 

could be related to the structural deformations, in the same way that the predicted maximum 

strains were related to the predicted deformed mode shape. However, the maximum strain- 

type analyses could not predict which of several plausible failure modes would determine 

failure and at what load it would occur. It should also be noted that the finite element 

formulation did not include the interlaminar normal stress. Attempts to correlate an average 

value of the normal stress with the onset of delamination have been successful using 

uniaxial test data [38]. The analyses performed in the current work clearly could not 

predict the variations in the failure modes among replicate specimens. For example, 

specimen 111-2s-1 failed at a peak location, while replicate specimens 111-2s-2 and 111- 

2s-3 failed at nodal positions. The numerical analyses, therefore, were useful in guiding 

the interpretation of the observed crippling phenomena, but could not provide a quantitative 

prediction of the crippling loads or a precise determination of the responsible failure 

mechanism. The above discussion of the predicted strain development and the observed 

crippling responses should be placed in the context of the characteristics of the real material 

discussed in Section 4.3. Recall that the laminate is modelled as being comprised of 

uniform, homogeneous, orthotropic layers. The photographs contained in Figures 4-3 and 

4-4, indicate that the real material was anything but homogeneous and uniform, at least in 

the corners of the older material. The significance of this nonuniformity in the corners is 

aggravated by the fact that the load is concentrated into the corners during additional 

loading in the postbuckling range. Since damage development and failure are inescapably 

related to the local deformation and material states, it is anticipated that only with more 

detailed analyses of the local geometry will a mechanics-based failure prediction capability 

be realized. 

6.7.4 Strength Scale Effects 

Overall, average stress values (i.e. load/area) may be expected to scale directly for 

some responses of a model which has been scaled according to the laws of similitude. A 

global measure of the existence of strength scale effects is then based on whether the 
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average failure stress (of the P/A type) is the same between specimens of various size 

scales. Failure phenomena in composite materials, however, occur on a much more local 

scale. That is, failure of a laminate might be determined by the local stress state within 

and/or between individual plies. Therefore, a definitive statement of the presence of 

strength scale effects cannot be made solely on the basis of some overall, average failure 

stress data. What must also be considered is to what extent the local stress state 

responsible for failure and the failure mode itself are reproduced among the specimens of 

differing scales. 

The mechanistic approach to scaling used in the present work relies on the use of 

mechanics models as the bases on which to determine the scalability of the response. This 

approach does not require that the models be scaled according to the laws of similitude, 

provided a suitable mechanics model is available. Indeed the specimens of the current 

study have not been scaled in the rigorous manner. It is clear from the previous section, 

that a suitable mechanics model has not been found which governs the crippling response. 

Therefore, neither directly scaled specimens nor a suitable model is available with which to 

evaluate the existence of strength scale effects. 

The available experimental data can be used, however, to provide a limited 

indication of the absence of any significant scale effects in the observed crippling 

responses. Consider the specimen type 111-2s. The web and flange widths are 1.75 and 

1.25 in., respectively. The stacking sequence is 16-ply quasi-isotropic. Let this specimen 

be considered to be of "size 2", that is having been scaled-up from a smaller specimen 

using a scale factor of 2. The corresponding "size 1" specimen would have dimensions by 

= 0.875 and bg = 0.625 in. The 8-ply quasi-isotropic laminate would be the scaled down 

stacking sequence, based on the sub-laminate scaling method. A specimen of the indicated 

dimensions does not exist in the database of the current work, however. The nearest 

available dimensions are by = 0.75 and 1.25 in., and be = 0.5 and 0.75 in. An 

approximation of the buckling and crippling stresses of this hypothetical "size 1" specimen 

will be constructed by linearly interpolating between the available experimental data points, 

contained in Tables 5-1 and 5-2. While the functional dependence of buckling and 

crippling on the flange and web dimensions is not generally linear, the differences in the 

magnitudes over which the interpolation is made are not large. In addition, the dimensions 

of the hypothetical specimen are fairly close to those of one for which experimental data are 
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available. A similar hypothetical "size 1" specimen can be constructed to correspond to the 

actual "size 2" specimen type 121-2s. The dimensions of the latter specimen are by = 1.75 

and bg = 1.0 in.. The laminate is again the 16-ply quasi-isotropic stacking sequence. The 

corresponding "size 1" specimen would have dimensions by = 0.875 and bg = 0.50 in. 

Note that this flange size does exist in the experimental database, thereby limiting the 

necessary interpolation to the web width only. 

The buckling and crippling stresses of these hypothetical specimens are contained in 

Figure 6-51, normalized with respect to the respective buckling and crippling stresses of 

the corresponding experimental "size 2" specimens. The successful normalization of the 

buckling responses discussed in Section 6.1.4 indicates that the initial local buckling loads 

were scalable. The approximately unit values of the normalized buckling stresses of the 

hypothetical scaled specimens in Figure 6-51 is a reflection of the scaled buckling 

responses observed, and provides some confirmation of the validity of this interpolation 

scheme. The normalized crippling stresses of the hypothetical scaled specimens in Figure 

6-51 are likewise near unity. This result provides some indication that no significant 

strength scale effects were experienced, based on an overall, average measure of the 

response phenomenon. The post-failure appearances of the large and small specimens of a 

given flange-to-web width ratio exhibited the same basic features of flange end 

delamination and crushing in the corner. Whether or not the actual failure mechanism was 

common to both size specimens cannot be stated with certainty. A more definitive 

determination of strength scale effects in stiffener crippling would require additional 

experimental data based on a set of rigorously scaled specimens, with some means of 

determining the precise failure mechanisms in the specimens of the various sizes. 

84



CHAPTER 7. SUMMARY AND CONCLUSIONS 

An investigation of the scalability of the responses of a representative laminated 

composite structure has been performed. The configuration used was the Z-section 

stiffener loaded in uniaxial compression. The response modes evaluated were prebuckling 

stiffness, initial local buckling, postbuckling and crippling. An analytical, numerical and 

experimental approach has been used. The analytical model is a linked plate analysis in 

which the elastic constraint of the flange-to-web corner is included. First order shear 

deformable degenerated shell elements in the ABAQUS finite element code were used for 

the numerical analyses. Testing of fifty-two experimental specimens of seventeen basic 

geometrical configurations and three stacking sequences was performed at NASA Langley 

Research Center. A mechanistic approach to scaling has been used, in which the scalability 

of the responses have been judged relative to governing mechanics models. Use of this 

approach facilitated the evaluation of both parametric sensitivities and the scalability of the 

responses. 

7.1 Parametric Sensitivities 

The buckling, postbuckling and crippling responses were largely determined by the 

flange-to-web width ratio and both the absolute and relative values of the bending 

stiffnesses. Specimens with wider flanges buckled at lower average stresses, since the 

flanges were too wide to efficiently stiffen the web without themselves limiting the 

buckling resistance. The postbuckling load range was the greatest in the specimens with 

the wider flanges, since the wide, flexible flange elements were more capable of 

undergoing large out-of-plane displacements. While the postbuckling load range was 

greatest in specimens with the wider flanges, the ultimate average failure stresses were 

greatest among the narrower specimens. Buckling loads were higher in specimens with a 

larger flange-to-web corner radius. The greater radius of curvature provided additional 

resistance to bending, and therefore the initiation of buckling. The increase in load at 

buckling for specimens of the larger corner radius was maintained throughout the 

postbuckling response. The buckling loads increased with the cube of the laminate 

thickness among otherwise identical geometries, commensurate with the increase in the 
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absolute magnitudes of the bending stiffnesses. The buckling loads decreased for 

specimens of an orthotropic stacking sequence compared to identical specimens of the 

quasi-isotropic laminate of the same thickness. The large increase in the longitudinal 

bending stiffnesses of the orthotropic laminate was more than offset by a decrease in the 

transverse properties. 

The crippling mechanisms included flange free edge delamination at both nodal and 

anti-nodal axial positions, material crushing in the flange-to-web corner at nodal axial 

positions, and ply splitting in the flange-to-web corner at anti-nodal axial locations. Flange 

free edge delamination dominated the crippling response of the 16-ply quasi-isotropic 

specimens, but was entirely absent in the wide-flanged specimens of an orthotropic 

laminate. Failure of these latter specimens was dominated by damage of the flange-to-web 

comers in a ply splitting mode. This splitting was likely caused by matrix cracking and/or 

in-plane shear. The crippling response of the 8-ply quasi-isotropic specimens exhibited 

both delamination at the flange free edges and material crushing in the flange-to-web 

corner. 

7.2 Scaling Considerations 

The constraint of the potted end supports of the experimental specimens was not 

scaled, and therefore, varied as a function of the geometric and material parameters. The 

effect of displacements within the end supports was manifested by lower prebuckling axial 

stiffnesses than predicted based on the gage length properties alone. This phenomenon 

required a post-test adjustment to the data in order to permit comparisons of the 

experimental and finite element predictions of the response of the gage length on an 

equivalent basis. These adjustments were based on finite element analyses of the constraint 

of the end supports using potting material properties measured from coupons removed 

from actual end supports. 

Two nondimensional parameters were identified from the analytical model. One 

such parameter normalized the buckling loads for specimens of various web widths, but for 

a given stacking sequence. The second parameter normalized the buckling loads for all of 

the geometric and material variables contained in the model. This parameter also 

normalized the postbuckling loads. Thus, a general nondimensional load has been 
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determined for the buckling and postbuckling responses of the Z-section stiffeners. The 

buckling load predictions by the analytical model and the finite element analysis were very 

good. No systematic degradation in the ability to predict the onset of buckling as a function 

of specimen size was observed. Thus, no scale effects were observed in the buckling 

response. The quality of the postbuckling load predictions degraded with the width of the 

postbuckling load range, reaching a maximum error of 20%. The geometric nonlinearity 

was modelled only in the small strain, large rotation sense, and the material nonlinearity 

was not modelled at all. Therefore, it remains to be determined whether genuine scale 

effects were present in the postbuckling response or whether the observed error was a 

result of inadequate modelling of the nonlinearities and/or other effects such as the 

development of damage in the laminates. 

Good correlation between experimental and finite element predictions of the out-of- 

plane displacements and load-axis strains has been demonstrated. The verification of the 

ability of the numerical analyses to accurately represent at least some of the structural 

response characteristics was a prerequisite to the use of the analyses in the interpretation of 

the experimental crippling modes. The predicted development of local material strains has 

been related to the structural deformation characteristics. This provided guidance for the 

correlation of the location and nature of the crippling damage with the responsible failure 

mechanisms. Consideration of individual strain values, however, could not predict which 

of several competing failure modes would determine the actual crippling response. Neither 

could the strain data provide any quantitative prediction of the crippling loads. Thus, the 

determination of strength scale effects is hindered by the complex structural-material 

interaction and the lack of a mechanics-based interactive failure model. 

7.3 Suggested Further Work 

Resolution of the apparent excess stiffness of the numerical model late in the 

postbuckling response must be made before a definitive conclusion can be issued 

concerning the presence or absence of scale effects in the nonlinear response regime. The 

issues in need of consideration include the validity of the small strain assumption, the effect 

of material nonlinearity, the effect of through-the-thickness strains which are excluded from 

the model, the possibility of progressive stiffness-reducing laminate damage suggested by 

87



the high predicted tensile matrix strains, and changes in the axial and bending constraint 

provided by the potted end supports. 

An interactive mechanics-based failure model is necessary in order to provide a 

quantitative prediction of the crippling response. A model is needed which can relate a 

variety of failure mechanisms to the local stress-strain state at a point, and rank the severity 

of the stress-strain states of various points. 
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Experimental buckling load summary. 

Experimental crippling data. 

Comparison of Experimental and predicted buckling loads. 

Experimental prebuckling stiffness, 

Agreement between experimentally observed and numerically predicted 
postbuckling loads. 

Post-test specimen characterization. 

FIGURE CAPTIONS 

Cross-sections of common stiffener configurations. 

Dimension conventions used for the Z-section stiffeners. 

Geometry and coordinate system for linked-plate analysis of initial local 
buckling. 

Finite element mesh used in buckling and postbuckling analyses. 

Stress-strain curves for [+45/0/90], and [+30/02/-30], laminates. 
Data obtained using specimens cut from Z-section stock. 

Compression and shear stress-strain curves for aluminum-filled epoxy 
potting compound. Data obtained using specimens fabricated from a 
potted end support of a Z-section test stiffener. 

Photomicrographs of the cross-sections of specimens 211s-1 (a) and 231s-1 
(b). Corners exhibit either a thin, uniformly distributed resin layer at the 
surfaces or a localized ridge of resin on the outer diameter. 

Photomicrographs of the cross-sections of specimens 232s-2 (a) and 222s-1 
(b). Corners exhibit either nonuniform thickness with a thin resin layer on 
the surface, or outward ply migration, together with a localized ridge of 
resin on the outer diameter. 
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Figure 4-5. 

Figure 4-6. 

Figure 4-7. 

Figure 4-8. 

Figure 5-1. 

Figure 5-2. 

Figure 5-3. 

Figure 5-4. 

Figure 5-5. 

Figure 5-6. 

Figure 5-7. 

Figure 5-8. 

Figure 5-9. 

Photomicrographs of the cross-sections of specimens 111-2s-1 (a) and 
121orth-1 (b). Thickness variations are generally minor. Specimen 
121orth-1 exhibits some local thickness and shape variations in the comers. 

Photomicrographs of the cross-sections of specimens 111s-1 (a) and 212s-2 
(b). Thickness uniformity is good in specimens of both corner radii. 

Patterns used for placement of back-to-back strain gage pairs. Both 
longitudinally (load axis) and transversely oriented pairs were used. See 
Table 4-1 for specific applications. 

Photograph of experimental apparatus illustrating displacement transducers 
and shadow moire. Side view (a) and front view (b). 

Schematic illustration of membrane and bending components of strain. 

Schematic illustration of the effect of initial imperfections on the 
development of bending strain. 

Buckling load determination for specimen 111-2s-1 (a), 111s-1 (b) and 
11lorth-1 (c) using load-bending strain response. Relative magnitudes of 
the longitudinal and transverse components are a function of stacking 
sequence. 

Longitudinal (a) and transverse (b) bending strains in specimens 111-2s-1, 
111s-1 and 11 1orth-1. 

Methods of using the load (P) - end shortening (u) response to determine 
buckling loads. The plot of P/u versus P provides a more distinct indication 
of the buckling load compared to the P versus u response. 

Buckling load determination for specimens 111-2s-1, 111s-1 and 11 1lorth-1 
using the stiffness plotting technique. 

Use of the out-of-plane deflection, w, response to estimate buckling loads 
of specimens 111-2s-1 (a) and 111lorth-1 (b). Deflections are normalized 

with respect to laminate thickness. The load versus w2 response provides a 
more distinct indication of buckling. The imperfection sensitivity is greater 
in specimen 111orth-1 with the lower buckling load. 

Buckling load determination for specimens 111-2s-1, 111s-1 and 111orth-1 
using the square of the normalized out-of-plane deflection (w/t). The 
abscissa has been scaled for specimens 111s-1 and 11 1orth-1. 

Average experimental buckling stresses as a function of the flange-to-web 
width ratio (bf/by). Buckling stresses increase with decreasing flange and 
web widths and increasing corner radii and laminate thickness. 
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Figure 5-10. 

Figure 5-11. 

Figure 5-12. 

Figure 5-13. 

Figure 5-14. 

Figure 5-15. 

Figure 5-16. 

Figure 5-17. 

Figure 5-18. 

Figure 5-19. 

Figure 5-20. 

Figure 5-21. 

Normalized load-end shortening responses for specimens having a web 
width of 1.75 in. and stacking sequence: (a) 8-ply quasi-isotropic 
[+45/0/90], and (b) 16-ply quasi-isotropic [+45/0/90]25. Flange sizes range 
from 0.5 to 1.25 in. Solid and dashed lines indicate replicates of a given 
specimen type. 

Normalized load-end shortening responses for specimens having a web 
width of 1.75 in. and the [+30/02/-30], stacking sequence. Solid and 
dashed lines indicate replicates of a given specimen type. 

Comparison of the normalized load-end shortening responses between 
specimens of the [£45/0/90]2s, [£45/0/90],; and [+30/02/-30], stacking 
sequences. Web width is 1.75 in. Solid and dashed lines indicate 
replicates of a given specimen type. 

Normalized load-end shortening responses for specimens having a web 
width of 1.25 in., stacking sequence [+45/0/90], and corner radii of 
(a) 0.125 in. and (b) 0.25 in. Flange sizes range from 0.5 to 1.25 in. 
Solid and dashed lines indicate replicates of a given specimen type. 

Dependence of load-end shortening response on corner radius. Larger 
comer radius increases buckling and postbuckling stresses. Web width is 
1.25 in. The stacking sequence is [+45/0/90]s. 

Normalized load-end shortening responses for specimens having the 
smallest web width (0.75 in.). The stacking sequence is [+45/0/90]s. 
Flange sizes are 0.50 and 0.75 in. Solid and dashed lines indicate 
replicates of a given specimen type. 

Dependence of the load-end shortening response on the normalized section 
width, s/t. The normalized width is the total width of the developed section, 
normalized by the laminate thickness. 

Membrane (a) and bending (b) strain distributions over the width of 
specimen 131s-1. Geometry: by = 1.75, bg = 0.75, r = 0.125 in. 

Stacking sequence: [+45/0/90]s. 

Dependence of strain redistribution as a result of buckling on the 
flange-to-web width ratio and laminate thickness. 

Photographs of shadow moire fringe patterns for specimen 111-2s-2. 
Geometry: by = 1.75, bg = 1.25, r = 0.125 in. Stacking sequence: 
[+45/0/90]25. No visible twisting. Failure at nodal position. 

Photographs of shadow moire fringe patterns for specimen 111s-2. 
Geometry: by = 1.75, be = 1.25, r = 0.125 in. Stacking sequence: 
[+45/0/90]s. Visible twisting. Failure at nodal position. 

Photographs of shadow moire fringe patterns for specimen 11 1orth-1. 
Geometry: by = 1.75, bp = 1.25, r = 0.125 in. Stacking sequence: 
[+30/02/-30];. Mode shape distorted by twisting. Failure in corner. 
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Figure 5-22. 

Figure 5-23. 

Figure 5-24. 

Figure 5-25. 

Figure 5-26. 

Figure 5-27. 

Figure 5-28. 

Figure 5-29. 

Figure 6-1. 

Figure 6-2. 

Figure 6-3. 

Figure 6-4. 

Experimental buckling and crippling stress summary. Data plotted versus 
normalized width = width of developed section/thickness. 

Post-failure photographs of [+45/0/90]2, specimens (a) 111-2s-2 (nodal 
failure) and (b,c) 121-2s-1 (anti-nodal failure). Features include flange free 
edge delamination (a,c), crushing (b), and bending compression failure of 
web (c). 

Overall (a) and macro (b) post-failure photographs of [+45/0/90]2. 
specimen 121-2s-3. Tensile failure of flanges in bending at two axial 
locations. 

Overall (a) and macro (b) post-failure photographs of [+45/0/90]2s 
specimen 121-2s-3. Flange free edge delamination and compressive 
bending failure of web. 

Overall (a) and macro (b) post-failure photographs of [+45/0/90]2, 
specimen 131-2s-2. Damage throughout laminate, including free edge 
delamination and comer crushing at nodal position. 

Overall (a) and macro (b) post-failure photographs of [+45/0/90], specimen 
111s-2. Flange free edge delamination and corner crushing at nodal 
position. 

Overall (a) and macro (b) post-failure photographs of [+45/0/90], specimen 
121s-1. Flange free edge delamination and corner crushing at nodal 
position. 

Post-failure photographs of [+30/02/-30], specimens (a,b) 11 1lorth-3, (c) 
121orth-2 and (d) 121orth-3. Shown is the creasing of the flanges and 
web, and ply splitting near the corners. 

Effect of assumed initial imperfections on the end shortening and out-of- 
plane displacement responses near buckling. Numerical predictions and 
experimental results are provided for specimen types 131s (a) and 331s (b). 
Results indicate the as-fabricated imperfection is between 1 and 5% of the 
laminate thickness. 

Effect of assumed initial imperfections on the end shortening and out-of- 
plane displacement responses near buckling. Numerical predictions and 
experimental results are provided for the 16-ply quasi-isotropic specimen 
type 111-2s. Results indicate the as-fabricated imperfection is 
approximately 2.5% of the laminate thickness. 

Correlation of experimental and predicted end shortening and out-of-plane 
displacement responses at buckling for specimen types 111s-2s (a), 
111s (b) and 11 1orth (c). 

Buckling stresses as a function of the flange-to-web width ratio. 
Experimental data and analytical predictions. 

97



Figure 6-5. 

Figure 6-6. 

Figure 6-7. 

Figure 6-8. 

Figure 6-9. 

Figure 6-10. 

Figure 6-11. 

Figure 6-12. 

Figure 6-13. 

Figure 6-14. 

Figure 6-15. 

Figure 6-16. 

Buckling loads normalized in terms of parameter a as a function of the 

flange-to-web width ratio. Load parameter & normalizes data for various 
web sizes. Experimental data and analytical predictions. 

Normalized buckling loads in terms of parameter B as a function of the 

flange-to-web width ratio. Load parameter B normalizes data for all of the 
material and geometrical variables. Experimental data and analytical 
predictions. 

Buckling loads normalized in terms of parameter B estimated by linear and 
nonlinear finite element analyses as a function of the flange-to-web width 
ratio. 

Range of predicted B—normalized buckling curves for Z- and channel 
section stiffeners reported in the literature. 

Buckling loads normalized in terms of parameter B as a function the flange- 
to-web width ratio. Experimental data for Z- and channel section stiffeners 
reported in the literature. 

Comparison of experimental prebuckling local membrane strains with load- 
and displacement-based global strain measures for specimen 131-2s-3. The 
lower displacement-based global strain suggests prebuckling stiffness error 
is related to the end shortening. 

Prebuckling stiffness deviation as a function of grouping of geometric and 
material variables predicted from model. 

Prebuckling membrane strain distribution over cross-section of specimen 
121orth-2. Distribution indicates a lack of parallelism between top and 
bottom surfaces in contact with testing machine. 

Calculation of the difference in the distances between the surfaces of 
specimen 12 1orth-2 at diametrically opposed positions in contact with the 
testing machine necessary for the observed strain distribution. 

Two-dimensional finite element mesh used to investigate potting-to-stiffener 
constraint. 

Compression and shear stress intensity-strain intensity for potting material. 
Experimental data and Ramberg-Osgood deformation theory fit to data. 

Compression (a) and shear (b) strain distributions within the potted end 
supports predicted by 2-dimensional finite element analyses. Values are 
normalized with respect to the far-field value in the unsupported laminate. 
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Figure 6-17. 

Figure 6-18. 

Figure 6-19. 

Figure 6-20. 

Figure 6-21. 

Figure 6-22. 

Figure 6-23. 

Figure 6-24. 

Figure 6-25. 

Figure 6-26. 

Figure 6-27. 

Figure 6-28. 

Displacement in the potted end supports predicted by the 2-dimensional 
generalized plane strain finite element analyses. Influence of material 
nonlinearity is small. 

Normalized load-end shortening responses illustrating adjustment for 
displacement which occurs within the potted end supports. 
Stacking sequences are: (a) [45/0/90], and (b) [£45/0/90]2s. 
Web width is 1.75 in. Flange sizes are 1.25 and 0.75 in. 

Normalized load-end shortening responses illustrating adjustment for 
displacement which occurs within the potted end supports. Stacking 
sequence is [+30/02/-30]s. Web width is 1.75 in. Flange sizes are 
1.25 and 0.75 in. 

Correlation of the numerical overprediction of load with the size of the 
postbuckling response regime. 

Sensitivity of the predicted load-end shortening response to the fiber 
modulus E;;. Specimen type 211s: by = 1.25, be = 1.25, r = 0.125 in., 
[+45/0/90],. Full load range (a) and prebuckling and initial postbuckling 
responses (b). 

Sensitivity of the predicted load-end shortening response to the matrix 
modulus E22 (a) and shear moduli Gij (b). Specimen type 211s: by = 1.25, 
br = 1.25, r = 0.125 in., [45/0/90]. 

Dependence on stacking sequence of the sensitivity of the predicted load- 
end shortening response to transverse shear moduli. Geometry: by = 1.75, 
be = 1.25, r= 0.125 in. Stacking sequences are: (a) [+45/0/90]s, 
(b) [+30/02/-30], and (c) [£45/0/90]2s. 

Sensitivity of the predicted load-end shortening response to the magnitude 
of the assumed initial imperfection. Specimen type 131-2s: by = 1.75, 
br = 0.75, r = 0.125 in., [445/0/90)os. 

Normalization of postbuckling loads in terms of nondimensional parameter 

B. Parameter B normalizes postbuckling loads for the various stacking 
sequences for a given flange-to-web width ratio. 

Comparison of DCDT and FEM out-of-plane deflections. Geometry: 
byw = 1.75, be = 1.25, 1.0 and 0.75, r = 0.125 in. 
Stacking sequence: [+45/0/90]9s. 

Comparison of DCDT and FEM out-of-plane deflections. Stacking 
sequence: [+45/0/90],. Geometry: by = 1.75, r= 0.125, (a) be = 1.25 
and 0.75, (b) br = 1.0 and 0.50 in. 

Comparison of DCDT and FEM of out-of-plane deflections. Stacking 
sequence: [+30/0/-30],. Geometry: by = 1.75, r= 0.125, (a) bp = 1.25 
and 0.75, (b) bg = 1.0 and 0.50 in. 
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Figure 6-29. 

Figure 6-30. 

Figure 6-31. 

Figure 6-32. 

Figure 6-33. 

Figure 6-34. 

Figure 6-35. 

Figure 6-36. 

Figure 6-37. 

Figure 6-38. 

Figure 6-39. 

Comparison of DCDT and FEM out-of-plane deflections at mid-height axial 
location. Stacking sequences: (a) [45/0/90]; and (b) [+45/0/90]2s. 
Geometry: by = 1.75, bg = 1.25, r= 0.125 in. 

Comparison of DCDT and FEM out-of-plane deflections. Stacking 
sequence [+30/02/-30]s. Geometry: by = 1.75, be = 1.25, r = 0.125 in. 
Axial location and experimental specimen: (a) 5.0 in., 11 lorth-1 and 
(b) 2.5 in., 11 lorth-2. 

Comparison of DCDT and FEM out-of-plane deflections at mid-height axial 
location. Geometry: bg = 0.75, r = 0.125, by = 1.25 (a) and 0.75 (b) in. 
Stacking sequence is [+45/0/90]s. 

FEM distribution of out-of-plane deflection along the gage length at the 
flange free end. Stacking sequences: (a) [+45/0/90]2. and (b) [+45/0/90]s. 
Geometry: by = 1.75, bg = 1.25, r = 0.125 in. 

FEM distribution of out-of-plane deflection along the gage length at the 
flange free end. Stacking sequence: [+30/02/-30],. Geometry: by = 1.75, 
be = 1.25, r = 0.125 in. 

FEM mode shape for specimen type 111-2s and 10,000 lb load. Out-of- 
plane (a) and in-plane (b) displacements at the ends of both flanges and the 
center of the web. Stacking sequence: [+45/0/90]25. Geometry: by = 1.75, 
br = 1.25, r = 0.125 in. 

FEM mode shape for specimen type 111s and 3600 lb load. Out-of-plane 
(a) and in-plane (b) displacements at the ends of both flanges and the center 
of the web. Stacking sequence: [+45/0/90];. Geometry: by = 1.75, 
be = 1.25, r = 0.125 in. 

FEM mode shape for specimen type 11 1lorth and 2700 Ib load. Out-of- 
plane (a) and in-plane (b) displacements at the ends of both flanges and the 
center of the web. Stacking sequence: [+30/02/-30]s. 
Geometry: by = 1.75, be = 1.25, r = 0.125 in. 

Symmetry of mode shape between the flanges as indicated by out-of-plane 
displacements for specimen 111-2s-2 (a) and 11lorth-1 (b). Loss of 
symmetry caused by bending-twisting coupling. 

Effect of bending-twisting coupling stiffnesses Dj¢ and D26 on mode shape 
of specimen type 11 1orth at 2700 lb load. Out-of-plane (a) and in-plane (b) 
displacements. Stacking sequence: [+30/02/-30];. Geometry: by = 1.75, 
be = 1.25, r= 0.125 in. Material coupling causes mode shape distortion, 
but structural mode interaction causes overall twisting of section. 

FEM transition from torsional to flexural mode interaction with decreasing 
flange width. Stacking sequence: [+45/0/90];. Geometry: by = 1.75, 
r= 0.125, (a) br = 1.25, (b) bg = 0.75 and (c) be = 0.50 in. 
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Figure 6-40. 

Figure 6-41. 

Figure 6-42. 

Figure 6-43. 

Figure 6-44. 

Figure 6-45. 

Figure 6-46. 

Figure 6-47. 

Figure 6-48. 

Figure 6-49. 

Figure 6-50. 

Figure 6-51. 

Figure A-1. 

FEM and experimental (a) membrane and (b) bending strain data for 
specimen 111-2s-2. Stacking sequence: [+45/0/90]9s. 
Geometry: by = 1.75, be = 1.25, r= 0.125 in. 

FEM and experimental (a) membrane and (b) bending strain data for 
specimen 111s-1. Stacking sequence: [+45/0/90]s. 
Geometry: by = 1.75, bp = 1.25, r = 0.125 in. 

FEM and experimental (a) membrane and (b) bending strain data for 
specimen 11lorth-2. Stacking sequence: [+30/02/-30]s. 
Geometry: by = 1.75, bg = 1.25, r = 0.125 in. 

FEM and experimental (a) membrane and (b) bending strain data for 
specimen 231s-1. Stacking sequence: [+45/0/90]<. 
Geometry: by = 1.25, be = 0.75, r = 0.125 in. 

FEM and experimental (a) membrane and (b) bending strain data for 
specimen 331s-2. Stacking sequence: [+45/0/90]s. 
Geometry: by = 0.75, be = 0.75, r = 0.125 in. 

Maximum FEM tensile (a) fiber and (b) matrix strains as a function of 
flange size and stacking sequence. Symbols "N" and "P" denote 
experimental Nodal and Peak failure locations, respectively. 

Maximum FEM compressive (a) fiber and (b) matrix strains as a function of 
flange size and stacking sequence. Symbols "N" and "P" denote 
experimental Nodal and Peak failure locations, respectively. 

Maximum FEM in-plane shear strain as a function of flange size and 
stacking sequence. Symbols "N" and "P" denote experimental Nodal and 
Peak failure locations, respectively. 

Maximum FEM transverse shear strains (a) Yxz and (b) ‘Yyz as a function of 
flange size and stacking sequence. Symbols "N" and "P" denote 
experimental Nodal and Peak failure locations, respectively. 

Predicted structural deformation associated with maximum extensional 
strains. 

Predicted structural deformation associated with maximum shear strains. 

Normalized buckling and crippling stresses of small scale specimens. 
Significant scale effects are not observed. 

Geometry and coordinate system for linked plate model for initial buckling. 

101



TABLES AND FIGURES 

102



Table 4-1. Summary of experimental details: geometries, stacking sequences, strain gage 
placement and specimen identification. 

  

  

Specimen Web Flange Corner Gage Strain gage 
type widthD width radius? length® pattern and 

designation? # Laminate byw,in. bf,in. 1,in. L,in. axial locationd 
111-2s 3 [+45/0/90]2, ~—:1.75 1.25 0.125 10 A5.0 B38 
121-2s 3 " 1.00 " " A4.0 B5.0 
131-2s 3 " 0.75 " 6 C20 D3.0 

111s 2 [£45/090]s 1.75 1.25 0.125 10 A5.0 B3.5 
121s 2 " 1.00 " " A5.0 B3.8 
131s 2 " 0.75 " 6 C40 D3.0 
141s 2 " 0.50 " " C30 D4.0 

111lorth 3 [30/02/-30]s_—-:1.75 1.25 0.125 10 A3.3 B50 
121orth 3 " 1.00 " " A6.8 B5.0 
131orth 3 " 0.75 " 6 C30 D40 
14lorth 3 " 0.50 " " C40 D3.0 

211s 2 [+45/0/90]s 1.25 1.25 0.125 10 A5.0 B6.2 
221s 3 " 1.00 " " A6.2 B50 
231s 3 " 0.75 " 6 A3.0 B21 
241s 2 " 0.50 " " A3.0 D2.2 

212s 3 [445/090], 1.25 1.25 0.250 10 A4.0 B5.2 
222s 2 " 1.00 " " A3.8 B50 
232s 2 " 0.75 " 6 A2.1 B3.0 
242s 2 " 0.50 " " Al1l0O D2.1 

331s 2 [445/090], 0.75 0.75 0.125 6 A3.0 B2.2 
341s 2 " 0.50 " " A24  B 3.0 

4 Specimen designation: ABCD-# 

A => web size: 1=>1.75in. B=> flange size: 1 => 1.25 in. 

2 => 1.25 in. 2 => 1.00 in. 

3 => 0.75 in. 3 => 0.75 in. 

4 => 0.50 in. 

C => corner radius: 1 => 0.125 in. D => laminate: 

2 => 0.250 in. 

#=specimen replicate number 
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S => [+45/ O/ 90] S 

-2s => [+45/0/90] 2s 

orth => [+30/02/-30],



b Nominal dimensions. See Figure 3-1 for definitions. 

© The total length of all specimens was two inches longer than the gage length. The 

ends of each specimen were cast into the center of steel or aluminum rings of 

4-5 in. diameter to a depth of one in. using an aluminum-filled epoxy 

compound. 

d Strain gage patterns are defined in Figure 4-7. Locations refer to the axial 

position of the strain gage pattern along the gage length. 
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Table 5-1. Experimental buckling load summary. 

  

  

      
  

~Bucklin g loads (Ib) % Variance 
as determined from: Average (= range/ave.) 

Specimen Bending Load/end- Out-of-plane | buckling of load 
number strain shortening displacement | loads (lb) | measurements 

111-2s-1 7852 8022 7996 7957 2.1 
111-2s-2 7682 8022 7915 7873 4.3 
111-2s-3 7750 7908 7937 7865 2.4 

121-2s-1 9502 9807 9807 9705 3.1 
121-2s-2 10117 10357 10205 10226 2.4 
121-2s-3 10444 10524 10380 10449 1.4 

131-2s-1 12662 12668 12790 12707 1.0 
131-2s-2 13044 13132 13066 13081 0.7 
131-2s-3 12806 12812 12693 12770 0.9 

111s-1 999 1012 1004 1005 1.3 
111s-2 999 1033 1083 1038 8.1 

121s-1 1243 1308 1278 1276 5.1 
121s-2 1291 1316 1290 1299 2.0 

131s-1 1776 1808 1799 1794 1.8 
131s-2 1734 1799 1799 1777 3.7 

141s-1 1759 1781 1745 1762 2.0 
141s-2 1784 1816 1824 1808 2.2 

111orth-1 628 726 698 684 14.3 
111lorth-2 646 705 680 677 8.7 
11 1orth-3 642 670 690 667 7.2 

121orth-1 887 939 873 900 7.3 
121orth-2 830 842 833 835 1.4 
121orth-3 876 889 873 879 1.8 

131orth-1 1154 1114 1141 1136 3.5 
131lorth-2 1332 1268 1272 1291 5.0 
131orth-3 1209 1279 1287 1258 6.2 

14lorth-1 1304 1341 1334 1326 2.8 
141orth-2 1162 1227 1227 1200 5.4 
14lorth-3 1257 1326 1326 1311 7.0 

(cont.) 
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Table 5-1. Experimental buckling load summary (cont.) 

  

  

Buckling loads (Ib) % Variance 
as determined from: Average (= range/ave.) 

Specimen Bending Load/end- Out-of-plane | buckling of load 
number strain shortening displacement | loads (lb) | measurements 

211s-1 907 900 961 923 6.6 
211s-2 866 939 961 922 10.3 

221s-1 1137 1181 1211 1176 6.3 
221s-2 1162 1204 1235 1200 6.1 
221s-3 1143 1219 1196 1186 6.4 

231s-1 1579 1736 1656 1657 9.5 
231s-2 1716 1839 1892 1816 9.7 
231s-3 1699 1801 1839 1780 7.9 

241s-1 2437 1526 2439 2467 3.6 
241s-2 2532 1515 2506 2518 1.0 

212s-1 1066 1103 1067 1079 3.4 
212s-2 1050 1169 1134 1118 10.7 
212s-3 1012 1042 1022 1025 2.9 

222s-1 1372 1449 1479 1433 7.5 
222s-2 1393 1403 1441 1412 3.4 

232s-1 2159 2166 2210 2178 2.3 
232s-2 1997 2067 2130 2065 6.4 

242s-1 2820 2961 2953 2911 4.8 
242s-2 2831 2881 2881 2864 1.8 

331s-1 1520 1556 1686 1587 10.5 
331s-2 1494 1551 1557 1534 4.1 

341s-1 2329 2386 2246 2320 6.0 
341s-2 2296 2341 2322 2320 1.9       
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Table 5-2. Experimental crippling data. 

  

  

Specimen Crippling Values Specimen Crippling Values 
number Load Stress w/L number Stress WL 

(Ib) (ksi) (Ib) (ksi) 

111-2s-1 10099 31.5 0.0053 }} 211s-1 3855 26.6 0.0102 
111-2s-2 11948 37.2 0.0069 } 211s-2 3927 27.1 0.0107 
111-2s-3 11599 36.0 0.0066 

221s-1 3701 29.8 0.0095 
121-2s-1 11350 39.9 0.0065 | 221s-2 3770 30.4 0.0097 
121-2s-2 11828 42.2 0.0069 |} 221s-3 3659 29.4 0.0100 
121-2s-3 12091 43.5 0.0070 

231s-1 3254 31.1 0.0073 
131-2s-1 = 13271 55.0 0.0089 |] 231s-2 3436 33.4 0.0080 
131-2s-2 13344 56.2 0.0093 |} 231s-3 3543 33.9 0.0086 
131-2s-3 13159 54.6 0.0093 

241s-1 3078 36.3 0.0074 
241s-2 3063 36.6 0.0070 

111s-1 3298 20.1 0.0067 
111s-2 3943 24.0 0.0108 

212s-1 4226 29.5 0.0094 
121s-1 3996 27.9 0.0108 | 212s-2 4361 30.1 0.0106 
121s-2 3280 22.8 0.0068 |} 212s-3 4039 28.4 0.0103 

131s-1 3090 25.0 0.0058 ]] 222s-1 3953 33.0 0.0094 
131s-2 3374 27.2 0.0075 |} 222s-2 3732 31.5 0.0082 

141s-1 3003 28.9 0.0075 |] 232s-1 3565 35.6 0.0087 
141s-2 2957 28.4 0.0070 || 232s-2 3369 33.8 0.0076 

242s-1 3265 41.1 0.0075 
lllorth-1 3752 22.2 0.0035 |} 242s-2 3240 40.8 0.0072 
lllorth-2. 2723 16.3 0.0036 
11lorth-3 2803 16.7 0.0038 

331s-1 2637 30.5 0.0061 
121orth-1 2779 18.8 0.0038 || 331s-2 2290 26.2 0.0048 
12lorth-2. 2842 19.8 0.0041 
12lorth-3 2700 18.6 0.0038 || 341s-1 2493 38.2 0.0061 

341s-2 2457 37.7 0.0060 
13lorth-1 2957 23.3 0.0046 
13lorth-2 3000 24.3 0.0044 
13lorth-3 3143 25.1 0.0045 

14lorth-1 = 2827 26.1 0.0045 
14lorth-2. 2753 26.6 0.0044 
14lorth-3 2954 27. 0.0046     
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Table 6-1. Comparison of experimental and predicted buckling loads. 

  

  

" Buckling Loads (Ib) % Errore 

Specimen] Exp Nonlin Linear Analy-| Nonlin Linear Analy- % crmr 
type avea FEM> FEM¢  ticald | FEM FEM _ tical _areaf 

111-2s 7898 8144 8474 8624} 3.1 7.3 9.2 12.6 
121-2s | 10127 9790 10674 11201] -3.3 5.4 10.6 14.4 
131-2s | 12853 12844 13709 14454] -0.1 6.7 12.5 16.7 

111s 1022. 1051 1155 1178] 2.9 13.1 15.3 11.0 
121s 1288 1344 1482 15444 44 15.1 19.9 12.6 
131s 1786 1813 1946 2008) 1.5 9.0 12.5 14.6 
141s 1785 1838 1988 2085) 3.0 114 16.8 17.4 

111orth 690 720 7719 814, 4.3 12.8 17.9 11.0 
121orth 871 896 962 1054 2.8 10.4 21.0 12.6 
131orth 1228 §=1232 1355 1356; 0.3 10.3 10.4 14.6 
141orth 1279 §=1221 = =1321 #1429] -4.5 3.3. 11.7 17.4 

211s 923 950 1064 1090) 3.0 15.3 18.2 12.6 
221s 1187) «1241 «1378 )=— 1442} 4.5 16.1 21.4 14.6 
231s 1751 =1787 =1976 8 62042) 2.1 12.8 16.6 17.4 
241s 2493 2492 2692 2904} 0.0 8.0 16.5 21.4 

212s 1074 1064 1134 1090} -0.9 5.6 1.5 24.1 
222s 1423) 1419 1511 1442) -0.2 6.2 1.4 28.1 
232s 2122 2129 2262 2042) 0.4 6.6 -3.7 33.7 
242s 2888 3004 3171 2904) 4.0 9.8 0.6 42.0 

331s 1561 = 1615 1750 1830) 3.5 12.1 17.3 21.4 
341s 2320. 2344 =.2771 ~=3001| ~=«=10 #194 29.4 28.0     
  

4Average of experimental values for replicate specimens and different load determination 
methods. Data from Table 5-1. 

bAverage of buckling loads determined from load-end shortening and out-of-plane 
deflection responses of finite element models. Magnitude of assumed initial imperfection 
is 5% of 8-ply laminate thickness. 

Buckling load calculated from linear finite element analysis, (see Section 3.1.2). 

dBuckling loads computed using analytical model of Section 3.1.1. Model neglects actual 
corner radius and bending-twisting coupling. 

©% error defined as: (predicted-experiment)/experiment * 100%. 

fPercentage of cross-sectional area occupied by corner. 
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Table 6-2. Experimental prebuckling stiffness. 

  

  

  
  

Normalized prebuckling Normalized prebuckling 
Specimen stiffness (PL/AEu) Specimen stiffness (PL/AEu) 
number Uncor- Genpln Plane number Uncor- Genplin Plane 

rected strain? _strainb rected strain? _ strain 

111-2s-1 0.93 1.01 1.03 211s-1 0.93 0.96 0.99 
111-2s-2 0.93 1.01 1.03 211s-2 0.94 0.98 1.01 
111-2s-3 = =0.92 1.00 1.02 

221s-1 0.93 0.97 1.00 
121-2s-1 0.94 1.01 1.03 221s-2 0.97 1.01 1.04 
121-2s-2 0.95 1.02 1.04 221s-3 0.98 1.02 1.05 
121-2s-3 = 0.97 1.04 1.06 

231s-1 0.89 0.94 0.98 
131-2s-1 0.87 0.97 0.99 231s-2 0.92 0.97 1.02 
131-2s-2 0.88 0.99 1.02 231s-3 0.91 0.97 1.02 
131-2s-3 0.85 0.95 0.97 

ave. 0.92 1.00 1.02}| 241s-1 0.88 0.94 0.98 
241s-2 0.93 0.99 1.04 

111s-1 0.97 1.01 1.04 ave. 0.93 0.98 1.01 
111s-2 0.93 0.98 1.01 

212s-1 0.97 1.01 1.04 
121s-1 0.97 1.01 1.04 212s-2 0.96 1.00 1.03 
121s-2 0.94 0.98 1.01 212s-3 0.96 0.99 1.02 

131s-1] 0.88 0.93 0.97 222s-1 0.96 1.00 1.03 
131s-2 0.89 0.95 0.99 222s-2 0.98 1.02 1.05 

141s-1 0.91 0.97 1.02 232s-1 0.91 0.98 1.03 
141s-2 0.92 0.98 1.03 232s-2 0.91 0.98 1.03 

ave. 0.93 0.98 1.01 
242s-1 0.92 0.99 1.04 

11 1lorth-1 1.00 1.02 1.08 242s-2 0.93 1.01 1.06 
11 lorth-2 1.05 1.10 1.17 ave. 0.94 1.00 1.04 
11lorth-3  =1.00 1.04 1.10 

331s-1 0.88 0.93 0.97 
121orth-1 1.02 1.06 1.13 331s-2 0.90 0.96 1.01 
\2lorth-2. 0.84 0.87 0.91 
12lorth-3 = 0.92 0.96 1.01 341s-1 0.86 0.92 0.96 

341s-2 0.87 0.93 0.97 
I3lorth-1 0.89 0.95 1.04 ave. 0.88 0.94 0.98 
13lorth-2 0.88 0.93 1.02 
13lorth-3 0.90 0.96 1.05 

@ Experimental end shortening corrected 
14lorth-1 =: 0.88 0.94 1.03 using generalized plane strain FEM 
14lorth-2. 0.86 0.91 0.99 analysis. 
14lorth-3 0.86 0.91 0.99 

ave. 0.93 0.97 1.04), © Experimental end shortening corrected   
  

using plane strain FEM analysis. 
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Table 6-3. Agreement between experimentally observed and 
numerically predicted postbuckling loads. 

  

  

    
110 

~~ Specimen Max Load (Ib) bo 
number u/La Exp FEM Errore 

111-2s-1 0.00494 10102 10579 4.7 
111-2s-2 0.00649 11953 12710 6.3 
111-2s-3 0.00616 11584 12270 5.9 

121-2s-1 0.00608 11348 11852 4.4 
121-2s-2 0.00639 11824 12208 3.2 
121-2s-3 0.00645 12088 12284 1.6 

131-2s-1 0.00762 12983 13465 3.7 
131-2s-2 0.00820 13342 14028 5.1 
131-2s-3 0.00820 13157 14028 6.6 

111s-1 0.00636 3288 3737 13.7 
111s-2 0.01060 3944 4862 23.3 

121s-1 0.01060 3997 4735 18.5 
121s-2 0.00631 3265 3621 10.9 

131s-1 0.00558 3089 3213 4.0 
131s-2 0.00727 3373 3707 9.9 

141s-1 | 0.00723 2993 3320 10.9 
141s-2 0.00674 2956 3264 10.4 

11llorth-1 | 0.00260 2573 2692 4.6 
11 1lorth-2 0.00263 2556 2708 5.9 
lilorth-3 | 0.00270 2597 2749 5.8 

121lorth-1 | 0.00226 2357 2357 0.0 
12lorth-2 | 0.00270 2566 2675 4.2 
121orth-3 0.00291 2593 2798 7.9 

13 lorth-1 0.00273 2519 2656 5.4 
13 1orth-2 0.00343 2830 3051 7.8 
131orth-3 0.00320 2911 2930 0.6 

141orth-1 0.00278 2474 2459 -0.6 
14lorth-2 | 0.00319 2601 2670 2.7 
141orth-3 0.00322 2746 2683 -2.3 

(cont.)



Table 6-3. Agreement between experimentally observed and 
numerically predicted postbuckling loads (cont.) 

  

  

~~ Specimen Max Load (Ib)b % 

number u/L4 Exp FEM Errore 

211s-1 0.01002 3854 4709 22.2 
211s-2 0.00997 3883 4698 22.8 

221s-1 0.00932 3702 4399 18.8 
221s-2 0.00957 3768 4456 18.3 
221s-3 0.00886 3606 4289 18.9 

231s-1 0.00701 3255 3685 13.2 
231s-2 0.00770 3435 3782 10.1 
231s-3 0.00825 3544 3923 10.7 

241s-1 0.00703 3078 3363 9.3 
241s-2 0.00668 3064 3283 7.2 

212s-1 0.09011 4225 4547 7.6 
212s-2 0.01044 4359 4836 10.9 
212s-3 0.00927 4009 4602 14.8 

222s-1 0.00924 3954 4475 13.2 
222s-2 0.00802 3732 4183 12.1 

232s-1 0.00619 3268 3516 7.6 
232s-2 0.00698 3373 3780 12.1 

242s-1 0.00706 3266 3536 8.3 
242s-2 0.00673 3239 3467 7.0 

331s-1 0.00586 2635 2870 8.9 

331s-2 0.00454 2291 2397 4.6 

341s-1 0.00574 2491 2656 6.6 
341s-2 0.00561 2458 2611 6.2     

4 Adjusted experimental end shortening corresponding to the initiation of 
laminate damage as indicated by discontinuity in specimen stiffness. 

b Experimentally observed loads and loads predicted from the nonlinear finite 
element analyses corresponding to the u/L value. 

C The % error is defined as: 

Prem - PExp o* 100% 

P Exp 
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Table 6-4. Post-test specimen characterization. 

  

  

    

Axial ~ Failure Axial extent 
Mode position location at of flange end 

Specimen number,m, of laminate node (N) or delamination 

number atfailure damage (in.)@ peak (P)> (in.) 

111-2s-1 3 4.9 P 3.7-7.3 
111-2s-2 3 6.1 N 3.7-7.9 
111-2s-3 3 3.6 N 0.8-6.7 

121-2s-1 3 4.7-5.2 P 2.6-7.4 
121-2s-2 4 4.5-4.7 N 3.2-5.6 
121-2s-3 4 5.0-6.4 N+P 2.6-5.9 

131-2s-1 3 3.6 N 0.7-3.4 
131-2s-2 3 2.9-3.7 N 2.4-4.9 
131-2s-3 3 2.8 P/N 1.7-3.8 

111s-1 5 8.5-8.9 N-base 7.7-10.0 
111s-2 5 6.2-6.6 N 5.3-9.0 

121s-1 4 4.9-5.1 N 3.4-10.0 
121s-2 4 6.9-7.2 N 6.4-8.0 

131s-1 2 2.7-3.3 P/N 2.6-4.1 
131s-2 3 2.3-2.7 N 1.2-3.4 

141s-1 3 4.0-4.3 N 3.2-4.7 
141s-2 3 2.0-2.4 N 1.4-2.0 

111orth-1 3 3.8-4.5 P none 
11lorth-2 3 5.0-5.5 P none 
11 1orth-3 3 5.3 P none 

121orth-1 3 3.9-5.0 P none 
121orth-2 3 5.0-5.6 P none 
121orth-3 3 4.5-5.0 P none 

13 lorth-1 2 1.4-2.5 P none 
13 1orth-2 2 2.0-3.2 P none 
13 1orth-3 2 3.3-4.5 P 2.1-3.1 

141orth-1 2 3.2 Pp 2.3-3.9 
141orth-2 2 2.2-3.0 P 1.9-2.9 
141orth-3 2 2.5-3.0 P 2.2-3.4 

(cont.) 
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Table 6-4. Post-test specimen characterization (cont.) 

  

  

Axial ~ Failure Axial extent 
Mode position location at of flange end 

Specimen number,m, of laminate node (N) or delamination 

number atfailure damage (in.)@ peak (P) > (in.) 

211s-1 5 5.0 P/N 3.3-6.1 
211s-2 5 3.5-4.5 N 3.5-6.0 

221s-1 5 5.0 P/N 3.4-5.3 
221s-2 5 5.3 N 4.4-7.0 
221s-3 5 3.6 N 3.0-6.0 

231s-1 3 2.0 N 1.6-3.0 
231s-2 3 3.3 N 2.4-4.3 
231s-3 3 4.0 P/N 2.8-4.3 

241s-1 3 2.2 P/N 1.7-3.0 
241s-2 3 2.8 P/N 1.9-3.1 

212s-1 5 3.5 N 2.3-5.0 
212s-2 5 3.5-5.3 N+P 3.3-10.0 
212s-3 5 6.4 N 2.2-7.6 

222s-1 5 5.4 N 4.6-7.1 
222s-2 5 0.8 base 0-2.6 

232s-1 2 3.8 N 2.8-4.2 
232s-2 3 2.2 P/N 1.7-3.2 

242s-1 3 3.6 P 3.2-4.1 
242s-2 3 2.8 P/N 2.4-3.5 

331s-1 3 1.9 N 1.2-2.7 
331s-2 3 3.8 P/N 2.8-4.4 

341s-1 3 1.5 P/N 0.9-2.0 
341s-2 3 2.6 N 2.1-3.1   
  

4 Band of gage length containing primary laminate damage. 

b "N+P" denotes laminate damage at both nodal and peak locations. 

"P/N" denotes failure between nodal and peak locations. 

"N-base" denotes failure at the nodal position nearest the end support. 

“base” denotes failure at the end support. 
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Figure 2-1. Cross-sections of common stiffener configurations.
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Figure 3-2. Geometry and coordinate system for linked-plate 

analysis of initial local buckling. 

115



 
 

 
 

  
   
 

Finite element mesh used in buckling and postbuckling analyses. Figure 3-3. 
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Figure 4-1. Stress-strain curves for [+45/0/90], and [+30/02/-30], laminates. 
Data obtained using specimens cut from Z-section stock. 
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Figure 4-2. Compression and shear stress-strain curves for aluminum-filled epoxy 
potting compound. Data obtained using specimens fabricated from a 
potted end support of a Z-section test stiffener. 
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strain gage orientation 
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Figure 4-7. Patterns used for placement of back-to-back strain gage 
pairs. Both longitudinally (load axis) and transversely 
oriented pairs were used. See Table 4-1 for specific 
applications. 
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Figure 5-1. Schematic illustration of membrane and bending components of strain. 
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Figure 5-2. Schematic illustration of the effect of initial imperfections on the 
development of bending strain. 
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Figure 5-3. | Buckling load determination for specimen 111-2s-1 (a), 111s-1 (b) and 
11 1lorth-1 (c) using load-bending strain response. Relative magnitudes of 
the longitudinal and transverse components are a function of stacking 
sequence. 
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Figure 5-4. _ Longitudinal (a) and transverse (b) bending strains in specimens 111-2s-1, 
L11s-1 and 11lorth-1. 
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Figure 5-5. | Methods of using the load (P) - end shortening (u) response to determine 
buckling loads. The plot of P/u versus P provides a more distinct indication 
of the buckling load compared to the P versus u response. 
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Figure 5-6. | Buckling load determination for specimens 111-2s-1, 111s-1 and 11 lorth-1 
using the stiffness plotting technique. 
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Figure 5-7. Use of the out-of-plane deflection, w, response to estimate buckling loads 
of specimens 111-2s-1 (a) and 11 lorth-1 (b). Deflections are normalized 

with respect to laminate thickness. The load versus w2 response provides a 
more distinct indication of buckling. The imperfection sensitivity is greater 
in specimen 111]orth-1 with the lower buckling load. 
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Figure 5-8. | Buckling load determination for specimens 111-2s-1, 111s-1 and 11 lorth-1 
using the square of the normalized out-of-plane deflection (w/t). The 
abscissa has been scaled for specimens 111s-1 and 11 1lorth-1. 
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Figure 5-9. | Average experimental buckling stresses as a function of the flange-to-web 
width ratio (b/by). Buckling stresses increase with decreasing flange and 
web widths and increasing corner radii and laminate thickness. 
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Figure 5-10. Normalized load-end shortening responses for specimens having a web 
width of 1.75 in. and stacking sequence: (a) 8-ply quasi-isotropic 
[+45/0/00], and (b) 16-ply quasi-isotropic [+45/0/90]25. Flange sizes range 
from 0.5 to 1.25 in. Solid and dashed lines indicate replicates of a given 
specimen type. 
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Figure 5-11. Normalized load-end shortening responses for specimens having a web 
width of 1.75 in. and the [+30/02/-30], stacking sequence. Solid and 
dashed lines indicate replicates of a given specimen type. 
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Figure 5-12. Comparison of the normalized load-end shortening responses between 
specimens of the [+45/0/90)2s, [+45/0/90)], and [+30/0/-30], stacking 
sequences. Web width is 1.75 in. Solid and dashed lines indicate 
replicates of a given specimen type. 
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Figure 5-13. Normalized load-end shortening responses for specimens having a web 
width of 1.25 in., stacking sequence [+45/0/90], and corner radii of 
(a) 0.125 in. and (b) 0.25 in. Flange sizes range from 0.5 to 1.25 in. 
Solid and dashed lines indicate replicates of a given specimen type. 

132



0.006 ; .   

  

    
  

b_ = 1.25 in, Law 
[+45/0/90), / 4 3 

/ - 2-3 
“0 2 1 

0.004 + 4, Ca =F : 

Yr VF 1 

P Co > 
AE Specimen 

Z corner radius 
0.002 | Y #b (in.) ons, 028 (in) | 

Y ° 1 1.25 211s-2  212s-2 ‘ . S- S- 

increasing = > 100 221s-2 2228-2 
3 0.75 231s-3 232s-1 
4 0.50 241s-1  242s-1 

0 __i __| 

0 0.004 0.008 0.012 

u/L 

Figure 5-14. Dependence of load-end shortening response on corner radius. Larger 

Figure 5-15. 

comer radius increases buckling and postbuckling stresses. Web width is 
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normalized by the laminate thickness. 
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Figure 5-17. Membrane (a) and bending (b) strain distributions over the width of 
specimen 131s-1. Geometry: by = 1.75, bp = 0.75, r = 0.125 in. 
Stacking sequence is [+45/0/90]s. 
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Figure 6-1. Effect of assumed initial imperfections on the end shortening and out-of- 
plane displacement responses near buckling. Numerical predictions and 
experimental results are provided for specimen types 131s (a) and 331s (b). 
Results indicate the as-fabricated imperfection is between 1 and 5% of the 
laminate thickness. 
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the testing machine necessary for the observed strain distribution. 
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Figure 6-14. Two-dimensional finite element mesh used to investigate potting-to-stiffener 
constraint. 
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Figure 6-16. Compression (a) and shear (b) strain distributions within the potted end 

supports predicted by 2-dimensional finite element analyses. Values are 
normalized with respect to the far-field value in the unsupported laminate. 
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Figure 6-18. Normalized load-end shortening responses illustrating adjustment 
for displacement which occurs within the potted end supports. 
Stacking sequences are: (a) [45/0/90], and (b) [+45/0/90]s. 
Web width is 1.75 in. Flange sizes are 1.25 and 0.75 in. 
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Sensitivity of the predicted load-end shortening response to the fiber 
modulus E11. Specimen type 211s: by = 1.25, by = 1.25, r= 0.125 in., 
[+45/0/90];. Full load range (a) and prebuckling and initial postbuckling 
responses (b). 
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Figure 6-22. Sensitivity of the predicted load-end shortening response to the matrix 
modulus E29 (a) and shear moduli Gjj (b). Specimen type 211s: by = 1.25, 
bp = 1.25, r = 0.125 in., [£45/0/90]s. 
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Figure 6-27. Comparison of DCDT and FEM out-of-plane deflections. Stacking 
sequence: [+45/0/90];. Geometry: by = 1.75, r= 0.125, (a) bp = 1.25 
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Figure 6-28. Comparison of DCDT and FEM of out-of-plane deflections. Stacking 
sequence: [+30/0/-30];. Geometry: by = 1.75, r = 0.125, (a) bp = 1.25 
and 0.75, (b) br = 1.0 and 0.50 in. 
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Figure 6-29. Comparison of DCDT and FEM out-of-plane deflections at mid-height axial 
location. Stacking sequences: (a) [45/0/90], and (b) [+45/0/90]2<. 
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Figure 6-30. Comparison of DCDT and FEM out-of-plane deflections. Stacking 
sequence [+30/02/-30],. Geometry: by = 1.75, bp = 1.25, r= 0.125 in. 
Axial location and experimental specimen: (a) 5.0 in., 11 lorth-1 and 
(b) 2.5 in., 11 lorth-2. 
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Figure 6-31. Comparison of DCDT and FEM out-of-plane deflections at mid-height axial 
location. Geometry: br = 0.75, r= 0.125, by = 1.25 (a) and 0.75 (b) in. 
Stacking sequence is [+45/0/90]s. 
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flange free end. Stacking sequences: (a) [£45/0/90]2. and (b) [+45/0/90]s. 
Geometry: by = 1.75, br = 1.25, r = 0.125 in. 
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Figure 6-33. FEM distribution of out-of-plane deflection along the gage length at the 
flange free end. Stacking sequence: [+30/02/-30];. Geometry: by = 1.75, 
bp = 1.25, r = 0.125 in. 
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Figure 6-34. FEM mode shape for specimen type 111-2s and 10,000 Ib load. Out-of- 
plane (a) and in-plane (b) displacements at the ends of both flanges and the 
center of the web. Stacking sequence: [+45/0/90]25. Geometry: by = 1.75, 
br = 1.25, r = 0.125 in. 
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Figure 6-35. FEM mode shape for specimen type 111s and 3600 Ib load. Out-of-plane 
(a) and in-plane (b) displacements at the ends of both flanges and the center 
of the web. Stacking sequence: [+45/0/90];. Geometry: by = 1.75, 
br = 1.25, r = 0.125 in. 
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Figure 6-36. FEM mode shape for specimen type 11 lorth and 2700 Ib load. Out-of- 
plane (a) and in-plane (b) displacements at the ends of both flanges and the 
center of the web. Stacking sequence: [+30/02/-30]s. 
Geometry: by = 1.75, bp = 1.25, r = 0.125 in. 
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displacements for specimen 11] 1-2s-2 (a) and 11 lorth-1 (b). Loss of 
symmetry caused by bending-twisting coupling. 
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Figure 6-38. Effect of bending-twisting coupling stiffnesses Dj6 and Dg on mode shape 
of specimen type 11 lorth at 2700 lb load. Out-of-plane (a) and in-plane (b) 
displacements. Stacking sequence: [+30/02/-30];. Geometry: by = 1.75, 
bp = 1.25, r= 0.125 in. Material coupling causes mode shape distortion, 
but structural mode interaction causes overall twisting of section. 
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Figure 6-40. FEM and experimental (a) membrane and (b) bending strain data for 
specimen 111-2s-2. Stacking sequence: [+45/0/90]2s. 
Geometry: by = 1.75, bp = 1.25, r = 0.125 in. 
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Figure 6-41. FEM and experimental (a) membrane and (b) bending strain data for 
specimen 111s-1. Stacking sequence: [£45/0/90]s. 
Geometry: by = 1.75, be = 1.25, r = 0.125 in. 
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Figure 6-42. FEM and experimental (a) membrane and (b) bending strain data for 
specimen 11 lorth-2. Stacking sequence: [+30/02/-30]s. 
Geometry: by = 1.75, bp = 1.25, r = 0.125 in. 
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Figure 6-43. FEM and experimental (a) membrane and (b) bending strain data for 
specimen 231s-1. Stacking sequence: [+45/0/90];. 
Geometry: by = 1.25, br = 0.75, r = 0.125 in. 
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Figure 6-44. FEM and experimental (a) membrane and (b) bending strain data for 
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Geometry: by = 0.75, be = 0.75, r = 0.125 in. 
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Figure 6-45. Maximum FEM tensile (a) fiber and (b) matrix strains as a function of 
flange size and stacking sequence. Symbols "N" and "P" denote 
experimental Nodal and Peak failure locations, respectively. 
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Figure 6-46. Maximum FEM compressive (a) fiber and (b) matrix strains as a function of 
flange size and stacking sequence. Symbols "N" and "P" denote 
experimental Nodal and Peak failure locations, respectively. 
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Figure 6-48. Maximum FEM transverse shear strains (a) xz and (b) Yyz asa function of 

flange size and stacking sequence. Symbols "N" and "P” denote 
experimental Nodal and Peak failure locations, respectively. 
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Figure 6-51. Normalized buckling and crippling stresses of small scale specimens. 
Significant scale effects are not observed. 
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APPENDIX. LINKED-PLATE MODEL 

FOR INITIAL LOCAL BUCKLING 

1. The geometry and coordinate systems for the flange and web are given in Figure A-1. 

2. The stability equations are: 

    

dw dw aw ow 
D,,; — + 2(D12 + 2D¢66) + Do2 —— + Nx =0 

ox4 Oxdy;? oyi* ox? (A.1) 

where i=1, 2 for the web and flange, respectively. 

3. Displacement functions are assumed in the form: 

wi(x,yi) = fi(yi) sin A (A.2) 

4. Displacement functions are substituted into the differential equations A.1, which then 

yield, 

| Di (may? f; - 2D33 (may fi_ + D22 fi - Nx (ay fi sinte =0 or 

fi" -2 pa (my fi + (az pu (may . Nx} fi=0 
(A.3) 

where D33 = D12 + 2D66 , and primes are used to denote differentiation with respect to 

yi. Note that the two partial differential equations in w(x,y) have been transformed into 

two ordinary differential equations in f1(y1) and f2(y2). 

5. Ordinary differential equations A.3 can be written in the following form, where D is the 

differential operator: 

(p2- 7} (p24 wo) f;=0 (A.4) 
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provided 
  

  

    

A, @ =M4/ 4/(Daa) Dur + Ns LY +D33__ 
L 22) D22 D2 (ae D22 

6. General solutions to equations A.4 are of the form: 

web: 

f;(y1) = Ai cosh Ay + Ag sinh Ay; + A3 cos @y; + Ag sin@y: —(A.5a) 

flange: 

fo(y2) = Bi cosh Ay2 + Bz sinh Ay2 + B3 cos Wy2 + B4 sin @y2 = (A..5b) 

where the Aj, B; (i=1,4) are undetermined coefficients. 

7. A total of eight boundary and/or transition conditions are required to solve the two 

equations. Note that the origin of the coordinate systems for both the flange and web is 

at the corner. The following definitions are made for convenience: 

shw = sinh(Ab,,/2), chw = cosh(Ab,/2), 

shf = sinh(Abp), chf = cosh(Abp), 

sw = sin(Ab,,/2), cw = cos(Ab,/2), 

sf = sin(Abs), cf = cos(Abp), 

M=m7z/L, 

2 = 12 Day - M2 Dy, 82 = 2 Dz? + M2 Dy, 
n3 =A M2 D33 - A3 Doo, C3 = @ M? D33 + @? Do, 

p=Ab, q=b, 
12 = y2 b2, 52 = §2 b2, 

u3 = 13 b3, v3 = 033, 

where b = the width of plate 1 (by) or plate 2 (bg) as indicated. 
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The boundary and transition conditions are identified below. Also identified are the 

equations resulting from the application of these conditions to the general form of the 

solution. 

a. The position y; = b,/2 corresponds to a plane of symmetry along the web 

centerline. Here, the transverse slope of the out-of-plane displacement and the 

transverse shear force are zero. These conditions require: 

  

1). Pt = O-=> Ard shw + Api chw - Aso sw + Aq@ow =0 

y1 . 

=> [Aj p shw + A2 pchw - A3qsw+Ag4qcew]) =0 

oM oM 2 dye 
x Oy: ly =b2 

  

i 2 2 2 

y1 = bw/2 

    
=> A; 13 shw + A213 chw - A3 C3 sw + Ay C3 cw =0 

=> [A u> shw + Az u> chw - A3 v> sw + Aq v3 cw] = 0 

b. The positions y; = 0 and y2 = 0 correspond to the flange-to-web corner. The 

conditions imposed here are that the corners remain straight, equilibrium of the 

bending moments is enforced and the angle of the corner is preserved. These 

conditions result in the following equations: 

3). w(x,y1=0) = 0 => A; + A3 =0 

4). [My(x,y1=0)] 4 + [My(x,y2=0) mange = 0 
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2 2 

2 2 
Ox OY1 |wep 

    

    

=> A; 7" - A3 82 + B; 7 - B382=0 

5) eecaeo) ees) 0 
web Oy oy2 flange 

=> Ar7A+A4@-B2A-B4w=0 

6). w(x,y2=0) = 0 => B; + B3 =0 

c. The position y2 = bg corresponds to the free end of the flange. Here, the 

Kirchoff shear force and the bending moment are zero. This requires: 

a - 

Ox y2 = br 

dw dow 
=- rtd +D22 Zs] =0 

Ox dy2 oy2 ly2 = bf 

  7). V(x, y2=Db¢) = 9% + 

  

=> B, A & shf + BoA 6% chf + Bz ay sf - Bg wy cf =0 

=> [B; p s2 shf + Bz p s2 chf + B3 qr? sf - B4qr2 cf]2 = 0 

2 2 
Dio? Y Dn 2 ~ =0 

2 2 
Ox Oy2° yo = br 

  8). My(x,y2=bp) = 

  

=> B, y2 chf + B27 shf - B3 82 cf - Bg 8&2 sf =0 

=> [B, r2 chf + B> r2 shf - B3 s2 cf - Bg s2 sf]o = 0 
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8. The system of equations resulting from the imposition of the boundary and transition 

conditions on the general form of the solution can be represented as: 

{A}| _ 
KIS) = {0} (A.6) 

where the coefficient matrix [K] is: 

f [pshw pchw -qsw- qcw]) 0 

    

0 0 0 

[us shw urchw -v3 sw vcw]] 0 0 0 0 

1 0 1 0 ) 0 0 0 

"2 0 —§2 0 ~ 0 —§2 0 

0 r 0 @ 0 —X 0 —@ 

0 0 0 0 1 0 1 0 

0 0 0 0 [ps@shf ps2chf qr2cf -qr2sf]2 

| 0 0 0 0 (r2chf r2shf -s2cf  -s2sf]o | 

A nontrivial solution of equation A.6 requires that the coefficient matrix be singular. 

Therefore, the buckling condition is obtained by setting the determinant of the 

coefficient matrix [K] equal to zero. 

9. A digression is now made to consider single plates analogous to the web and flange 

with a variety of boundary conditions along the unloaded, longitudinal edges. The 

various cases will be identified by the respective boundary conditions along the edge 

y=0, and at either y = b/2 (for the case of a plane of symmetry) or y=b (for the case of a 

free edge). The same general form of the solution (equation A.5) still applies. 

a. (Simply-supported; Plane of symmetry) 

Ow(x,b/2) _ 

dy 
2). Qy(x,b/2) = 0 => Ay u? shw + Az u3chw - A3 v3 sw + Aq v3 cw = 0 

1) 0 => A; p shw + A2pchw - A3q sw + Agqcw =0 
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3). w(x,0) = 0 => Aj + A3 =0 

4). My(x,0) =0 => Aj r2- A3s2=0 

The determinant of the coefficient matrix is shown below: 

pshw pchw = -qsw qcw 

uy shw uschw -v3sw vicw 

1 0 1 0 

r2 0 -s* 0 

The expanded determinant can be represented in the form: F(SS-sym). 

b. (Clamped; Plane of symmetry) 

ow(x,b/2) 

oy 
2). Qy(x,b/2) = 0 => Aj u3 shw + A2 u> chw - A3 v9 sw + Aq v3 cw =0 

1) = 0 => A; p shw + A2pchw - A3qsw+Agqcw=0 

3). w(x,0) = 0 => Ay} + A3 =0 

dw(x,0) 

oy 
4).   =0=> Arp+Aqq=0 

The determinant of the coefficient matrix is shown below: 

pshw pchw -qsw- = qcw 

uwyshw uwrchw -v2sw v2 cw 

1 0 1 0 

0 Pp 0 q 

The expanded determinant can be represented in the form: F(Cl-sym). 
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c. (Simply-supported; Free) 

1). My(x,0) = 0 => By r - B3 s2=0 

2). w(x,0) = 0 => B} + B3=0 

  

dw aw 
3). V(x,b) = -| (D12+4De6) 5 +D22 Fz = 0 

Ox Oy Oy ly=b 

=> B; p s2 shf + Bz p s2 chf + B3 qr2 sf - Bg qr2 cf =0 

2 2 

Dir? Dao =0 

y=b 

4). My(x,b) = 5 
ox oy 

  

  

=> B) 12 chf + Bz r2 shf - B3s2 cf - Bg s2 sf =0 

The determinant of the coefficient matrix is shown below: 

r2 0 -s2 0 

1 0 1 0 

ps¢shf ps2chf qr2sf -qr2cf 

rchf r2shf -s2cf  -s2sf 

The expanded determinant can be represented in the form: F(SS-free). 

d. (Clamped; Free) 

ow(x,0) 

oy 
  1). =(0 => Bop + Baq=0 

2). w(x,0) = 0 => B} + B3=0 
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=0   +D22 — 22 3 3). V(x,b) = -| (D12+4De6) 5 
Ox Oy dy 

dw a 

y=b 

=> B, ps? shf + Bz p s2 chf + B3 qr? sf - Baqr2 cf =0 

4). My(x,b) =   

2 2 

Dio *+Dn2™ =(0 

Ox dy ly=b 

  

=> B, r2 chf + Bz r2 shf - B3 s2 cf - Bg s2 sf =0 

The determinant of the coefficient matrix is shown below: 

0 p 0 q 
1 0 1 0 

psshf ps2chf qr2sf -qr2cf 

rchf r2shf -s2cf  -s2sf 

The expanded determinant can be represented in the form: F(Cl-free). 

10. The determinant of the coefficient matrix in equation A.6 can be expanded using fourth 

order minors. Consider the first four columns. The only nonzero minors whose 

complements are also nonzero are those composed of rows 1,2,3,4 and 1,2,3,5. The 

associated complements from the last four columns are composed of rows 5,6,7,8 and 

4,6,7,8, respectively. Comparison of the results from parts 8 and 9 indicates that the 

first minor, Mj, is equal to F(SS-sym)/bw2, (recalling that r2 = y2b2 and s2 = 82b2), 

and the second minor, M2, is equal to F(Cl-sym)/by, (recalling that p = Ab and q = 

@b). Similarly, the first and second complements, Cj and C2, are equal to F(SS- 

free)/be2 and -F(Cl-free)/bg, respectively. Therefore, the expanded determinant can be 

represented in the form: 

M] C) (-l)H + M2 C2 (-1)Y=0 

= My C (-1)20 + Mz C2 (-1)2! = 0 (A.7) 
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where pt and v are the sums of the numbers of the rows and columns contained in 

minors M, and Mz, respectively. Upon substitution of the minors and complements 

into equation A.7, the buckling condition becomes: 

poo |: heres) - Aen Pen -() 
b,,2 bry Dy b? 

_s om 1 be -¢ 

F(Cl-sym) web br F(Cl-free) flange 7 (A.8) 

11. The solution of equation A.8 was obtained iteratively, using an incremental search and 

interval halving routine. 

  
  

Figure A-1. Geometry and coordinate system for linked 
plate analysis of initial local buckling. 
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