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(Abstract)

A combined experimental and computational study of two different
swept-ramp injector configurations was conducted in a scramjet
combustor. The object of the study was to determine the effect of mixing
augmentation, resulting from the streamwise vortices generated by injector
ramps, on scramjet engine operation characteristics, combustion, and heat
transfer. Hydrogen was injected from the base of swept compression and

expansion ramps in direct-connect tests that simulated flight at Mach 6.6.

The experimental effort included combustor wall pressure and heat
flux measurements with Gardon gages and surface thermocouples for the
two injector configurations. A novel, side-view laser light sheet technique
was developed to obtain images of the combustion product distribution at
selected planes in the closed combustor duct downstream of the swept-
compression ramp.injectors. In addition, a miniature refractory probe was
developed to determine the pitot pressure at the exit of the combustor.
Three-dimensional computations were made for mixing and reacting cases
of the swept-compression ramp injector using the SPARK computer code.
The flow field calculations were compared to the experimental

measurements.

The experimental tests demonstrated combustor performance with
parallel injection comparable to that reported using normal injection. This
unusually rapid parallel jet mixing and combustion was obtained using
swept ramp injectors with near-parallel injection. The experiments and
calculations showed that the injectors were effective in promoting lateral
spreading of the fuel jets. The incomplete penetration of the fuel jets in the






direction normal to the walls was a major limiting factor in the amount of
mixing that could occur for both configurations. In addition, the proximity
of the burning shear layer to the injector wall led to increased heat transfer
on the injector wall. The effect of the flow structure on the heat flux was not
principally through a large increase in the film coefficient caused by the
vortical flow. Instead, it was due to the proximity of the reacting fuel jet to
the wall, which led to high adiabatic wall temperatures near the wall.
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Chapter 1

Introduction and Background

Ever since the Wright brother's first flight, mankind has desired to fly
higher and faster. The pace of high speed aircraft development is presently
limited by the available propulsion systems. Rockets can be used to propel an
aircraft from rest to any speed but have the disadvantage of requiring that
both fuel and oxygen be carried onboard the vehicle. For this reason, air
breathing propulsion is preferred for flight within the atmosphere. Turbojet
and turbofan engines are commonly used at speeds up to Mach 3.5. At higher
speeds the rotating compressor can be eliminated and the inlet can be used to
compress the air before it enters the combustor, as in the ramjet engine. In
the conventional ramjet engine, air is diffused from supersonic to subsonic
speeds in the inlet, so that the combustor flow is subsonic. The temperature
and pressure in the conventional subsonic ramjet combustor increase
dramatically as the vehicle speed increases, requiring stronger, and therefore
heavier, engine structures. In addition, the stagnation pressure losses across
the normal shock, as well as the dissociation losses caused by the high
temperatures, increase dramatically as the Mach number increases.
Therefore, at speeds greater than Mach 5-6, the supersonic combustion
ramjet (SCRAMJET) engine, in which supersonic air flow is maintained
throughout the entire engine, is more promising than the conventional

ramjet.

The design of a supersonic combustor is more challenging than
conventional subsonic combustors because the high velocities limit the
residence time in the combustor. During this time the fuel must mix and
react with the high velocity air stream. From a practical engine design
standpoint, it is desirable to shorten the combustor length in order to reduce
engine weight and internal drag. Therefore, methods to enhance the fuel/air
mixing rates are crucial for the design of the combustor.

In engine cycles based on subsonic combustion, the design goal of 99-

100% combustion efficiency with little total pressure loss is possible due to



the low air velocity in the engine. In the scramjet cycle the tradeoff between
energy release in the combustor and total pressure losses must be considered.
Because of the losses that must occur to achieve complete combustion, the
optimal combustion efficiency, in terms of overall vehicle performance, may
be less than 100%.[11 Unavoidable total pressure losses occur due to the heat
release in the supersonic air stream (Rayleigh losses) and the molecular level
mixing of the fuel and air. Other losses, such as skin friction and shock
losses, must be minimized. Because of the supersonic velocity in the
combustor, the effect that the injection scheme has on the stagnation

pressure losses, through shock waves, is important.

Another problem in practical scramjet combustor design is that of the
wall heat transfer rates. Even at low hypersonic speeds (Mach 6-7) the
stagnation temperature of the air entering the combustor is higher than the
melting point of most metals. Fuel reacts with the high enthalpy air in the
combustor further increasing its temperature, and the potential heat transfer
to the combustor walls. For this reason, both the airframe and engine of a

scramjet-powered aircraft will be actively cooled.

Hydrogen is preferred over hydrocarbon fuels for a reusable, high-
speed vehicle design because its high specific heat, and large working
temperature range, allows regenerative cooling of the airframe and engine.
However, because of its low density, hydrogen requires more storage volume
than hydrocarbons, which translates into higher vehicle drag and structural
weight. For this reason other fuels, such as higher density slush hydrogen
(50 % liquid hydrogen/50% solid hydrogen), are being considered.[2] Slush
hydrogen also allows more heat to be absorbed from the structure since the
solid portion of the fuel will undergo two phase changes prior to gaseous
injection.

In addition to increasing the net amount of energy released by
combustion, using the hydrogen to regeneratively cool the structure allows
the thrust to be augmented if the regeneratively-heated fuel is injected
parallel to the main flow in the combustor. At high Mach numbers, thrust
augmentation by parallel injection of the fuel can be used to provide a
significant fraction of the total thrust.[3] Parallel fuel injection, however, has



the disadvantage of requiring longer combustor lengths for mixing and
combustion than perpendicular fuel injection. The problem of mixing in
parallel compressible flows is discussed in the following section.

1.1 Mixing In Compressible Shear Layers

A schematic of a planar free shear layer is shown in Fig. 1.1. The effect

of velocity ratio, r = us / Uy, (g > Us) on the growth of planar shear layers was

studied by Sabin.[4] The following expression for the growth of shear layers
with equal density ratios was proposed:

[ _ (1-r) _ Au

x = arn T ey 4D

where § is the shear layer thickness, Cs is a constant that depends on the
initial conditions and Au=uy-Us. As Au increases from O to uj, the spatial

shear layer growth rate, 8/ x, increases.
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Figure 1.1 Schematic of Free Shear Layer.

Early experiments with supersonic jets showed that the spreading
angle of the mixing layer decreased as the Mach number of the jet increased.
This decrease in shear layer thickness was initially attributed to the effect of
density ratio. Brown and RoshkolS] studied the effect of density ratio on a
planar mixing layer between nitrogen and hydrogen. Nitrogen and helium
were used to create large density ratios, which were typical of those observed
in high speed mixing experiments. The effect of the density ratio on the
shear layer spreading rate, due to the density ratio alone, was found to be
much less than the effect that was due to the increase of the Mach number in
previous studies. Therefore, it was concluded that the decrease in the shear



layer spreading rate was due to compressibility rather than the effect of
density ratio.

To address compressibility effects, Bogdanoffi6] proposed that the
shear layer growth should be correlated with a reference Mach number, M ¥,
in a coordinate system that travels at the speed of the large scale structures
in the flow. Papamoschou and Roshkol7] expanded on the work of Bogdanoff
and proposed the convective Mach number to correlate shear layer growth in
compressible shear layers. The convective Mach number is defined as the
Mach number in a coordinate system that moves at the velocity of the large
scale structures of the mixing layer. In shear layers with two different gases
there are two different convective Mach numbers which are defined by the
following: Mo =(u1—ug)/ ay (1-2)

MC2 =(UC—U2)/62 (1-3)

where u¢ is the velocity of the convecting structures of the flow and a; and ag
are the sound speeds in gases 1, and 2, respectively. As the convective Mach
number, M1, increased from 0 to 0.8, the ratio of the shear layer growth rate
to that for an incompressible shear layer at the same velocity and density
ratio decreased to = 1/5. At convective Mach numbers, M¢1 > 0.8, the ratio of
the compressible shear layer thickness to the incompressible shear layer
thickness was approximately constant. Early investigations averaged the
two computed values of convective Mach number. Later, it was shown by
direct measurement that the convective velocity tends toward the low velocity
stream in a shear layer between two supersonic streams(8!, resulting in large
differences between the two convective Mach numbers. However, the same
conclusion still holds; for shear layers with the same density and velocity
ratio, the spreading rate of the shear layer decreases with an increase in the
flow velocity.

Although compressible axisymmetric mixing layers have not been
studied as much as planar mixing layers, the same type of decrease in shear
layer thickness with convective Mach number has also been observed.9-12I

The reasons for the low growth rate and subsequent decrease in the
overall mixing rate associated with compressible shear layers are not yet
fully understood. However, several theories have been presented.



Papamoschou!13! examined the propagation of sound waves within the shear
layer. In that study it was shown that increased Mach number hinders
communication between parts of the flow. The inhibited acoustic interaction
was proposed as the fundamental explanation for the increased stability of
high speed shear layers. Nixon, et al.[14] proposed that the decreased mixing
rate is caused by the lower flow energy that is available for entrainment
because of the compression work that occurs during deflection of the free
stream fluid into the shear layer. Hussanni et al.[15] proposed that the
formation of transient eddy shocklets could distort the eddy, decreasing its
length scale.

1.2 The Effect of Combustion on Mixing

Before continuing, it is useful to consider the relationship of supersonic
mixing to supersonic combustion, and the effect that combustion has on
fuel/air mixing. Most of the studies that were discussed in the previous
section were performed with cold (non-reacting) flow. Mixing studies allow
examination of complex flowfields without the added complications of
chemistry, and heat release. Mixing is important for the obvious reason that
combustion cannot occur unless fuel and oxidizer are mixed. A further
complication in reacting flows is the effect of the heat release on the flowfield
and thus the fuel-air mixing.

There are several ways that combustion could alter the mixing rate.
One effect is that combustion and the resultant pressure rise can change the
flowfield near the injectors. For example, a fuel injector that is slightly
underexpanded could become overexpanded as a result of the combustion-
induced pressure rise near the injector.

The entrainment rates can also be changed as a result of heat release.
McMurtry et al.[21] performed direct numerical simulations of a reacting two-
dimensional flow. The growth rate of large scale structures in a shear layer
was found to decrease with moderate levels of heat release. Hermonson and
Dimotakis[22] conducted an experimental study of shear layer growth in a
reacting shear layer and showed that the thickness of the shear layer
decreased slightly with increasing heat release. The fact that the shear layer
growth rate did not increase implies that the entrainment rate also decreases



due to the decreased density at the fuel/air interface. Therefore, less fuel/air
mixing occurs in a reacting shear layer than in a nonreacting layer.

Another effect of combustion is that the vorticity at the center of the
vortex is reduced because of the expansion of the fluid due to the heat release,
as discussed by McMurtry.[21] Note that many of the mixing enhancement
strategies add streamwise vorticity to a flow in order to increase the mixing

rates.

To overcome the difficulties associated with mixing in supersonic
combustor flows, many strategies have been proposed and studied. Due to
the large number of papers on supersonic mixing enhancement, a
comprehensive survey is beyond the scope of this dissertation. Therefore, the
following discussion is intended to show the general types of mixing
enhancement techniques that have been proposed for use in supersonic

combustors.
1.3 Fuel Injection and Mixing Enhancement Techniques

Much of the early work on scramjet fuel injection focused on normal
injection [16-17] resulting in correlations for fuel mixing and penetration. In
comparison to parallel injectors, normal injection offers relatively rapid
mixing. However, none of the fuel momentum contributes to the thrust, and
there are large total pressure losses associated with the shock system. In
addition, when a fuel jet ignites near the injector, the heat transfer can be

severe.

Film injectors, in which a near-tangential stream of fuel is injected
from the wall have also been studied.[18-19] This configuration allows all of
the fuel momentum to be contributed to the thrust with little total pressure
loss. Also, in the case of a film injector that extends across the width of a
combustor, a large fuel-air interface is provided which is desirable from the
standpoint of mixing. The major disadvantage of film injectors is that the
penetration is limited by shear layer mixing, which as previously discussed,
is small for high flow velocities. The result of inhibited penetration is that
the fuel will not mix and react with air in the center of the combustor.
Therefore, although high mixing efficiencies can be achieved for low



equivalence ratios (due to the large fuel-air interface area) tangential
injection is not effective at high equivalence ratios because mixing is
penetration-limited. Also, heat release near the wall can lead to high wall
heat transfer rates, which is a major disadvantage in practical combustors.

Thomas et al.[20] presented a review of the data base for mixing with
transverse injectors, slot film injectors, and coaxial injectors. It was shown
that the spacing of coaxial and transverse jets below a critical value could
decrease the mixing rate. In addition, it was shown that when the maximum
fuel concentration for all configurations was plotted on the same plot, the
maximum fuel concentration decreased with a decay rate that was roughly

proportional to x-0-8,

The rest of this section contains a review of techniques to enhance the
mixing of parallel flows. Most of the methods impart streamwise vorticity to
the mixing region between the fuel and air. Streamwise vorticity enhances
the mixing in parallel flows primarily by increasing the surface area of the
fuel/air interface. In addition, recalling Crocco's theorem, the entropy
increase and thus the decrease of total pressure can be related to the vorticity
by the following relationship: TVs=Vhr -Ux®. For the case where the
vorticity and velocity vectors are aligned, the last term is zero. Therefore,
longitudinal vorticity is an efficient way of enhancing the large scale mixing.

The combination of normal and tangential injection was studied by
King et al.[24] A nearly pressure-matched Mach 1.7 film injector was used as
the tangential injector. A row of normal injectors was mounted 1/2 of the film
injector height downstream of the film injector. The normal injectors were
created from circular tubes that protruded through the film so that they were
equal to the film injector height. Both sonic and supersonic (M =2.2) normal
injectors were used. It was found that sonic normal injectors increased the
total mixing layer thickness by up to 70 % over that for the slot injector alone.

Flush wall-mounted, angled fuel injectors have been studied by several
investigators to obtain the advantages of both tangential and normal
injectors. McClinton(25] studied sonic hydrogen injection at injection angles
of 30° to 90° into a Mach 4 airstream. The ratio of jet total pressure to the



airstream total pressure was held constant. It was found that for lower
injection angles, faster mixing and improved fuel penetration resulted. Also,
the total pressure losses due to the shock system decreased as the injection

angle decreased.

Mays et al.[26] extended the work of McClinton by studying pressure-
matched and under-expanded helium injection from nozzles angled at 30° and
15° into a Mach 3 freestream. An increase in the injection angle was found to
increase the mixing in the near field by increasing the penetration; however,
mixing in the far field was not significantly affected. A fivefold increase in
the jet exit pressure to the effective back pressure ratio was found to increase

the rate of downstream mixing by 30 %.

Fuller et al.[27] studied the effect combining yaw and transverse
injection angles in the mixing of flush-mounted helium jets with Mach 3 and
Mach 6 airstreams. The addition of yaw angle significantly increased the fuel
plume cross-sectional area over that for no yaw angle, while slightly

decreasing the transverse penetration.

Cox et al.[28] expanded on the work of Mays et al. and Fuller et al. and
studied a novel injector with nine separate injectors arranged in a 3x3 array.
The first row of injectors was angled at 15° with respect to the main flow.
The next two rows of injectors downstream were slanted at increasing angles
transverse to the main flow in 15° increments. In addition, the outer two
injectors in each of the two downstream rows were angled inward toward the
centerline of the injector array. The purpose of the design was to produce
large scale longitudinal vorticity and increase the fuel penetration from a
flush wall injector, while avoiding the large pressure drag associated with
devices which protrude into the flow, such as strut or ramp injectors. The
yawed jets created vorticity, while the penetration of the fuel was improved
due to the staged injection, similar to previous studies of staged normal
injection.[23] Experiments with helium injection as well as CFD calculations
showed that the large-scale vortical structures produced by the injection
scheme were effective in enhancing the mixing..



Various non-circular injector configurations have also been studied,
mainly in coaxial injector configurations. A major feature of such injectors is
the phenomena of axis switching, in which the fuel jet spreads more in the
minor axis plane flow than in the major axis plane. Eventually, the minor
and major axis of the fuel jet switch. Axis switching has been observed in
elliptical and rectangular jets by Gutmark et al.,[29] resulting in enhanced
mixing rates for noncircular injectors as compared to the circular injectors.
In addition to large scale structures, which are useful in spreading the fuel,
small scale structures, which are useful for molecular level mixing, are
generated at the corners. In reacting flows the small scale structures created
at the corners can enhance flameholding. Other noncircular injector
geometries such as triangular, and tapered (rectangular throat to round exit)
injectors have also been studied by Gutmark et al.[30-31] and have shown
increased mixing rates as compared to circular injectors.

Other groups have studied mixing enhancement due to the fuel injector
geometry. Samimy et al.[32] used tabs at the exit of the nozzles to enhance
the mixing of supersonic jets. In a study of mixing of an air jet into air they
found that the use of small tabs (blockage area = 1.5 % per tab) increased the
entrainment of ambient air into the jet. The use of one, two, and four tabs
was examined at several streamwise positions using Mie-scattering. The flow
visualization results suggested that each tab created two counter-rotating
vortices. The use of two tabs mounted opposite of each other caused
bifurcation of the jet, increasing the mass entrainment by 13 % more than
that for a plain nozzle. Zaman!33! showed that the addition of tabs to circular
nozzles could increase the entrainment by 20 % over that observed for plain
rectangular nozzles. Also, flow visualization showed that the addition of tabs
to noncircular injector nozzles could either enhance or prevent axis switching,
depending on the location of the tabs.

Yu et al.[34] used five swept-ramps located around the internal
circumference of an injector nozzle to enhance the mixing of air with a coaxial
flow of air. Flow visualization by Mie scattering showed that the ramps
appeared to enhance shear layer growth by cfeating large-scale structures.
Total pressure profiles showed that the addition of the ramps to the inside of



the nozzle caused the shear layer growth rate to increase by 110 % over that
for a plain circular nozzle.

An increase in the mixing rates of coaxial mixing layers by even
smaller modifications to the internal nozzle geometry has been demonstrated
by King et al.[35] Triangular pieces of ordinary adhesive tape that were 0.2 %
of the exit diameter of a pressure-matched Mach 1.8 nozzle were found to
increase the mixing rates while causing little thrust loss due to exit area

blockage.

The addition of swirl to the fuel inside the injection nozzles has also
been studied as a mixing enhancement method. In the investigations of
Levey, Cutler and Kraus, [36-40] the mixing growth rate of a Mach 1.7 air jet,
as measured by probes, focusing schlieren, and Rayleigh scattering, was

found to increase with an increase in the amount of swirl.

Kraus and Cutler(39] studied the effect of swirl on the mixing of a 30
degree wall jet into a Mach 2 airstream. Instantaneous Rayleigh scattering
images were used to study the mixing of both helium and air into the
airstream. It was observed that the penetration of the wall jet into the
freestream increased little. However, the addition of swirl preferentially
increased the lateral spreading of the fuel in one direction. The interaction of
the vortex from the supersonic nozzle with the two counter-rotating vortices
generated by injection of the fuel was thought to be the cause of the lateral
movement of the jet mixing region.

An unsteady vortex breakdown mechanism has been suggested as a
major cause of the increased mixing observed in overexpanded swirling jets.
Metwally et al.l4ll studied a streamlined, axisymmetric, strut-mounted
supersonic swirl injector in a Mach 2 airstream. Air was used for the
injectant and the nozzle flow was over-expanded. Schlieren films showed
that, with a strong vortex, the normal shock formed downstream of the nozzle
rapidly oscillated (f = 4 kHz) in the streamwise direction. As the shock moved
forward it curved. A mechanism based on the vortex breakdown downstream
of the normal shock, and the resultant formation of a high pressure

10



stagnation point was proposed as the cause of the forward movement of the
shock.

The interaction of oscillating shocks with a hydrogen-air mixture was
studied computationally by Kumar et al.[42] The geometry studied was a
duct with a 10° compression surface on one side that created an oblique shock
along with a 15° expansion on the opposite wall. It was found that
disturbances from the wall region propagated along the shock resulting in an
unsteady shock that enhanced the turbulence behind the shock. Other
methods for producing oscillating shocks were also discussed.

The effect of an unsteady shock on the mixing characteristics of the 15°
angled jet, previously studied by Mays, was studied by Wood and Schetz. [43]
The shock was generated by normal injection of a small jet of water injected
from the opposite wall. Waves generated along the column of the water jet
were thought to be responsible for the shock oscillation. By adjusting the
liquid jet diameter, the power spectrum of the pressure measured on the
opposite wall was altered. It was found that mixing was enhanced or

inhibited depending on the shock oscillation frequency.

The interaction of shock waves with a fuel jet has also been studied as
a way of mixing enhancement through the baroclinic torque mechanism. In
the baroclinic torque mechanism the cross product of the density gradient

and pressure gradient produces vorticity as shown in the following equation:
Do 1

== p—z(Vp x VP) (1-4).

The baroclinic torque interaction is illustrated in Fig. 1.2. As shown in
Fig. 1.2a, pressure and density gradients occur at the intersection of a fuel/air
interface with a shock wave. This two-dimensional non-steady interaction
was studied computationally by Yang et al.[44] A qualitative picture of the
subsequent interaction is shown in Fig. 1.2b-d. The induced vorticity is a
maximum at the sides of the fuel jet where the gradients of pressure and
density are perpendicular to each other, and is zero at the top and bottom of
the fuel jets where the gradients are parallel. The vorticity induced at the

edges of the jet cause it to assume the kidney-béan shaped structure shown in
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Figurel.2 Unsteady Two-Dimensional Baroclinic Interaction With a Round
Fuel Jet: (a) Approaching Shock Wave (b) Initial Vorticity
Distribution (c) Initial Roll-up (d) Development Into Separated
Counter-Rotating Cores. (Adapted from Yang et al. [44]).
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Fig. 1.2c. The fuel jet separates into a pair of counter-rotating vortical
structures. In addition, the fuel jet moves in the direction of the shock wave
after the interaction. Yang found that the induced velocity increased as the
pressure ratio and density ratio across the shock increased.

The use of the baroclinic mechanism in a steady flow was first
suggested by Marble et al.[45] As shown in Fig. 1.3, the interaction of a
steady oblique shock with a fuel jet is analogous to the problem of the moving
shock-fuel jet interaction. Traveling in a reference frame along with the fuel
jet, the shock wave moves through the fuel jet as the fuel moves downstream.
The passage of the shock causes a large increase of the fuel/air interface area
due to the distortion of the fuel jet by the axial vorticity.

Fuel injection through the base of ramps angled to the airstream has
been the subject of numerous studies for mixing enhancement in scramjet
combustors.[46-66] Ramp injectors provide a method for near-parallel
injection along with the creation of large scale vortical structures that are
effective in increasing the mixing rate. Waitz et al.[46-47] studied the mixing
of helium into air using a class of contoured wall fuel injectors shown in Fig.
1.4. The ramps were designed to produce axial vorticity through two
mechanisms:

1. The cross-stream shear associated with the pressure gradient
between the high pressure on the ramp top and the low pressure region

between the ramps.

2. The baroclinic torque mechanism that occurs as the fuel jet is passed
through the oblique shock.

Note that the tunnel wall opposite of the injectors was high enough
that the reflected shock from the ramps did not interact with the fuel jet in
the test section.

Waitz compared the baseline ramp geometry shown in Fig. 1.4

(ac =4.76°, 0, =4.76°) with two other injector ramp configurations to

evaluate the relative effects of the two axial vorticity mechanisms on the
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SIDE VIEW
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Figure 1.4 Contoured Wall Injectors (From Waitz et al. [46]),
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mixing. The second injector was a straight-sided expansion ramp

(ac =0%0p = 4.76°) that was designed to produce approximately the same

amount of baroclinic torque on the fuel jet as the baseline configuration. The

third ramp was a straight compression ramp (ac =0.76°,0p = O°) that was

designed to produce the same amount of cross stream shear with no
baroclinic torque. Computations of the helium/air mixing showed that the
decay of helium concentration was more rapid for the two injectors that used
the baroclinic mechanism than it was for the compression ramp. The
enhanced mixing was attributed to the fact that vorticity produced by the
baroclinic mechanism was produced directly at the fuel/air interface while the
center of the vortex generated by the compression surface of the ramps was
located away from the fuel/air interface.

1.4 Swept Ramp Injectors

Northam et al.[48-52] introduced the swept ramp fuel injector that is
shown in Fig. 1.5. In the swept ramp design, axial vorticity is created as the
flow spills from the high pressure region on the top of the ramp to the region
between ramps in the same manner as it is for the straight-sided compression
ramps. However, because the ramp surfaces are swept in the direction of
flow, more flow is drawn over the top of the ramps, resulting in a stronger
vortex than that produced by the straight compression ramps. Combustion
tests were conducted at combustor inlet Mach numbers of 2 and 3 for both
swept ramps and straight compression ramps.

The swept ramps were found to provide flameholding downstream of
the ramps, with autoignition limits of T = 1400 K, and Tt = 1670 K for Mach
2, and Mach 2.9 test conditions, respectively. The performance, based on the
combustion efficiency, was found to be better for the swept-compression
ramps. In fact, the combustion performance nearly equaled the performance
expected from empirical correlations of the mixing from perpendicular
injectors. In addition, the performance of the swept-ramp injectors was much
less sensitive to the total temperature of the incoming flow than it was for the

unswept-compression ramp injectors.
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Reflected shock

Figure 1.5 Swept-Compression Fuel Injectors (a) End View (b) Side View
With Oblique Shock (¢) Top View.
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Planar laser induced fluorescence (PLIF) was used by Hartfield et
al.[59 to study the mixing of iodine-seeded air from a swept-ramp injector
into cold Mach 2 and Mach 2.9 airstreams. Concentration profiles in the
crossflow planes for the Mach 2.9 case are shown in Fig. 1.6. Near the
injectors the flowfield was found to be dominated by the action of the two
counter-rotating vortices on the fuel jet. The vortices greatly distorted the
fuel jet in the lateral direction, increasing the fuel/air interface area. Several
ramp heights downstream of the ramps, as the vortex structures closed the
plume contours, the plume assumed an almost circular shape. The plume
contours closed closer to the ramps in the Mach 2 tests. Also, the fraction of
the combustor area that was within the flammability limits of hydrogen/air
was highest at Mach 2.

Davis(63] conducted a numerical study of the amount of vorticity
production and total pressure loss resulting from several ramp injectors,
including swept, and unswept-compression ramps, and swept expansion
ramps. Parabolized Navier-Stokes calculations, for the three ramp
geometries at Mach 2, showed that the production of longitudinal vorticity by
the ramp was greatest for the swept-compression ramp, followed by the
unswept-compression ramp, and least for the swept-expansion ramp. The
total pressure recovery was found to be best for the swept compression ramp,
slightly better for the swept expansion, and best for the straight compression
ramp. Davis suggested a geometry with a half of a cone cut out of the side as
a compromise between vorticity generation and total pressure loss. Further
reacting flow calculations showed that the combustion efficiency was best for
swept-compression ramp, followed by the unswept-compression ramp, and

was worst for the swept-expansion ramp.

Riggins and McClinton(56! performed both reacting and non-reacting
elliptic Navier-Stokes calculations with 30° wall jets, and 10° unswept and
swept-ramp injectors, with Mach 2 inlet conditions. The non-reacting mixing
results showed that the swept-compression ramps had the highest mixing
rate, the wall jet had the next highest, while the unswept compression ramp
exhibited the worst mixing rates. Comparisons of the calculated thrust

showed that the wall jet produced the most thrust and the swept compression
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Figure 1.6 Injectant Mole Fraction Distributions by the Downstream of a
Single Swept Compression Ramp (From Reference 59).
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ramp produced the least amount of thrust. The reason for the decreased
thrust in the case of the swept ramp was primarily due to the high pressure
on the large forward facing surface of the swept ramp.

The calculations for the reacting flows showed that, in the nearfield,
combustion efficiency was highest for the swept compression ramp while the
combustion efficiency for the wall jet slightly lower. At the exit of the
combustor the combustion efficiencies for these two configurations were
approximately equal. Comparisons of the thrust for the two configurations
showed the same trend as did further calculations by Riggins and
McClinton[57] at Mach 3 combustor inlet conditions. The results for the
unswept compression ramp showed that ignition did not occur at the ramp
injector, but occurred a short distance downstream of the injectors. Even
with a shorter distance to react, the unswept compression ramps had the
highest combustion efficiency and thrust of the three configurations.
Recalling that the unswept ramps had the worst mixing efficiency of the
three configurations, the authors concluded that combustion near the

injectors can decrease mixing.

Other mixing enhancement techniques have also been studied in
combination with ramp injectors. Capriotti et al.[49] found that small normal
injectors located downstream, directly in line with swept compression ramp
injectors, improved the combustion efficiency slightly. A greater
improvement was found for the combination of unswept-compression ramps
and normal injectors. The improvement was attributed to the additional
longitudinal vorticity introduced to the fuel plume at the intersection of the
normal jet and main fuel jets.[65]

The effect of combining noncircular injector geometry with a single
swept-ramp injector on the mixing performance was studied by Hamovich [64]
in a cold flow mixing study. Six different noncircular nozzles, including
ellipsoidal and tapered rectangular nozzles, were studied. Although large
differences were found in the fuel plume cross-section near the jet exit, only
minor differences were observed between the fuel plumes in the farfield. The
similarity in the farfield was attributed to the fact that the flow in the farfield
appeared to be dominated by the longitudinal vorticity from the ramps.
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1.5 Heat Transfer in Scramjet Combustors
1.5.1 Background

A brief survey of the open literature concerning heat transfer in
scramjet combustors is presented below. It should be noted that other studies
involving heat transfer measurements in scramjet combustors have been
made in recent years as part of the National Aerospace Plane (NASP)
program. However, these studies cannot be addressed here due to

classification or ITAR restrictions.

Early experimental studies of scramjet heat transfer involved energy
balances on the cooling water to large surface plugs located in the far-field of
the fuel injectors.[66-68] Later studies provided more spatial resolution by

using heat flux gages to measure the flux over much smaller areas.

Guy and Mackley(69] studied the heat flux distribution in a copper
scramjet engine at Mach 7 flight conditions and found that the heat flux
distributions resembled the pressure distributions. Diskin et al.[70! used a
single heat flux gage mounted near the end of a Mach 2 scramjet combustor
to investigate the wall heat flux in direct-connect tests with hydrogen and
hydrocarbon/hydrogen mixtures as fuels. One of their main objectives was to
determine if the heat flux increased when using hydrocarbon fuels. Increased
heat transfer was expected with hydrocarbon fuels because of blackbody
radiation from soot. With pure hydrogen fuel no particulates are formed;
therefore, the only radiation from the burning fuel to the walls is in the form
of descrete spectral lines. They found that the heat transfer to the walls
increased as the fuel equivalence ratio increased when using hydrogen as a
fuel. When using hydrogen/hydrocarbon mixtures, the trends of heat flux vs.
equivalence ratio were approximately the same, implying that the effect of
radiation was small.

Morgan and Stalker(71] studied the heat transfer to the combustor and
nozzle walls of a scramjet in a shock tunnel. The fuel injector was a strut
that was mounted in the center of the tunnel, so that the reaction zone was
separated from the wall. The combustion products did not penetrate to the
wall. Thus, the only influence that the combustion had on the heat flux level
was through freestream pressure increase. Measured heat fluxes that were
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below the turbulent predictions in the nozzle were discussed with the possible

explanation of relaminarization of the boundary layer.

Perhaps the most striking evidence of the high wall heat transfer
levels in scramyjets is provided by the numerous examples of melted and burnt
scramjet combustor parts displayed in the offices and laboratories of
engineers around the world. In previous combustion tests of swept ramps,
Northam et al.[51] noted large melted areas of the combustor duct
downstream of the ramp injectors. A photograph of the melted combustor
wall from these experiments is shown in Fig. 1.7. In these tests the injector
wall suffered extensive melting, in contrast to the opposite wall that was

virtually damage free.

1.5.2 SCRAMJET Combustor Cooling

In the design of a scramjet engine it is obvious that some form of
cooling will be required. From weight and thermodynamic considerations it
is desirable to use fuel to regeneratively cool the engine components. The
cooling requirements for the engine can be further reduced by cooling the
internal combustor walls with the fuel. The fuel forms an insulating layer
between the wall and the high enthalpy freestream. Two methods of cooling
the hot side of the combustor walls, film and transpiration cooling, are shown
in Fig. 1.8.

Film cooling is illustrated in Fig. 1.8a. Film cooling is used to protect
large areas of the walls downstream of a slot injector. It has the advantage
that the fuel momentum is used to produce thrust. Film cooling has been
demonstrated to be effective in cooling large areas of scramjet nozzles by
Baker et al.[72] Film cooling has the disadvantage that incident oblique
shocks can degrade the film cooling effectiveness.[73] In addition, a strong
adverse pressure gradient in the freestream due to combustion may also
degrade the film effectiveness.
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Figure 1.7 The Melted Combustor Duct Downstream of the Swept
Compression Ramp Injectors.

Transpiration cooling is illustrated in Fig. 1.8b. In transpiration
cooling fluid is injected perpendicular to the wall. Transpiration cooling has
been used extensively in cooling gas turbine blades. Typically, less of the
combustor area downstream of the transpiration injector is protected in this
method. In addition, none of the momentum of the coolant is used to produce
thrust. Another concern with transpiration cooling is that flameholding
characteristics can be altered when using transpiration near fuel injectors.
Byington et al.[74] studied transpiration film cooling around a normal
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hydrogen fuel jet in a Mach 3 freestream. They found that transpiration
cooling was effective in reducing the high heat fluxes in the vicinity of normal
injectors. However, in open jet tests it was found that there were limits on

the amount of transpiration cooling which could be applied without flameout.

Before an effective cooling strategy can be devised for a combustor, it is
essential to identify regions of the combustor that suffer the most severe heat
fluxes. It is even more important to understand the reasons for the severe

heat flux.

(a) Main Flow

| .

Slot Film Cooling

(b) Main Flow o Transpiration
Cooling

T

Figure 1.8 Combustor Wall Cooling Methods (a) Film Cooling
(b) Transpiration Cooling.

1.6 Dissertation Objective and Approach

The objectives of the present study were to determine the effect of
mixing augmentation, resulting from streamwise vortices generated by swept
injector ramps, on scramjet engine operation characteristics, combustion, and
heat transfer. To achieve these objectives, a combined experimental and
computational study of a scramjet combustor employing two different swept-
ramp injector configurations was conducted. The experimental study was
conducted in a direct-connect combustor test facility, simulating flight at
approximately Mach 6.6. The combustor inflow conditions for the tests were:
M=263,TT=1940K,and P =1 atm.
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The experimental measurements included combustor wall pressure
and heat flux measurements for the two injector configurations.
Measurements of the heat flux were made by both cooled Gardon gages, and
by a transient analysis using the combustor surface temperature. A unique
side-view laser light sheet technique was developed to obtain Mie-Scattered
images of the combustion product distribution at selected planes in the
scramjet combustor. Further instream information was obtained by a
miniature refractory probe which was developed for this research.

Computations of the flowfield using a three-dimensional, Navier-
Stokes code were conducted to provide further insight into the effect of the
flowfield structure on combustion and wall heat transfer. The flowfield
calculations were then compared to experimentally determined values of wall
pressure, heat flux, pitot pressure, and Mie scattering flow visualization.

1.7 Outline of the Dissertation

The background and motivation for the following study have been
presented in this chapter. Chapter Two describes the combustor hardware
and the direct-connect combustor test facility used in the experimental
portion of the study. The experimental methods and measurements used to
acquire the data are discussed in Chapter Three, followed by the presentation
of the experimental data in Chapter Four. The results of the computational
study of the flowfield structure are presented in Chapter Five along with
comparisons between the numerical and experimental results. The
conclusions are presented in Chapter Six, followed by the recommendations
for further work in Chapter Seven. A discussion of the uncertainty analysis
is presented in the Appendix along with data reduction techniques, and a
tabulation of test conditions.
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Chapter 2

Experimental Apparatus
2.1 Test Facility

All tests were conducted in the Direct-Connect Supersonic Combustor
Test Facility at the NASA Langley Research Center. The direct-connect test
apparatus, shown in Fig. 2.1 simulates scramjet combustor inflow conditions
at flight Mach numbers from 4-7. In direct-connect tests, the air flow from a
scramjet inlet is simulated by the facility nozzle. The direct-connect facility
has two distinct practical advantages over a free jet facility in which the
complete engine is tested. The first advantage is that the required mass flow
is lower because there is no airflow external to the engine. The second
advantage is that the required facility stagnation pressure is much lower
because there are no inlet losses (shock losses and viscous losses). The high
enthalpy air at the combustor inlet was provided by a hydrogen-air vitiated
heater with oxygen replenishment to 21 percent by volume. The mass flow
rates of air, hydrogen and oxygen were set to achieve the desired total
pressure, temperature and oxygen content. Detailed information about the
vitiated heater design is presented in reference 75.

For the tests reported here, the total temperature and pressure were
approximately 1950 K and 2.8 MPa, respectively, simulating the stagnation
enthalpy of air at Mach 6.6. The inlet Mach number was set at 2.63 by a
water-cooled copper nozzle, so that the ratio of the combustor inlet Mach
number to the flight mach number was 0.4. A commonly accepted "rule of
thumb" for low hypersonic speeds that the ratio of the combustor inlet Mach
number to the flight mach number should be between 1/3 and 1/2. Therefore,
the combustor inlet Mach number used for the current tests is appropriate for
the flight Mach number. The oxygen content of the vitiated air was
calculated from the heater mass flow rates during the tests and only runs
with oxygen levels of 21.0 £ 1.0 % were analyzed. The required heater mass
flow rates to obtain the operating conditions were:

Air flow rate = 2.75 kg/s
Oxygen flow rate = 1.0 kg/s
Hydrogen flow rate = 0.082 kg/s
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A complete uncertainty analysis of the measured and calculated
combustor inlet properties is presented in Appendix A. With the Mach 2.63
nozzle, the static pressure at the combustor entrance was approximately one
atmosphere. A vacuum duct was connected to the end of an expanding
nozzle-duct assembly to allow operation at reduced back pressure without
separation. The vacuum ducting was connected to a 21.3-m vacuum sphere
that was evacuated to a few Torr by a three-stage steam ejector. For the
short run times of the tests and total mass flow rates of under 5 kg/s there
was no increase in the back pressure at the scramjet combustor/nozzle exit.

2.2 Injector Designs

Figure 2.2 shows the two injector blocks that were constructed for this
investigation. These designs are referred to as the swept-compression and
swept-expansion ramp injectors. The injector blocks consisted of a 90 mm
long constant area section, followed by the injector ramp, which was then
followed by a 70 mm long constant area section. A single fuel injector nozzle
was mounted in the base of each ramp.

The swept-compression ramp injector is similar to the swept-ramp
model that was previously studied in this facility,[50-52] except that the width
of the combustor is twice as wide. The wider hardware allowed the use of
four injector ramps, which reduced the effect of the side walls on the flow.
The swept-compression ramps have a 15.2-mm wide by 12.7-mm high base.
The ramp angle and the fuel injection angle were both 10.3° with respect to
the base of the injector block. The ramp angle was much less than the 29°
shock attachment limit predicted by oblique shock-wave theory; thus, the
flow should have remained attached to the ramp and the reflected shock
should have been stable. The sweep angle was 10 degrees on each ramp side
wall. There was a 70 mm long constant area section downstream of the base
of the ramps. The duct height at the entrance of the combustor, upstream of
the ramps, was 38.1 mm. The blockage area of the compression-ramps was
about 12%. The base area and the ramp angle were selected to minimize the
flow losses and flow separation over the rearward-facing step. The

compression-ramp has been shown to produce vortical flow as the higher
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pressure on the ramp face is relieved. Mixing in this configuration was also
enhanced by the baroclinic torque mechanism as the reflected shock passed
through the density gradient caused by the hydrogen fuel jet (see Section 1.3).
At Mach 2.63 inflow conditions, an estimate based on two-dimensional,
oblique-shock theory predicted that the shock from the 10 degree
compression-ramp was reflected back to the fuel injector wall about 79 mm
downstream of the injectors. Also, flameholding in this configuration was
promoted by recirculation behind the swept, rearward-facing steps.

A second injector block with expansion-ramps was also constructed to
reduce the flow losses associated with the oblique shock generated by the
compression-ramp. For this injector, the top surface of the ramps were flush
with the wall upstream of the ramps and the recesses between the ramps
were used to generate vorticity (see Fig. 2.2). As it was for the swept-
compression ramp, the pressure was higher on the top surface of the ramp
than it was in the interstice, leading to formation of longitudinal vortices.
The flow turning at the intersection of the expansion between the injector
ramps and the constant area section produces an oblique shock, which can
interact with the hydrogen jet to enhance mixing through the baroclinic
torque mechanism. The recesses were 13 mm deep and the other dimensions
of the injector block were the same as for the compression-ramp design. The
duct height at the end of the expansion-ramp injector was thus increased
from 38 to 51 mm. This design resulted in the hydrogen being injected into a
higher Mach number expanded flow with a lower pressure and temperature

compared to the compression-ramp design.

The fuel injector nozzles, which were mounted in the base of the
ramps, were indentical for both configurations. The exit Mach number for
the injector nozzles was 1.7 with an exit diameter of 7.1 mm. Also, the
injection angle, relative to the constant area section upstream of the ramps,
was the same (10.3°) for both ramps, so that the fuel was injected nearly
parallel to the airstream. Hydrogen fuel was supplied from fuel tanks at a
stagnation temperature equal to ambient conditions (~ 30 K). The fuel total
pressure increased as the fuel equivalenée ratio increased. For an
equivalence ratio of one, the 3.27 MPa. Hence, in the absence of a
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combustion-induced pressure increase, the flow from the Mach 1.7 injector
nozzles was highly underexpanded for both injector configurations.

(a)

(b)
Flow

O O O

Figure 2.2 Swept Ramp Injectors (a) Swept Compression (b) Swept
Expansion.
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2.3 Duct Configuration

The combustor area distribution is based on previous experience with
similar combustors at low hypersonic speeds (M., =4-8)48l. Constant area
combustors lead to high temperatures and pressures in the combustor, which
is helpful from the standpoint of ignition and flameholding. However, at low
hypersonic flight speeds, a limited amount of heat addition may occur before
thermal choking occurs in a constant area combustor. As the flight speed
increases, the fraction of energy that can be added by complete combustion of
the fuel becomes small relative to the total enthalpy of the airstream.
Therefore, if the flight speed is high enough, a constant area combustor
cannot be thermally choked by combustion. Note that in order to reach flight
speeds where choking is not a concern, the engine must first fly at lower
speeds where choking is a concern. An expanding combustor duct allows
more heat addition without thermal choking. The combustor area
distribution used in this study consisted of a short constant area section
immediately downstream of the injectors followed by a diverging combustor
duct. The intent was to promote combustion in the nearfield of the injectors
by the constant area section, while avoiding thermal choking by expanding
the flow throughout the combustor.

The combustor duct is shown in Fig. 2.3 for both injector
configurations. The dimensions are normalized by the gap length, G, which is
defined as twice the combustor inlet height (G = 76.2 mm for both of the
injectors). The combustor was constructed from an injector block that was
followed by a 4.3° included-angle divergent combustor duct. The exit of the
combustor was attached to a 22° divergent nozzle that was used for a related
study of heat transfer and film cooling in a scramjet nozzle.[72] The nozzle
exited into the vacuum system. The combustor duct consisted of three
divergent duct sections bolted together for the compression-ramp combustor
and two ducts for the expansion-ramp combustor. The first duct (Duct A),
which was used only for the compression-ramp case, was 167 mm long and
had a height that increased from 38 to 50.8 mm. This duct was removed
when the expansion-ramp injectors were used. As shown in Fig. 2.3, the
expansion-ramp equipped combustor is shorter because the expansion to the
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height of 50.8 mm occurs in the injector block section. The second diverging
duct (Duct B) was 228 mm long and was connected to a third duct (Duct
C)that was 710 mm long. The injector blocks and the two diverging ducts
immediately downstream of the injector region were constructed of ARMCO
15-5 stainless steel, and the final duct, which was available from previous
tests, was constructed of low carbon steel. The ratio of the exit area to the
inlet area was 3.2 for both combustors, and the nozzle expansion ratio was
5.6.

The combustor walls were uncooled and the run times were limited to
10 seconds total and 4 seconds with fuel on, to avoid excessive wall heating.
A photograph of the combustor installed in the test cell is shown in Fig. 2.4.

2.4 Test Cell Operation

The vitiated heater is turned on in three stages, low air flow, pilot fuel
mode, and vitiated heater on. Figure 2.5, which shows the stagnation
pressure inside the heater and the combustor fuel line, illustrates the run
timing. In cold air operation only the air flows through the combustor.
During the pilot fuel mode, 60 % of the heater flow is diverted around the
main fuel valve and is ignited by a spark ignitor. After a pressure rise is
sensed in the heater, a mechanical run timer is used to open the valve
controlling the main heater fuel. At this point the vitiated heater is fully on.
The valve controlling the combustor main-fuel system was then opened after
a delay supplied by another mechanical timer.

The flowrates through the air and fuel lines were set by manually
operated dome-loaded regulators before each test. Because of the short run
times, there was usually no time to further adjust the supply pressures by
hand. This lack of control resulted in some tests with unsatisfactory inlet
temperature, pressure, or oxygen content that were not analyzed.
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Figure 2.5 Vitiated Heater and Model Fuel Supply Pressure During a
Typical Test.

In addition to the heater and main fuel systems, there were seven
auxiliary fuel systems which were controlled by a Modicon programmable
logic controller (PLC). These fuel systems were used to control
silane/hydrogen ignition sources during some of the tests. Further
information about silane/hydrogen ignition sources is presented in Chapter 4
section 4.1.
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Chapter 3
Experimental Methods and Measurements

3.1 Wall Pressure Measurements

Combustor wall pressures were measured with an Electronically
Scanned Pressure (ESP system 780-B) measurement system built by
Pressure Systems Incorporated. Up to 140, 1 mm-dia. taps were used to
measure pressure along the combustor walls. Stainless steel tubing was
welded to the outside of the combustor walls at each tap location and
connected to the ESP system by Tygon tubing.

Wall pressures were recorded on the data system at a rate of 5 Hz.
The time response of the ESP/tube system was an obvious concern due to the
long lengths (greater than 1 m) of small diameter tubing used to connect the
pressure taps to the ESP modules. However, during tests the system was
observed to respond to a step change in combustor pressure in less than two

data cycles (0.4 s).

3.2 Wall Temperature Measurements

Inside wall temperatures are useful in a qualitative sense to determine
where the largest heat flux occurs. In addition, the time history of surface
temperature can be used to calculate the heat transfer by the transient finite
difference method discussed in Appendix B. Past techniques for determining
surface temperatures have included discrete measurements by surface
thermocouples,[76] optical methods such as infrared emission,(74l and
phosphor thermography.!771 Although optical methods offer high spatial
resolution, and planar wall temperature profiles, they are difficult to apply in
a closed supersonic combustor. The requirement of optical access is just one
of the major problems that has to be solved. For example, in infrared
measurements, depending on the wavelength of the signal, special materials
must be used for the windows. Some of these materials are hygroscopic and
therefore would have limited useful lifetimes in the humid combustor
environment. Other factors, such as the change of surface emissivity with
oxidation and temperature, emission from the windows, and water vapor,
further complicate the experiment.
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Because of the difficulties with optical measurements, surface
thermocouples were used in the present investigation. Surface
thermocouples are specially designed to determine the temperature only at
the surface. Embedding thermocouples at specified positions was not
attempted because of the large errors that can occur due to uncertainties in
the depth.[78] The error due to position becomes especially important in low
conductivity materials, such as stainless steel, because of the large
temperature gradient normal to the wall. Two different types of
thermocouples were used in the combustor, eroding thermocouples, and
coaxial Chromel-constantan thermocouples.

3.2.1 Eroding Thermocouples

Eroding thermocouples made by NANMAC have previously been used
to determine the internal surface temperatures in other harsh environments,
such as Diesel engines. (7 A drawing of the thermocouple is shown in Fig.
3.1. This particular thermocouple used the Chromel-Alumel (type K)
thermocouple pair. The wires are in the form of 0.64 mm thick ribbons,
which were insulated by thin (25 pm) sheets of mica. A small junction is
formed by abrading the surface with 80-grit sandpaper. This practice
ensures that small junctions are formed at the surface where the two wires
intersect. The thermocouple ribbons were placed between two tapered pins,
which were secured inside a thick walled tube. Both the tube and the tapered

pins were made of the same material as the walls.

Recall that the upstream half of the combustor was constructed of
stainless steel, while the downstream half of the combustor was constructed
of carbon steel. Therefore, surface thermocouples were designed with both
materials. The thermocouple wires have a higher thermal conductivity than
the wall material. However, because the small thermocouple junction is in
intimate thermal contact with the relatively massive tapered pins, the
temperature measured is that of the wall material. Also, the two-
dimensional geometry of the thermocouple ribbons minimizes conduction

€rrors.
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The carbon-steel eroding thermocouples, which were installed in the
second half of the combustor, performed as desired. During the test program
only two failures occurred. The thermocouples failed by the opening of the
junction at the surface. The failure of the junctions was corrected by lightly
sanding the surface. The stainless steel thermocouples were less reliable
than the carbon steel thermocouples. Apparently the higher surface
temperatures, caused by the larger heat fluxes and lower conductivity
material, caused the junctions to open. An effort was made to renew the
junctions by sanding; however, the thermocouples failed after a few runs. In
addition to the junction failure, the response time of some of the stainless
steel thermocouples lagged that of the carbon steel thermocouples indicating
that junctions were formed below the surface. For these reasons, no data

obtained from the stainless-steel thermocouples is presented.

Outer Tube

Tapered Pins

Chromel
Junction

Figure 3.1 The NANMAC Eroding Thermocouple.

Alumel

3.2.2 Coaxial Thermocouples

Chromel-constantan (E-type) coaxial thermocouples were examined as
a method of measuring the surface temperatures in the stainless steel
sections of the combustor. The coaxial thermocouples are constructed from
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an inner rod of Chromel surrounded by a layer of insulation and outer tube of
constantan. The outer diameter of the thermocouples was only 1.6 mm (1/16
in). The small size was desirable to obtain a high spatial density of
temperature measurements. Because of the low thermal conductivity, the
stainless steel walls can be considered as semi-infinite for the short test times
(see Appendix B). For a semi-infinite medium, the surface temperature is
determined by the heat flux, run time, and the thermal properties of the wall

1/2
material through the lumped thermal parameter B (/3 =(pcpk) J An

examination of the lumped thermal parameter shows that B differs by less
than 1 % for Chromel and constantan. In addition, p for Chromel and
constantan differ less than 10 % from that for stainless steel. The favorable
match of thermal properties makes type E coaxial thermocouples a good
choice for stainless steel surface temperature measurement.

Thirty type-E thermocouples were obtained from the NANMAC
Corporation. The thermocouples were installed in the first duct downstream
of the combustor by using high temperature Saureisen cement. The
thermocouples appeared to be robust during the tests; few open junctions
occurred. However, during a separate investigation of the surface heat flux
associated with the normal injection of fuel from a flat plate (note: the details
of this investigation are not covered in this dissertation), it was found that
the surface temperature varied widely for thermocouples at similar locations.
Further examination of the thermocouples showed that the insulation was at
fault. The insulation, made from Teflon, melted at the high surface
temperatures, causing the junction to be formed below the surface. Thus the
measurements of temperature were at an unknown depth below the surface,
and no useful quantitative information was obtained from the coaxial
thermocouples.

3.3 Heat Flux Measurement

Many of the measurement techniques that have been used in other
investigations of wall heat transfer could not be used for heat flux
measurement in this facility, because of the unique requirements imposed on
the sensor by the test conditions. Schmidt-Boelter gages, and most of the
layer-type gages could not be used because of the high heat fluxes. Slug and
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null-point calorimeters, which are used to measure high heat fluxes in shock
tube tests (test time < 1ms), could not be used because the usable run time of
the gage is much less than the time required to start the tunnel.

A promising gage design is the Vatell Heat Flux Microsensor reported
by Hager et al.[80] The microsensor consists of two thermopiles that measure
the temperature difference across a thin (less than 1pm) resistance layer.
The measured voltage is proportional to the heat flux. The gage had a high
sensitivity due to the small thickness of the layer and the large number of
thermocouple pairs that were used. The layers of the gage are sputtered
directly onto the surface of the models. In order to sputter the layers onto the
gage, the ceramic gage surface must be polished to a mirror-like finish.
Because the gage material was not compatible with the combustor wall
materials, the microsensor was not considered as an option at the initiation of
this study.

Two methods were used for most of the heat transfer measurements,
the calculation of the heat transfer from measurements of the wall
temperature history (see Appendix B), and circular foil gauges, commonly
known as Gardon gages,[81,82] which are discussed in the next section.

3.3.1 Gardon Gage Theory

The Gardon gage was initially developed as a sensor for thermal
radiation, but has also been widely applied as a sensor for convective heat
transfer. A sketch of a typical Gardon gage is shown in Fig. 3.2a. A thin
constantan foil is welded to the end of a copper cylinder. A small copper wire
is welded to the center of the foil. Heat is transferred in the gage by radial
conduction to the copper body, which is maintained at a lower temperature by
heat sinking or water cooling. The thermocouple junctions formed at the
center and the edge of the foil measure the radial temperature gradient. This
radial temperature gradient can then be related to the gage heat transfer
rate.
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The relationship between a constant heat flux to the foil surface and
the resultant temperature difference between the center and the outside of
the foil, which is shown in Fig. 3.2b, can be found by solving the following

2
differential equation: b—z = ;C;—Z + —ao'?—r% (3-1)
with the boundary conditions : T=Teatr=R

and dT/dr=0atr =0.

Where k is the thermal conductivity, b is the thickness of the gage foil,
and R is the radius of the foil. The solution to this equation is given by:
g2 _ 2
4kb

T=To+q (3-2)

Thus, the relationship between the heat flux and the temperature difference
between the edge and the center of the foil is given by:
q=(T,-To)akb/R2. (3-3)

Since the radius and the thickness of the foil are constant the flux can
be expressed as: g = Ak(T, -T,) where A is a constant of the geometry, and

the conductivity is evaluated at the mean foil temperature.

The temperature difference is measured by two type T (copper vs.
constantan) thermocouples. The thermoelectric potential of this pair is well
known(83] and can be fitted with a third order polynomial. The thermal
conductivity of constantan foil is a linear function of temperature between
270 and 1200 K.[84.85] Thus, the sensitivity, S, may be calculated by the
following expression:

_AEMF | &(T¢ ~Te)+an(T2 —T§)+a3(Tg'T2)
q Ak, (1+0.5a(Tc+Te)) (T, - Te)

S (3-4)
where aj, ag, and a3 are coefficients for the thermoelectric potential and ko
and o are the constants in the linear relationship of conductivity vs.
temperature. Gardonl81] reasoned that, at low temperatures, the third order
term of the temperature can be neglected with an error (in the thermoelectric
potential) of less than 2.5 % at 190 C and 5 % at 300 C. With this
assumption, the sensitivity is written as follows:
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5 - AEMF =A,[1+ﬂ(TC+Te)} -
q 1+ y(Te +Te)

where A’, B, and y are constants. Fortuitously, Gardon also found that the

constants  and y are approximately the same for gages with constantan foil

and copper bodies, so that the sensitivity is not strongly dependent on the

gage temperature at low gage temperatures.

3.3.2 Gages and Installation in the Present Investigation

Two different models of Gardon gages made by Thermogauge were
used for the present investigation. The dimensions of both gauges are given
in Table 3.1. The sensitivity of each of the gauges was obtained by a
radiation calibration (see Appendix C) and ranged from 1.6 to 1.96
mV/(MW/m2). The response time, which was supplied by the manufacturer,
is also listed in Table 3.1. Both gauge types were mounted in water-cooled
copper tubes with an outside diameter of 7.9 mm. At the initiation of this
research there were 12 gages of type 1 available. Because of concern about
possible temperature-mismatch effects, 14 additional gages of type 2 were
acquired. These gages were equipped with an additional thermocouple to
measure the temperature at the junction of the foil edge and the copper body.

Table 3.1 Dimensions of the Heat Flux Gauges.

Type | Foil Diameter | Wire Diameter | Foil Thickness Edge Response Time
(mm) (mm) (mm) Thermocouple (sec)
1 1.0 0.05 0.064 no 0.10
2 2.0 0.05 0.25 ~yes 0.22

Swagelok compression fittings with Teflon ferrules were used to mount
a maximum of 24 heat flux gages flush with the internal combustor wall.
Seventy-eight gage locations were machined into the top and bottom walls of
the combustor. Gages were either placed in line with one of the two center
fuel injectors or in line with the interstice between two adjacent injectors. In
order to map the heat flux with a limited number of gages, the gages were
moved between each series of tests. Composite heat flux distributions were
formed from tests that have similar combustor inlet conditions and fuel
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equivalence ratios. Figure 3.3 is a photograph of the top of the combustor
showing the heat flux gages along with the required cooling tubes and wiring.

3.3.3 Uncertainty Factors in the Use of Gardon Gages

While it is true that the Gardon gage provides an output that is
proportional to the flux at the foil surface, there are other factors that need to
be considered in the application of the Gardon gage to high heat flux
environments. These factors can be separated into two categories:

1. Departures of the gage sensitivity from the idealized model.

2. Installation effects due to temperature mismatch with the wall.

The first category includes the effect of conduction by the center wire and the
effect of neglecting the higher order terms in the thermoelectric potential at
higher temperatures. The second category is due to the difference between
the gage surface temperature and the surrounding wall temperature. Note
that even if the edge temperature matches the surrounding temperature, the
center of the foil will be at a higher temperature. Thus, it is impossible to
measure the wall heat flux without changing it by changing the wall
temperature profile. An uncertainty analysis is given in Appendix C that
quantifies the above mentioned effects for the gages used in this research.

3.4 Data Acquisition System

A computer-based data acquisition system was used to record
measurements. A Neff 620200 amplifier and analog to digital converter (A/D)
were used to measure the output voltages of the various gages. Data was
collected at a rate of 5 Hz. The resolution of this system was 14 bits. Further
specifications of the A/D along with an error analysis are given in Appendix
A. The digitized data from the A/D was recorded on a MODCOMP 92500
computer.

3.5 Flow Visualization
3.5.1 Mie Scattering Background

Mie scattering was used to qualitatively visualize the reacted fuel
distribution in the combustor. Mie scattering is elastic light scattering by
particles that are roughly the same size as the wavelength of the incident
light. The intensity of the scattered light is dependent on the intensity and

45



polarization of the incident light, the size of the particles relative to the
wavelength of the light, the particle index of refraction, and the scattering
angle. The solution of this problem was first presented by Mie.[86] Solutions
to the Mie scattering problem as well as other elastic light scattering
problems are presented in a book by van de Hulst.[87] Although a strict
definition of Mie scattering only applies to spherical particles, the term Mie
scattering is commonly used to describe the scattering by arbitrarily shaped
particles that are roughly the same size as the wavelength of the incident
light. The same convention is used here. Several other researchers have also
used this technique. A brief discussion of Mie scattering for flow

visualization in previous experiments is presented in this section.

Mie scattering by water vapor droplets formed in the expansion of a
supersonic wind tunnel was first used by McGregor(88] to study the large
scale vortices formed by flow over a delta wing. This study was conducted
before the availability of lasers, so a mercury lamp was used to illuminate the
particles. Most subsequent studies have used lasers as a light source.

Mie scattering has also been used to study mixing in compressible
planar shear layers by Clemens et al.[89] and Messersmith et al.[90 In these
studies the mixing was studied by seeding one of the air streams upstream of
the splitter plate with ethanol at temperatures high enough to prevent
condensation. Condensation occurred as the vapor-laden air stream mixed
with an air stream that was below the saturation temperature of the ethanol.
Imaging of the ethanol droplets allowed the molecular-level mixing to be
studied. Short pulse length lasers were used to freeze the motion in both
studies. Cattafesta and Settles[9ll also used ethanol as a particle seed in
order to study shock-vortex interaction downstream of an over-expanded
swirling supersonic jet. In their study, the ethanol seed crystallized after
expansion through the nozzle and melted after passing through a normal
shock.

Product formation has also been used to generate seed particles for
flow visualization. The reaction of steam with TiCls, which forms solid TiO2

particles, has been used by Wey et al.[92] to study a reacting shear layer. One
drawback of this method is that toxic HCI is also produced by the reaction.
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Smith and Northam[9] used silane-seeded hydrogen to provide
instantaneous flow visualization in a reacting supersonic flow. Silane (SiH4),
a pyrophoric compound, reacts when it mixes with air. A mixture of 20 %
silane and 80 % hydrogen was used as the fuel. When the fuel mixture
reacted, so did the silane, forming small solid silica (SiO2) particles as a
product. Silica is a solid powder that melts at 1950 K, and vaporizes above
2500 K. If the local conditions in the combustor are such that the kinetics of
the hydrogen/air reaction is not significantly altered by the presence of the
silane, then the silica particles generated can be used to provide visualization
of the products of the hydrogen/air reaction. These conditions can occur in
regions of the combustor with high static temperatures and velocities low
enough so that the rate of reaction is mainly mixing-limited rather than
kinetically limited.

Although no measurements were made of the silica particle size, they
are thought to be small. Previous measurements of the silica particle size in
counterflow diffusion flames by Zachariah et al.[94] have shown that most of
the particles had effective diameters in the range of 0.1 to 0.25 pm.

All of the silane flow visualization tests conducted by Smith and
Northam(93! were conducted in semi-free jet mode. That is, several walls of
the combustor were removed for optical access. The light source used for the
light sheet was a frequency-doubled (532 nm), pulsed Nd:YAG laser. Because
of the short pulse length (10 ns), the motion of the particles was effectively
stopped in time, providing instantaneous visualization of the extent of the
products. With the powerful (100 mdJ per pulse) laser, the signal from the
silane particles was strong enough that, even with the camera set at /22,
neutral density filters were required to avoid camera saturation. It was
noted that the fraction of silane required for effective visualization could
probably be reduced significantly.

3.5.2 Present Study

In the silane flow visualization experiments conducted for the present
study, the goal was to visualize the distribution of the combustion products
across the closed combustor. The images that were acquired during the test
qualitatively represent the average extent of the reacted product across the
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combustor duct. Obtaining optical access to the severe thermal environment
of the combustor required several design modifications to the combustor
hardware that will be discussed below. Also, because of the possible density
ratio effects on mixing, an effort was made to use lower silane concentrations

than had been used previously.

3.5.3 Design of the Optical System

Optical access to the tunnel was obtained by using three slits cut into a
50 mm long flange which was mounted between the combustor ducts. Figure
3.4 shows the design of the novel optical system that was developed for this
study. During operation, a continuous-wave laser beam that shines
vertically through the top of the combustor is scanned across the width of the
combustor. While the laser was scanned across the top of the combustor, a
small mirror was used to scan the scattered light, viewed from a slit in the
side of the combustor, across the detector of a CCD camera. The exposure
time of the camera was slightly greater than that of the scan time. Therefore,
the image that was formed is that of an average image of Mie-scattered light
that would be seen looking upstream from the exit of the combustor.

The laser used for the tests was a continuos-wave, argon-ion laser. The
laser was operated at a single line (A = 514.5 nm). The laser power output
was up to 5 W, as indicated by the built-in power meter. However, the power
output was restricted to less than 2.5 W to avoid damaging the first scanning
mirror. The light from the laser first passes through a polarization rotator to
achieve correct polarization of the beam. A mirror that was mounted on a
galvanometer-driven scanner was used to rotate the laser beam at a constant
angular rate. A folding mirror, that was attached to the top of the combustor,
was then used to direct the light vertically though the test section, resulting
in an almost vertical beam of light that was moved across the test section at a
constant rate. Because the laser scanner was mounted on the wall of the test
cell, approximately 3.3 m away from the combustor, the maximum departure
of the beam angle from the vertical was limited to 1.6 degrees. The same
ramp signal that was used to drive the laser scanner was also used to drive a
small mirror mounted on a scanner in front of the CCD camera.



A Photometrics AT 200 CCD camera system was used to acquire the
images. A photograph of the camera and the camera scanner is shown in Fig.
3.5. The camera and scanner were mounted on a tripod that was bolted to
the floor and weighted down to reduce vibrations. The dynamic range of the
camera was 14 bits. The CCD was thermoelectrically-cooled to -40 C to
reduce the dark current noise. The camera was controlled from a personal
computer using the PMIS software. The exposure time for the CCD was
software-adjustable between 0.1 ms and 9999 s. For the present series of
tests, the exposure time was set to slightly longer than the 1/4 second laser
scan time. The software also allowed selection of any rectangular portion of
the square (512x512) pixel array to be read as the image. Typically, the
width of the image was set to 512 pixels and the number of pixels in the
vertical direction was adjusted to fit the height of the combustor section. The
camera also allowed "binning" of an integer number of pixels into a larger
pixel. The intensity of the resultant pixel is the average of the component
pixels. Binning is used to reduce the number of pixels in the image, which
reduced the time required to read the CCD and the storage requirements of
the images, at the expense of decreased spatial resolution. During most of
the tests, the bin factor was set equal to two in each direction, so that four

pixels were averaged and read as one pixel.

The camera controller, which was triggered by a personal computer,
opened the shutter on the camera, and triggered the sweep generator, which
operated the scanners. Subroutines written in the camera control software
were used to acquire a sequence of ten images during each test. The speed of
the camera scanner was the limiting factor in the scan speed (scan period
21/4 s). The time between images was limited by the time to reset the
scanners and download the image data to the computer. The camera was
started after the vitiated heater was turned on. Images were acquired while
the silane seeding was on, as well as before and after the silane was turned
on. Typically, three to four images were taken while the silane seeding was
on.
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Images.

Bandpass and Polaroid filters were used to improve the contrast of the
scattered light from the luminosity of the hot silica particles and the hot
combustor walls. A 2 nm wide bandpass filter centered at the wavelength of
the laser was mounted in front of the camera. The rotation of the
polarization was used to assure that the light is properly polarized when it
illuminated the particles. Theoretically, for small spheres at a 90 degree
scattering angle, the reflected intensity of light polarized perpendicularly to
the plane defined by the incident light and the receiving optics is much
greater than that of light polarized parallel to this plane. A Polaroid filter
mounted in front of the camera was used to further discriminate between the
randomly polarized light and the polarized scattered laser light.
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3.5.4 Optical Access

The window design that was used for optical access is illustrated in
Fig. 3.6. The window design was based around a single flange made of
stainless steel with 6.4 mm-wide slots on the top and sides for optical access.
Three sets of four insert pieces were machined out of stainless steel to match
the internal dimensions of the tunnel at each of the three axial test sections.
The inserts were designed to allow thermal expansion in order to prevent
warping due to thermal stresses. All of the inserts had 3.2 mm wide slots for
optical access. The slot in the bottom of the insert was used as a light trap for

the incident beam of light.

The windows were constructed of 12.7 mm thick quartz and were first
mounted on the outside surface of the flange between an aluminum plate and
a rubber gasket. Although the windows were separated from the flow by
more than 100 mm, silica particles, moisture, and other tunnel debris quickly
clouded the windows. Therefore, purge window assemblies were designed.
Figure 3.6 shows a cross-sectional view of the purge system mounted on the
outside of the flange. High pressure air was blown through narrow slits on
both sides of the slot, creating a high velocity flow across the window surface,
to purge debris without large (potentially disruptive) additions of air flow to
the tunnel. The purge air cooled the window enough to condense the humid
room air on the outside of the windows. Therefore, a single purge tube was
used to blow dry air across the outside surface of the window. The side
window was mounted on an aluminum box offset about 200 mm from the
flange and was purged with the flow from a single tube mounted at one side
of the window.

3.5.5 Silane Seeding

A large quantity of premixed 20 % silane-80 % hydrogen by volume
was available for silane seeding. For the flow visualization tests it was
desired to mix a smaller fraction of silane with the fuel. Figure 3.7 shows the
apparatus used to dilute the silane concentration. The 20/80 silane-hydrogen
mixture was injected normally through a small orifice (3.18 mm or 2.36 mm)
into the subsonic main hydrogen fuel line. The silane/hydrogen was allowed
to mix with the hydrogen in the 8m-long main fuel line before entering the
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fuel injector manifold. It was assumed that the length of the fuel line was
sufficient to allow the silane and hydrogen to be completely mixed. The
pressure ratio across the silane orifice was sufficient to choke it. The amount
of silane added to the fuel was increased by either increasing the pressure or
the orifice area. After performing a calibration of the discharge coefficient of
the orifices, the mass flow of silane added to the main flow was calculated
from measurements of the pressure and temperature upstream of the orifice.
The silane flow rate was used along with the fuel and heater massflow rates
to calculate the silane mole fraction and equivalence ratio (based on hydrogen
flow).

Because silane is pyrophoric, special precautions were taken to assure
that the silane could not propagate upstream into the hydrogen storage
trailers or accumulate elsewhere in the fuel lines where oxygen can ignite it.
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The valve that controls the silane mass flow was triggered by the PLC to open
after the main fuel flow was turned on. About 1/2 second before the end of
the run the silane was turned off and a high pressure purge of hydrogen was

used to sweep the rest of the silane out of the fuel lines.

To Fuel Injectors

Hydrogen Purge T

00

20/80 Sllane/hydrogen mixture

Choked Orifice

Main Hydrogen Fuel
Figure 3.7 Silane Seeding and Metering Apparatus.

3.5.6 Image Processing

The images were processed on a workstation using the PV-WAVE
command language, a commercially available language that is similar to the
language APL. Subroutines were created in this language for image
enhancement. A brief description of the sequence of the processing steps is
presented below.

The first step in the sequence was to read the raw image files and store
them in a form readable by the PV-WAVE routine. The images for each run
were then sorted into images obtained with the fuel on and those with fuel off
(background images). During a typical test, three to four images were
obtained with the fuel on, while the rest were background images. The
background images were summed and divided by the number of background
images to obtain an average background. The average background image
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was then smoothed using a 5x5 kernel before subtracting it from each of the

fuel-on images.

Because the camera was closer to the one side of the combustor, a
geometrical distortion due to the change in magnification across the image
was introduced into each of the images. This effect is shown in Fig. 3.8a. In
addition, the aspect ratio of the image was not equal to the actual aspect ratio
of the tunnel cross-section, resulting in different spatial resolutions in the
vertical and horizontal directions. This effect is shown in Fig. 3.8b. The
combined effect of these two distortion sources is shown in Fig. 3.8c. The PV-
WAVE routines POLYWARP and POLY-2D[9! were used to correct for
distortion. Given four pixel locations on the distorted images (control points)
and the four corresponding ideal pixel locations, the POLYWARP routine was
used to calculate the coefficients to be used in a first degree polynomial
transformation. The routine POLY-2D was then used to perform the

distortion correction.

Two of the control points for the warping were determined by imaging
a triangular Plexiglas wedge which ran diagonally, almost corner to corner,
across the cross-section. The intersections of the wedge and the wall were
chosen as control points. The other two control points were the other two
corners of the tunnel, which were selected by examining images obtained
while spraying small droplets into the tunnel cross-section. After selecting
the four control points, the original image of the wedge was corrected using
the transformation, printed out to size, and compared to the actual wedge as
a test of the correction procedure.

Vertical striations occurred in the images obtained during tunnel
operation. It is thought that the striations were caused by the relative
motion of the tunnel and scanners. The first strategy to correct for this was
to determine the spatial frequencies of the striations by calculating the
Fourier transform for each row of the image and subtract the peaks due to
the striations. This method did not work because the frequencies due to
vibrations were in the same region as the spatial frequencies used to

represent the image.
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The method used to correct for the striations was convolution of the
image array. The convolution used a 13x13 kernel that had elements equal
to zero on all rows except for the center row. On the centerline of the kernel,
the elements had a Gaussian distribution with a peak at the center element.
The effect of convolution of the image with the kernel was that the intensity
of each pixel in the resultant image was a Gaussian-weighted sum of the
pixel and the six pixels before and after it in the same row of the original

image.

The images were then averaged to form an average image. Typically
three to four separate images were used to form the average image for each
run. The final step in the image processing procedure was the gray scale
adjustment, to enhance the contrast. Figure 3.9 shows the cumulative
probability distribution of the pixel intensity for a typical image. The
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horizontal axis shows the pixel intensity and the vertical axis shows the
fraction of pixels in the image that are lower than the intensity shown on the
horizontal axis. For hardcopy output, this region was mapped to an 8 bit (0 to
255) range. The image contrast can be modified by setting the maximum and
minimum values of the pixel values to different values (clipping). The low
intensity side of the cumulative probability distribution corresponds to the
cut-off between the (brighter) edge of the illuminated product plume and the
(darker) background, which contains no particles. Note that because the
cumulative probability distribution is steep at the low intensity side of the
plot, the choice of the lower cut-off can vary widely without significantly
changing the value of the lowest intensity pixels. The cut-off value of the
high intensity side of the distribution relative to the low intensity cut-off
value controls the contrast within the image. Due to the "tail" at the high
intensity section of the plot, the selection cut off at the high intensity section
is more difficult to set. Therefore, the contrast within the bright region of the
image is sensitive to the selection of the high cut off. The gray scales of the
final images were clipped at the 3 % and 97 % values of the source image.

This set of cut-off values was used for all of the images.
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Figure 3.9 Typical Cumulative Probability Distribution of the Pixel Intensity.
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Figure 3.10 shows two consecutive raw images of the Mie scattering

acquired during a typical test. Figure 3.11 shows the results of applying the
image processing operations to the raw images.

Figure 3.10 Two Consecutive Raw Images Acquired During a Single Test.

Figure 3.11 The Two Images After Image Processing Operations.

58



3.5.7 Limitations on Image Interpretation.

As stated earlier, the goal of the current study was to visualize the
combustion products. The final processed images, which will be shown in the
next chapter, qualitatively show the distribution of the combustion products.
Quantitative interpretation of fuel-air mixing by interpretation of Mie
scattering has been attempted by other researchers in a different
experiment.[96] However, quantitative interpretation was not attempted for
the present investigation because of the required assumptions, which are
discussed below.

The first assumption is that of uniform incident illumination of the
particles. In the experiment the incident light on the particles was not
measured. Variations in the incident light could have occurred due to
temporal variations in the laser intensity and/or debris on the window at the
top of the combustor duct. Assuming that the flow is optically thin, a linear
array camera at the bottom of the test section could be used to correct for the
variation of incident light intensity with spanwise position across the
combustor.

A large uncertainty in the amount of reflected light is due to the
uncertainty in the size distribution of the silica particles. The intensity of the
scattered light is a strong function of the particle size. Large changes in the
particle size distribution could occur due to agglomeration. Optical methods,
such as combined absorption and scattering measurements can be used to
determine the size distribution. However, this is not a simple diagnostic to
apply across the entire product plume. Further difficulties are caused by
phase changes in the silica particles (melting at 1950 K, and vaporization at
2500 K). As will be shown in Chapter Five, the computed static temperatures
near the injectors exceeded the vaporization temperature of silica.

3.6 Pitot Pressure Probe
3.6.1 Background

A pitot probe and traverse system was designed for use at the exit of
the scramjet combustor. Pitot pressure traces were acquired to allow a
comparison of instream measurements with CFD calculations. A secondary
objective of the pitot surveys was to provide information for a separate study
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of the effect of combustor exit conditions on the thrust produced in the
nozzle.[102] The design of a pitot probe for a scramjet engine is challenging
because it must be able to withstand stagnation point heating in an oxidizing
environment. The stagnation temperatures in the combustor model reached
1950 K without combustion and up to 3000 K with combustion, whereas the
melting point of stainless steel, a typical probe material, is 1700 K.

Previous probe designs for high-speed, high-enthalpy flows have been
large water-cooled designs that dumped water over the side of the probe and
into the flow causing large disturbances, particularly near the tunnel walls.
A notable exception is a water-cooled probe designed by Lagen(97] that used a
closed coolant system and was tested at temperatures up to 1400 K.

The goal for the current study was to create a miniature probe that
could withstand high stagnation temperatures without dumping coolant into
the flow. For this reason, the probe was based on an uncooled design
constructed of tungsten. Tungsten has an extremely high melting point (3670
K), which is higher than the expected stagnation conditions. However,
tungsten has the drawback that it oxidizes at high temperatures. Most
handbooks state that tungsten, as well as other refractory metals
(molybdenum, tantalum, and rhenium), "rapidly" oxidize at high
temperatures. It was not known at the beginning of this design effort how
fast the tungsten would oxidize in this environment. Data on the recession
rates of these metals as a function of temperature and pressure is
available, 98] however, nearly all of it applies to quiescent flows. It was
thought that the oxidation rates would be worse due to the erosion of the
tungsten oxide layer in the high-speed oxidizing flow. One approach around
the oxidation problem is to coat the refractory metal with a non-oxidizing
coating. Examples are MoSi2, and Iridium film on Rhenium. [99]

Several design constraints were imposed on the probe and probe
support. First, it was desired to traverse from the top to the bottom of the
combustor while maintaining a seal between the combustor flow and the
outside. In addition, the probe and traverse mechanism had to fit within a 51
mm-long flange section that was mounted between the combustor exit and
the scramjet nozzle model entrance.



3.6.2 Probe Design

A drawing of the probe and probe support is shown in Fig. 3.12. The
pitot probe was made out of a 3.2 mm-dia. x 16.5 mm-long tungsten rod. The
hole was burned through the rod by electrode discharge machining (EDM).
The design of the probe support was based around cooled stainless steel
tubes. Although it is readily recognized that the drag is large for a cylinder
compared to a wedge or diamond cross-section, a cylinder fits within the short
flange section and could be readily sealed with an O-ring. The probe support
centerpiece was machined out of stainless steel and was welded to the two
AISI 347 stainless steel tubes (12.7 mm-dia. x 1.24 mm-thick) a TIG tube
welder. The tungsten probe was press-fitted into the center piece and sealed

with high-temperature silver solder.

The probe support was cooled by high pressure water. The coolant flow
rates and pressures were selected to provide forced convection cooling of the
interior of the probe support without boiling the water. Although the heat
transfer coefficient is known to increase with incipient boiling, it also drops
(catastrophically) once a layer of vapor is formed. Thus, the increase of film
coefficient with boiling was viewed as an added safety factor. To provide
maximum cooling with a minimum amount of coolant, an narrow annular
passage was created between the outer tubes of the probe support and the
spacer rod and tube. Slots for the water cooling passages in the probe center
piece were burned out by using EDM. The coolant flow rate was set at 26
liters/min with an inlet pressure of 2.4 MPa. The coolant exit pressure was
set at 1.4 MPa in order to increase the boiling point of the coolant from 100 C
to 194 C, allowing the heat transfer from the interior walls to be increased.

A brief summary of the stress and heat transfer analysis of the probe
design is presented in Appendix D. The complete set of design drawings for
the probe and associated hardware is available from the NASA-Langley
drawing files under the numbers 1099136-1099143.

The probe was installed in a flange that was fitted between the
combustor and nozzle so that it could be traversed, from top to bottom, along
the centerline of the combustor. A photograph of the flange, probe, and
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Figure 3.12 Schematic of Probe and Probe Support Tube.
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traverse mechanism is shown in Fig. 3.13. The flange was split so that it
could be assembled around the probe. Four oil-soaked, sintered bronze,
journal bearings were used to guide the probe through the flange. An inner
frame piece that was fitted inside the flange was used to hold two of the
bearings in place. The frame also provided 12 mm deep recesses on each side
of the probe travel so that the probe could be retracted from the flow in order
to limit exposure to the tunnel flow. Leakage to the inside of the tunnel was
prevented by two O-rings that were installed on the outside of the flange.

A close-up of the probe and the probe recess region of the flange is
sketched in Fig. 3.14. Because the tip of the probe was mounted two probe
diameters behind the corner of the recess, the interaction of the probe with
the expansion-fan compromised the measurements of the pitot pressure near
the walls. A minimum height, zni,, beyond which the expansion fan had
little influence, was calculated. The distance, zpyin, was calculated by adding
1 probe diameter to the position at which the probe crossed the expansion fan
at the lowest average combustor exit Mach number (Me = 1.7). Using this
criterion, the pitot pressures within z/G = 0.1 of each wall were effected by
the expansion and are not included in the results.

The probe drive mechanism was a commercial unit (Thompson Power
Slide) which used a stepper motor to drive a ball screw/slider mechanism.
The stepper motor controller was programmed from a personal computer over
an RS-232 interface. The probe could be traversed across the tunnel at
speeds up to 300 mm/s. Typical traverses across the tunnel were performed
in 2 seconds. The velocity was constant over most of the traverse, with a
short acceleration length at each side of the scan. The position of the probe
was monitored by reading the output of a linear potentiometer that was
calibrated before the tests. Data from the pressure transducer and
potentiometer were acquired on a separate microcomputer-based data
acquisition system at a rate of 60 Hz. The fuel and heater pressure were also
acquired to allow comparison of data with the other facility parameters,
which were recorded on the main computer at a much slower speed.
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Figure 3.14 Effect of the Probe Recess on the Near-Wall Pitot Pressure
Measurements.

The frequency response of the probe was a major concern. The
temporal response of the pressure tube-transducer system increases with
pressure, and internal tube diameter, and decreases with increases in tube
length and volume. The internal tube diameter was set at a large diameter
(1.8 mm) to allow fast response. The volume at the end of the pressure tube
was minimized by using a small, fast (125 kHz) pressure transducer (Kulite
XTME-190). The actual probe response time was not measured; however, bi-
directional scans across the tunnel at twice the speed used during most of the
tests showed little difference in the measured pressures. Therefore, the time

response was adequate for two-second scans across the test section.
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Chapter 4

Experimental Results
4.1 Ignition and Flameholding

Auto-ignition occurred with the compression-ramp model during all of
the tests. The flowfield calculations (presented in Chapter 5) show that the
static temperature downstream of the ramp shock was above 1000K, which is
above the commonly accepted limit (900 K) for hydrogen/air autoignition. In
contrast, for the same inlet conditions, auto-ignition would not occur with the
expansion-ramp model and required an auxiliary ignition source or pilot. The
flow expansion between the fuel injectors in the expansion-ramp model
caused lower static temperatures and pressures to occur near the fuel
injection location. Although the oblique shock, created at the base of the
ramp, does increase the static temperature as it passes through the fuel jet,
the static temperature increase was not high enough to support autoignition.
For this reason, separate pilot injectors were used to ignite the fuel. The
pilots consisted of 4.8 mm-diameter normal injectors within 6.4 mm-deep,
15.9 mm-diameter cavities, on both side walls upstream of the fuel injector
ramps. The first step in the ignition sequence was to start the vitiated
heater. A 20/80 (by volume) silane/hydrogen mixture was first injected
through the pilot injectors to initiate combustion. The silane injection was
followed by injection of pilot hydrogen through the same injectors. The
hydrogen jet continued to burn after the silane was turned off, supplying hot
gas and radicals to the main fuel injectors downstream. The main fuel to the
ramp injectors was turned on while the pilot fuel was still on, and the fuel
from the ramp injectors was ignited. After the fuel from the pilot injectors
was turned off, the fuel injected from the main fuel injectors continued to
burn. All of the data presented for the expansion-ramp configuration were
acquired without the presence of auxiliary pilot fuel flow.

Two test points were chosen for further analysis from each of the tests;
one with no fuel, and one with the fuel on. A true steady-state test point did
not occur during the tests because the wall teniperature increased during the
tests. The test points were selected by examination of the facility parameters



(stagnation pressure, temperature, and fuel flow rate), heat fluxes, and the
wall pressures vs. time. A criterion of three consecutive data cycles (1 cycle =
0.2 sec) with approximately the same combustor entrance conditions was
imposed to select the data for further analysis. The mean of the tunnel
conditions at the selected test points were calculated along with the standard
deviation from the mean for each test point. Tests with tunnel conditions
that were more than two standard deviations away from the mean tunnel
conditions were rejected from further analysis. The measured facility

conditions are tabulated in Appendix E.

4.2 Wall Pressure Distributions

Typical pressure distributions along the centerline of the injector wall
for the swept ramp injector are shown in Fig. 4.1 and 4.2. The top wall
pressures are shown plotted against the gap-normalized axial position. One
gap was defined as twice the distance between the top and bottom walls of
the combustor upstream of the injector ramps. Therefore, one gap length, G,
equals 76 mm for both of the injectors. The fuel injection location at the base
of these ramps was defined as the zero axial position.

The top wall pressure distributions for the combustor with swept-
compression ramps are shown in Fig. 4.1 for three typical tests with 0.5 < ¢ <
1.25, and for no fuel injection (¢ = 0). The peaks in the pressure distribution
for the no fuel case are evidence of oblique shock waves. Because a limited
number of pressure taps were used, the exact locations of the shock waves
were not determined. In all but one of the tests with fuel, the pressure
increased immediately downstream of the fuel injectors, indicating that the
fuel reacted near the base of the injector ramps. The one test in which
flameholding occurred downstream in the expanding duct is discussed in
detail in Appendix F. The maximum pressure occurred in the constant area
section of the combustor for ¢ < 1, while the maximum pressure occurred in

the diverging combustor duct for ¢ = 1.25. The measured pressure for ¢ =
1.0 and ¢ = 1.25 downstream of x/G = 2 is approximately equal, while the

pressure for the fuel-lean case is lower.

Fig. 4.2 shows the pressures upstream of the injectors for ¢ =0, 0.5, 1.0
and 1.25, plotted vs. the spanwise position normalized by the combustor
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width. A sketch of the injector ramps is also shown in the figure. The
pressure difference between the top of the ramps and the interstice, which
causes formation of the axial vortices, is shown in Fig. 4.2. Note that there is
little change in the pressures upstream of the fuel injectors with fuel
addition, demonstrating that any combustion-induced pressure rise was
confined to the region downstream of the last pressure tap upstream of the
ramp base (x/G = -0.19). This is important because further propagation of
the combustion-induced pressure rise upstream to the inlet would result in
disastrous inlet unstart.
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Figure 4.1 Axial Pressure Distribution Along the Injector Wall for the
Swept Compression Ramp Injector.
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Figure 4.2 Spanwise Pressure Distributions Upstream of the Swept
Compression Ramp Injector With ¢ =0, 0.5, 1, and 1.25.

The top wall pressure distributions for the swept-expansion ramp
combustor are shown in Fig. 4.3 for three typical tests with 0.5 < ¢ <1.25
along with that for no fuel injection. The first peak at x/G = 0.6 in the
pressure trace with no fuel is due to the oblique shock wave created at the
beginning of the constant area section just downstream of the fuel injectors.
The presence of other shocks can be seen along the rest of the combustor for ¢
= 0. The pressure at x/G = 0.6 increased with fuel addition to approximately
the same value for each of the fuel settings. Downstream of the constant area
section, the pressure distributions varied greatly with ¢. In the fuel-rich case,
the pressure increased due to combustion before x/G = 2.0. In contrast, in the
tests with ¢ < 1 the pressure decreased due to expansion in the combustor
duct and did not increase until x/G = 2.4. The peak pressure occurred farther
downstream as ¢ decreased. Also, the magnitude of the peak pressure
decreased as ¢ decreased for ¢ < 1. The magnitude of the peak pressures was

lower than that observed in the swept-compression ramp cases.
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Figure 4.3 Top Wall Pressure Distribution for the Expansion Ramp
Injector Configuration.

In contrast to the swept-compression ramp combustor where
flameholding occurred near the ramp base, flameholding occurred in the
farfield of the swept-expansion ramp after the silane pilot was turned off.
Several possible ignition sources were present in the expanding combustor
duct. The first was the presence of the reflected oblique shock train from the
injectors. Shock-induced combustion has been observed in previous
experiments elsewhere.[105-106] Another possibility is that the fuel-air
mixture ignited in the boundary layer. Numerical studies have shown that
ignition of hydrogen/air can occur within a turbulent boundary layer if the
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viscous dissipation and/or wall temperature is high enough.[104] The large
differences in the origin of the combustion-induced pressure rise shown in
Fig. 4.3 imply that the flame could have been held differently depending on

the equivalence ratio.

Figure 4.4 shows the spanwise pressure distribution upstream of the
swept-expansion ramp injector, along with a sketch of the injector ramps.
Similar to the swept-compression ramps, the large difference between the
pressures on the top of the ramp and the interstice, which leads to the
formation of the longitudinal vortices, is evident in Fig. 4.4. Like the swept-
compression ramp model, the measured pressures upstream of the fuel
injectors were the same for the fuel-on and fuel-off cases indicating no
upstream propagation of the pressure rise due to combustion.
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Figure 4.4 Spanwise Pressure Distributions Upstream of the Swept
Expansion Ramp Injectors With ¢ =0, 0.5, 1, and 1.25.
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4.3 One-Dimensional Combustion Efficiency

The determination of combustion efficiency is one of the methods which
has been used extensively in past experiments to measure SCRAMJET
combustor performance. The combustion efficiency is defined as the amount
of fuel that has reacted divided by amount that can possibly react,
considering the overall stoichiometry. The one-dimensional combustor
analysis program COMBAN, which was written by Anderson[100] of the
NASA Langley Hypersonic Propulsion Branch and has been was used
extensively at NASA and other laboratories, was used to calculate the
combustion efficiency. The inputs to the program are the geometry of the
combustor, the measured wall pressure distribution, the combustor inlet
conditions, and the fuel flow rate. The chemistry was modeled with a ten-
species (Hg, Og, N2, HoO, O, H, OH, N, NO and Ar) equilibrium chemistry
model for the hydrogen-air reaction. The skin friction and wall heat transfer
are calculated by the model from van Driest.[101] With these assumptions,
the program solves the one-dimensional equations of continuity, momentum,

and energy conservation in a stepwise marching procedure.

The combustion efficiency, 7., is related to the reacted equivalence

ratio, ¢, by Ne=6¢,/¢ for ¢ <1,and (4-1)
Ne=¢,/1 for ¢ >1
where ¢, is the ratio of the mass of fuel that reacts to the mass of
stoichiometric fuel. The combustion efficiency is shown plotted vs. ¢ in Fig.
4.5 and 4.6, for the swept-compression and swept-expansion ramp models,
respectively. For comparison, a correlation for the mixing efficiency of
normal injectors, developed from studies of cold flow hydrogen/air mixing at
NASA-Langley!143] is also plotted in Fig. 4.5-4.6. The mixing efficiency from
the Langley correlation is given by: n,, =101+ O.176In;)f— (4-2)
¢

where: x, =10.74€"?*  for <1
and X, =200e""2%?  for ¢> 1.
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The results in Fig. 4.5-4.6 are also compared to the combustion efficiency
previously determined by Rogers(144] for normal injection of hydrogen in the
same facility at approximately the same inlet conditions as the present study.

The combustion efficiency for the swept-compression ramp model is
shown plotted versus the fuel equivalence ratio at several axial locations in
Fig. 4.5. The combustion efficiency increased steadily with the axial distance.
At x/G = 12 there is a plateau of 60 % at ¢ > 1.0. Since there is no excess
fuel or air when ¢ = 1, complete molecular level mixing of all of the fuel with
all of the airstream is required to achieve 100% combustion efficiency. Thus,
the combustion efficiency would be expected to be the lowest for
stoichiometric fuel/air. For ¢ <1 there is excess air and complete consumption
of the fuel is required for complete combustion. Therefore, excess air
traveling along the wall opposite of the injectors is not required to react with
the injected fuel. The mixing correlation for normal injectors shows that the
mixing efficiency is lowest for stoichiometric fuel/air and increases as ¢
decreases for ¢ <1, and increases with ¢ for ¢ > 1. Figure 4.5 shows that as ¢
decreases (excess air increases) for the present experiment, the combustion
efficiency increases, similarly to the mixing efficiency in the normal injector
correlation. For ¢ > 1 there is excess fuel and complete consumption of the
airstream is required for complete combustion. However, unlike the mixing
efficiency for the normal injectors, there was no observed increase in the
combustion efficiency with fuel addition for ¢ > 1. This implies that the
excess fuel did not penetrate to mix with the air in this combustor
configuration.

The combustion efficiency for the swept-compression ramp was higher
than the mixing efficiency determined from the cold flow correlation for
normal injectors at low equivalence ratios (¢ < 0.65). At higher equivalence
ratios the difference mixing efficiency from the correlation is higher than the
combustion efficiency for the swept ramps, and the difference between the
two values increases as the equivalence ratio increases. The combustion
efficiency for the swept-compression ramp injectors at ¢=1 was
approximately equal to that for normal injectofs from reference 144. Thus, in
addition to the advantage of near-parallel fuel injection, the combustion
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efficiency for swept compression ramp injectors is comparable to that for
normal injectors.

O X/G=3(Present experiment)  ====="=""
A X/G =6 (Present experiment)
O X/G =12 (Present experiment) — — - X/G

= 3 (Correlation - Ref. 143)
=6 (Correlation - Ref. 143)
= 12; (Correlation - Ref. 143)
=3
=6 (

Ref. 144)
Ref. 144)

Figure 4.5 The Calculated Combustion Efficiency for the Swept
Compression Ramp Configuration.
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The calculated combustion efficiency for the expansion-ramp model is
shown in Fig. 4.6. At a distance of x/G = 1.6 from the fuel injectors, the
calculated combustion efficiency was zero for all values of ¢ tested. At a
distance of x/G = 3 from the fuel injectors, the combustion efficiency
increased as ¢ increased. Recall from Fig. 4.3 that the pressure rise due to
combustion shifted upstream as ¢ increased. At distances greater than x/G
= 6 the combustion efficiency decreased as ¢ increased from 0.5 to 1.0. The
data at x/G = 6 and x/G = 12 show that for all of the values of ¢, most of the
fuel reacted within 6 gaps of the injectors. This implies that the combustor
can be made shorter using expansion-ramp injectors. As in the compression-
ramp model, the combustion efficiency curves showed that for x/G > 6 the
efficiency did not increase with ¢ for ¢ >1. It is thought that the additional
fuel was confined to the injector side of the combustor and did not penetrate

to mix with the airstream.

The combustion efficiency for the swept expansion ramp injectors was
higher than the mixing efficiency for the normal injectors for ¢ < 1.1 in the
farfield of the injectors (x/G = 6 and x/G = 12). As the equivalence ratio
increased further, the combustion efficiency for the swept expansion ramp
injectors was less than the mixing efficiency for normal injectors from the
Langley correlation. In addition, the combustion efficiency for the swept-
expansion ramp injector at x/G = 6 for ¢ =1 was greater than that for normal

injectors.

4.4 Thrust Estimates

One of the major goals in scramjet engine design is to maximize the
thrust. Thrust in a scramjet engine can be determined by three methods:

1. Directly measuring the net force.
2. Calculating the difference between the exit and inlet stream thrusts.
3. Integrating the forces along the combustor walls.

Methods are currently under development to measure the total thrust
in the direct connect facility at NASA-Langley.[192] However, no direct thrust
measurements were made for the current study. The second method was not
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Figure 4.6 The Calculated Combustion Efficiency for the Expansion Ramp
Injector.

attempted because of the difficulties involved in measuring the velocity,
density and pressure across the combustor cross-section. Therefore, the sum
of the forces along the surface was examined.

As shown in Fig. 4.7, the total thrust that is produced in a scramjet
combustor or nozzle, is the sum of three terms: the pressure integral, the skin
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friction integral, and the axial component of the momentum of the injected
fuel. In conventional forms of air-breathing propulsion, the combustor thrust
is negligible compared to the thrust produced in the nozzle. Although no
thrust is produced by pressure acting on the walls of a constant area
combustor, significant levels of thrust can be produced in diverging-area

scramjet combustors.

Air Flow
.
Fuel
s C L
_ ;7 Force Due To Fuel Injection
Pressure ?
‘ Skin Friction
~———h

Thrust = Fuel Momentum + Pressure Force - Skin Friction Drag

Figure 4.7 Components of the Net Thrust on an Expansion Surface.

4.4.1 Fuel Momentum

Since the fuel was injected through identical injector nozzles at the
same angle, the thrust due to the momentum of the fuel is the same for both
configurations. The ideal thrust due to the momentum of the fuel was
calculated assuming isentropic expansion in the fuel injection nozzles. Figure
4.8 shows the thrust due to the momentum of the injected fuel at the test
condition (T = 300 K) and for hydrogen regeneratively heated to a total
temperature of 810 K. As shown in Fig. 4.8 the thrust due to fuel momentum
increases linearly with equivalence ratio and as a square root of the

temperature.

77



500

of
O—
<3|
z gL
- of
[72]
2t
= |
 of
8-—
Sk
O’...l...l...|...|..4|
0.4 0.6 0.8 1 1.2 1.4

Figure 4.8 Contribution of the Fuel Momentum to the Thrust.

4.4.2 Skin Friction

Skin friction is the most difficult component of the engine forces to
measure. Few direct measurements of skin friction have been made in
supersonic combustors. Although measurements of the skin friction have
been made in the direct connect facility for other combustors,[103] no
measurements of the skin friction were obtained as part of this research.
Computed values of the skin friction were obtained and are discussed in the

next chapter.

4.4.3 Pressure Integrals

In order to assess the relative performance of the combustors the
combined combustor/nozzle pressure integrals were computed. The pressure
integral was calculated from the measured wall pressures along the

combustor and nozzle walls from the following equation:

L
F= wJPtan edx (4-3).
0
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where P is the internal wall pressure, w is the width of the combustor, and

the outside pressure was assumed to be zero.

The side walls of the combustor and nozzle do not diverge. Thus, the
contribution of the side walls to the pressure integral is zero. Because the
nozzle, which was used for both injector configurations, was asymmetric, the
actual direction of the thrust produced was not aligned with the incoming
flow. However, for the purpose of comparison in ground tests, the component
of thrust in the direction of the incoming flow was calculated by equation 4-3.

The pressure integrals with no fuel injection for each of the combustor
ducts (diverging section of the combustor) and the nozzle are shown in Table
4.1. The values shown are the average of all of the tests, and the bounds are
twice the standard deviation of all tests. The combustor-duct pressure
integral for the swept compression ramp was higher than that for the shorter
combustor duct used in the expansion ramp tests. The nozzle pressure
integral was slightly higher for the swept-expansion injector configurations
without fuel injection. This was expected because of the higher combustor

exit pressure for the swept expansion ramp configuration.

The pressure integral for the injector region of each model was
calculated for the case of no fuel injection from a combination of measured
pressures and calculated pressures obtained from 3-D Navier-Stokes
solutions. The results are shown in Table 4.1. The injector region was
divided into two parts, the injector surface upstream of the base, and the
ramp base. As was shown in Fig. 4.2, and 4.4, little combustion-induced
pressure rise occurred upstream of the injectors for either injector
configuration. Therefore, the pressure integrals for the ramp region
upstream of the injectors were the same with and without fuel injection. The
pressure integrals for the ramp surfaces of the compression-ramp injectors
were negative because of the forward facing surfaces while the pressure
integral is positive for the expansion-ramp surface. The pressure integral for
the ramp base is also shown in Table 4.1 for the no fuel case. Since the ramp
base contains the fuel injectors, the pressure integral over that region
increases with fuel injection. Further increases are possible due to
combustion of the fuel near the injectors. The pressure integrals for the
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entire combustor/nozzle combination shown in the last column of Table 4.1

are approximately the same for both injector configurations.

Table 4.1 Pressure Integrals (N) for No Fuel Injection.

Model Combustor | Nozzle | Ramp w/o | Ramp Total
Duct Base Base
Swept- 507+10 | 431+17 53" 18" 1010
Expansion
Swept- 76540 | 396+35| 200" o7 988
Compression

* = calculated by SPARK

For a comparison between the two injector types, the difference
between the pressure integral with and without fuel injection (AF = Ff - Fpf)
is examined for the two combustor ducts. The quantity AF is the change in
pressure integral that is due to fuel addition and combustion. Since the
pressure upstream of the ramp base changed little with injection, the
quantity AF is independent of the region upstream of the injectors. Figure
4.9 shows AF for the combustor ducts used with the two swept-ramp injectors.
The value of AF slowly increased with ¢ for both injectors. Also, the values of
AF for the two injectors were approximately equal for ¢ > 0.8 although the
shapes of the pressure distributions were different. As was seen in Fig. 4.1
and 4.3, the combustion induced pressure rise occurred close to the injectors
for the swept-compression-ramp while the pressure rise occurred further
downstream for the swept expansion ramp. However, the pressure at the
exit of the combustor is higher for the swept expansion ramp than it is for the
swept compression ramp. For ¢ < 0.8 the pressure rise occurred farther
downstream for the expansion-ramp so that AF was lower than that for the

compression-ramp.
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Figure 4.9 Pressure Integral for the Combustor (AF = Fr- Fpp).

The pressure integral for the nozzle is shown along with the combined
(nozzle-combustor duct) pressure integrals in Fig. 4.10. Note that, as shown
in Table 4.1, the pressure integrals for the combustor-nozzle combination
with no fuel injection were approximately the same for both injectors.
Therefore, comparing the quantity AF for the combustor/nozzle combination
is also equivalent to comparing the total pressure integral with fuel (Ff)
between the two configurations. The nozzle pressure integral for the swept
expansion ramp was higher than it was for the swept compression ramp at all
values of ¢. Referring to Fig. 4.1 and 4.3, this difference is expected because

the combustor exit pressure was higher for the expansion-ramp configuration,
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Figure 4.10 Pressure Integral for the Combustor Duct-Nozzle
Combination (AF =FrFyf ).

which, as shown in Fig. 4.11, resulted in higher pressures in the nozzle for
the expansion ramp configuration. The combined pressure integral increased
with ¢ for both the swept-expansion and the swept-compression ramps. For
fuel rich tests the increase of AF with ¢ was small. At all values of ¢, the
pressure integral was higher for the expansion ramp than it was for swept-
compression ramp. Because the combustor pressure integral was
approximately the same for the two configurations, the difference between
the two configurations was due to the nozzle pressure integral.
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Figure 4.11 Pressures Along the Injector Wall of the Nozzle for ¢ = 1.

The pressure integrals shown in Fig. 4.9 and 4.10 neglect the injector
region. The pressure traces showed that the pressure did not increase
upstream of the ramps with combustion. However, fuel injection and
combustion increase the ramp base pressure. For the expansion-ramp
injector, combustion did not occur near the injectors. The ramp base area is
five times greater than the exit area of the injector nozzles. Therefore, in the
absence of combustion near the injectors, little of the base area would be
expected to reach the exit pressure of the fuel. Assuming that only the fuel-
injector exit pressure increases due to fuel injection, the ramp base pressure
integral increases by 45 N at ¢ = 1. For the swept compression ramp,
combustion occurred near the ramp base, which should have further
increased the base pressure. No measurements of the ramp base pressure
were made. However, an average base pressure increase of 660 kPa (twice the
fuel pressure at ¢ = 1), would be required for the compression ramp
combustor-nozzle pressure integral to equal that for the expansion ramp.
Calculations of the ramp base pressure for the compression ramp, which are
presented in the next chapter, show that the average base pressure for the
swept compression ramp with combustion was 200 kPa. Therefore, even with
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large (>600 %) increases in the average ramp base pressure due to
combustion, the pressure integral is higher for the swept-expansion ramp

than it was for the swept-compression ramp.

4.5 Product Visualization By Mie Scattering

The results from the Mie scattering tests are presented in this section.
The goal of the Mie scattering tests was to visualize the combustion product
distribution at selected cross planes in a closed combustor. The images that
were acquired during the test qualitatively represent the average extent of
the combustion products across the combustor duct. Images were acquired in
two cross-flow planes (x/G = 3.1 and x/G = 6.1) for the combustor using swept-
compression ramp injectors. Attempts to image the flow at x/G = 1 were
unsuccessful. It is thought that the high temperatures in this region resulted
in the vaporization of the silica particles. Indeed, the computational results
(presented Chapter 5) show that static temperatures in excess of the silica
vaporization temperature were reached at this axial location.

The processed Mie Scattering images acquired at the x/G = 3.1 plane
are shown in Fig. 4.12 in order of increasing ¢. The ramp contours and the
outline of the diverging walls are plotted over the image. For clarity, the
bottom of the constant area section is indicated by the white line across the
images. The equivalence ratio (based on hydrogen) and silane mole fraction,
YsiH4, are listed for each of the runs. The equivalence ratio was
approximately the same (0.69-0.81) for each of the images. The images show
that the distribution of the products caused by the four fuel jets is symmetric
about the centerline. Four distinct plumes are evident in the images. The
product plumes from the two center injectors appear to penetrate slightly
farther in both the transverse and spanwise directions than the two outer
jets. With the exception of differences near the wall, the images are similar.
The bright saturated regions near the wall are thought to be the result of
reflections near the surface rather than product formation. The images
clearly show that the combustion products have not penetrated to the
opposite wall. :



0=0.74,YsiHa =22 %

0=0.7T1,Ysinng=1.T%

¢0=0.80,YsiH4 =16 %

Figure 4.12 Processed Mie Scattering Images Acquired at x/G = 3.1.

85



¢0=0.80,YsiH4=1.6%

$=0.81,YsiH4 =16 %

Figure 4.12 (continued) Processed Mie Scattering Images Acquired at
x/G = 3.1.
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The images acquired at x/G = 6.1 are shown in Fig. 4.13. The
equivalence ratio for the images in this figure varied from 0.4 < ¢ <1.2. The
outer boundary of the product plume was approximately at the same height
for all of the images. The contours in all of the images show a less regular
structure than was observed at the upstream location. The products
penetrated slightly farther in the transverse direction relative to the injector
wall. However, the combustor walls expand between x/G = 3.1 and x/G =
6.1. The net effect was that the penetration of the combustion products did
not keep up with the divergence of the combustor walls. The small increase
in the fuel penetration, relative to the injector wall, between x/G = 3.1 and
6.1, suggests that the fuel jets lost most of their transverse momentum.
Although no images were acquired farther downstream of x/G = 6, further
penetration of the fuel was expected to be small. Note that as the
equivalence ratio increased, penetration did not increase. For 100 %
combustion efficiency in a fuel-rich combustor all of the air must react with
the fuel. Thus, combustion in the swept ramp combustors was limited by the
failure of the fuel to penetrate completely across the duct.
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¢ = 0.46, YSiH4 =25%

...... S "

¢=0.49, YsiH4=2.3 %

¢=0.66, YsiH4=2.6 %

Figure 4.13 Processed Mie Scattering Images Acquired at x/G = 6.1.
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¢ = 0.87, YSiH4 =20%

(P = 0.95, YSiH4=1-9%

¢=1.2, YsiHa=1.5%

Figure 4.13 (continued) Processed Mie Scattering Images Acquired at
x/G =6.1.
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4.6 Pitot Pressure Profiles

4.6.1 Probe Longevity

A total of 23 test runs were made with the pitot probe installed at exit
of the compression ramp combustor (x/G = 14.1) in line with the interstice
centerline. An inspection of the probe after runs 1 and 8 showed no
noticeable change in the probe due to erosion. At the end of the test program
3/4 of the probe length was gone. The remaining probe material showed signs
of recession. Curiously, the recession of the tungsten was greater on the
inside diameter than it was on the outside diameter of the probe. It is
thought that the probe failed by gradual oxidation, followed by a catastrophic
break. A close examination of the pitot pressure traces showed that the
response to the pitot pressure step, which occurred when the probe was
withdrawn from the protective wall cavity (see Fig. 3.14), was slower for runs
18 onward. This result suggests that the probe failed during the 17th run,
since the probe distance from the wall required to avoid the effect of the
expansion fan, caused by the cavity, is larger for a shortened probe.

The first 15 tests were conducted without fuel injection and ¢ = 0.7,
while the rest of the tests with the shortened probe were at other equivalence
ratios.

4.6.2 Pitot Traverse Results

Figure 4.14 shows the pitot pressure profiles in the normal direction
along the interstice centerline (normalized by the heater stagnation pressure)
for two tests with no fuel added, and two tests with ¢ = 0.7. A sketch of the
injector ramp, relative to the rest of the tunnel, is also shown at the side of
the plot for orientation. Because of human error, the pitot traces shown for
the no fuel case were conducted with the vitiated heater in the pilot fuel
mode. Therefore, the total temperature and pressure were lower than that
with the vitiated heater fully on. The heater total temperature was
approximately 1500 K rather than 1940 K and the stagnation pressure was
about 2.07 MPa rather than 2.76 MPa. However, the flow through the
combustor was still supersonic at this lower pressure, and the normalized



pitot pressure trace can be expected to resemble that obtained while the

heater is fully on.

Agreement between repeated tests for both the ¢ =0.7 and the no fuel
cases was exceptional over most of the traverse. On the injector side of the
trace, the pitot pressure traces for the no fuel case are higher than those with
fuel. For z/G > 0.3 the pitot pressure was greater for the fuel-on case. The
pressure measured at the probe is the product of the stagnation pressure in
front of the normal shock and the ratio of the stagnation pressure before and
after the normal shock in front of the probe tip. Since the Mach number in
the traverse plane was higher for the no fuel cases, the drop in the measured
pressure across the normal shock was higher than it was for the ¢ = 0.7 case.

—— No Fuel
—— 0=0.7

L |

0.8

0.6

T l—ITl T lj T LI | ITI T l T T lilili| T ’
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0.2

q:llJllllll' |

0.35

Figure 4.14 Pitot Pressure Profiles in the Normal Direction Across the
Interstice Centerline of the Combustor at x/G = 14.1.
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The pitot pressure increased from a minimum on the fuel injector side
of the combustor to a maximum at approximately at z/G = 0.6 for the ¢ = 0.7
case. The lower pitot pressure on the fuel injector side was caused by the
drop in stagnation pressure associated with combustion, while the higher
pitot pressure on the opposite side suggests that a smaller drop occurred in
the stagnation pressure due to combustion. This is in agreement with the
Mie scattering images. Recall that the Mie scattering images at x/G = 3, and
x/G = 6 showed that the fuel did not penetrate completely across the duct by
x/G = 6. Furthermore, the Mie scattering results suggested that the rate of
fuel penetration across the duct would be lower further downstream in the
duct.

The pitot pressure traces for the fuel-on case will be discussed further
when they are compared with the computations in Chapter Six.

4.7 Heat Flux Measurements

Heat flux measurements were made with both Gardon gages ("cold
wall" heat fluxes) and surface thermocouples ("hot wall" heat fluxes). A
detailed discussion of the measurement uncertainty and the difference
between the two types of heat flux measurement is presented in Appendix C.
It was found that the difference between the measured cold wall heat flux
and the actual heat flux is potentially large and continually increased with
time during a test as a result of this wall temperature difference. Differences
between the cold and hot wall heat fluxes of up to 25 % have been observed in
the carbon steel portion of the combustor at the end of the tests. For the
stainless steel section of the combustor, the difference between hot and cold
fluxes is expected to be larger due to the lower thermal conductivity of
stainless steel. Surprisingly, the cold wall heat flux was affected little by the
large increase in the temperature mismatch between the wall and the gage.
Examination of the heat flux measurements for all of the tests showed that,
although the temperature mismatch often increased by more than 100%
while the model fuel was on, the cold wall heat flux measurements changed
by less than 5 % during the same period (see Appendix C).
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Both the hot and cold wall heat fluxes are plotted together on the plots
that are presented here. The hot wall fluxes were all determined 4 data
cycles after the end of the fuel on transient. This was necessary in order to
avoid numerical overshoot of the calculated heat flux, as discussed in
Appendix B.

4.7.1 Swept Compression Ramp Heat Flux

The heat flux on the injector wall of the swept compression ramp
combustor is plotted in Fig. 4.15, for the case of no fuel injection. The heat
fluxes shown are average values from all of the tests. The reference heat flux
is also plotted. The reference heat flux is the heat flux that was measured on
the opposite wall of the combustor 1.6 gap lengths downstream of the
combustor entrance (0.5 gap lengths upstream of the injectors). The
reference heat flux gage was located upstream of the influence of the injector
ramps, and thus represents the heat flux to the wall that is caused by the
high enthalpy combustor inlet flow without shocks or combustion. Since the
flow upstream of the injector ramps was the same for both types of injectors,
the reference heat flux was the same for both injectors. The pressure along
the interstice centerline is also shown in this figure.

As shown in Fig. 4.15, in the near field of the injectors, the heat flux
was higher than the reference heat flux. Over most of the length of the
combustor the pressures and heat fluxes followed the same trend. The
highest heat fluxes occurred where the wall pressure was highest. The
differences between the heat flux at the interstice and the fuel injector
centerlines along most of the length of the combustor were small. The
greatest difference was observed at x/G = 0.23, which was the closest gage
location to the injectors. At this location the flux at the interstice centerline
i1s about 25% lower than that measured at the injector centerline.
Downstream of x/G = 2, at locations where gages were installed in line with
both the interstice and the injector centerlines, the difference in the flux in
the spanwise direction is within the uncertainty of the measurement. The
hot wall heat fluxes, which are indicated by the solid symbols, were close to
the cold wall heat fluxes. .
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Figure 4.15 The Heat Flux and the Pressure Along the Injector Wall for
the Swept Compression Ramp With No Fuel.

The heat fluxes along the injector wall of the combustor with fuel
addition are plotted in Fig. 4.16 (¢ =0.7), 4.17 (¢ = 1), 4.18 (¢ =1.2). The plots
are each a composite of several tests at approximately the same equivalence
ratio. Therefore, in addition to small variations in the tunnel conditions,
there is some variation in the heat flux due to differences between the
amount of fuel injected. In general, the hot wall heat flux determined from
the thermocouples was lower than that from the heat flux gages, but the two
methods of measuring the heat flux show the same trend. The heat flux
without fuel addition is also plotted along with the reference heat flux.
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Figure 4.16 Injector Wall Heat Flux Distribution For the Swept
Compression Ramp Model (¢ = 0.68 £ 0.06).

The shape of the heat flux distributions did not vary significantly with
¢. The heat flux at each location downstream of the injector ramps increased
with fuel injection over that with no fuel. At the first gage location
downstream of the ramps, at x/G = 0.23, the heat flux was significantly
higher for the gages that were in line with the fuel jets than it was for those
in line with the ramp interstice centerline. For any given equivalence ratio
the gages in the constant area section of the combustor (x/G < 0.9) showed
more test-to-test variation than those positioned in the farfield of the
combustor. It is thought that the observed difference were due to small
differences in the position of the reacting fuel jet relative to the wall. This
will be discussed further in Chapter 5 when the reacting flow calculations are
considered.

The heat fluxes increased in the expanding duct for x/G < 2.6. A plot of
the heat flux vs. ¢ in the region between the constant area section and x/G =

2.6 is shown in Fig. 4.19. At x/G = 1.4 and x/G = 1.8 the heat flux increased
less than 25 % as ¢ increased from 0.5 to 1.25, and the fluxes were
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Figure 4.17 Injector Wall Heat Flux Distribution for the Swept
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approximately the same along the interstice and the injector centerlines. The
maximum measured heat flux occurred at x/G = 2.6 for all ¢. At this location,
the heat flux along the interstice centerline was higher than that along the
fuel jet centerline. Note that the location of the maximum heat flux is in the
expanding combustor duct, about 200 mm downstream of the injectors. At
this location the pressure was less than the maximum pressure in the
combustor, which occurred in the constant area section of the combustor.
Thus, the maximum measured heat flux in the combustor was not coincident
with the maximum pressure, but instead occurred in a favorable pressure
gradient. From the standpoint of film cooling this is an encouraging result,

® Xx/G = 1.4 Interstice Centerline
or O  x/G = 1.4 Injector Centerline
- A x/G = 1.8 Injector Centerline
L A X/G = 1.8 Interstice Centerline
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Figure 4.19 Heat Flux Between 1.4 < x/G < 2.6 vs. ¢ for the Swept
Compression Ramp Combustor.
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since it is expected that negitive pressure gradients would adversley effect

the film integrity.

Downstream of the maximum measured heat flux at /G = 2.6, the wall
heat flux decreased in the expanding combustor duct. The heat flux along the

interstice centerline was slightly higher than that along the injector
centerline. The effect of ¢ on the wall heat flux is shown for several locations

in the farfield of the injectors in Fig. 4.20. The heat flux in the far field of the
injectors increased with ¢ for lean equivalence ratios. For ¢ > 1 the heat flux

changed little with additional fuel injection.
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Figure 4.20 Injector Wall Heat Flux vs. ¢ in the Farfield of the Fuel
Injectors for the Swept Compression Ramp Combustor.
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The heat flux distribution on the wall that was opposite of the fuel
injectors is shown in Fig. 4.21 for 0<¢ <1.4. The maximum measured heat
fluxes for the no fuel case occurred at x/G = 2.6. The maximum heat flux for
the no fuel case is thought to caused by the pressure rise associated with the
second reflection of the shock wave generated by the injector ramps. In the
reacting flow cases the heat flux increased with fuel injection, and, at most
measurement locations the heat flux increased with additional fuel. Note
that the measured pressures also increased with additional fuel. At all
measurement locations, the level of the heat flux with fuel injection was
much lower than that measured on the injector wall side of the combustor.
Recalling the Mie scattering flow visualization and exit pitot pressure
surveys discussed earlier, this result was expected, since the hot products of
combustion did not penetrate to the opposite wall of the combustor.
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Figure 4.21 Opposite Wall Heat Flux Distribution For The Swept
Compression Ramp Model.



4.7.2 Expansion Ramp Heat Transfer

The heat flux distribution for the swept expansion ramp combustor
with no fuel injection is shown in Fig. 4.22, along with the interstice
centerline pressure distribution. The heat fluxes shown are average values
from all of the tests with no fuel. The measured heat flux distribution follows
the same trend as the pressure distribution. The hot wall heat fluxes were
significantly lower than the measured cold wall heat fluxes. The reason for
this difference is that the data system was triggered about 1.6 seconds later
than it was for the compression ramp case, resulting in an erroneous
assumed initial wall temperature distribution. The error in the surface
temperature was approximately 80 K. The effect of this error decreased with
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Figure 4.22 Injector Wall Heat Flux Distribution for the Swept Expansion
Ramp Injector With No Fuel.
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time during the tests because the initial temperature error was small
compared to the final wall temperature.

The heat flux along the injector wall of the expansion ramp combustor
with fuel injection is plotted in Fig. 4.23 (¢ = 0.7), 4.24 (¢ =1), and 4.25 (¢
=1.25). The flux for no fuel injection as well as the hot wall heat flux is also
shown. Note that the difference between the hot wall and cold wall heat
fluxes was higher for the expansion ramp combustor than it was for the
compression ramp combustor. There are two reasons for this difference. The
first is the error in the assumed initial temperature. The second reason is a
larger temperature mismatch between the wall and the gage. Recall that the
expansion ramp was operated for several seconds with both pilot and main
fuel injectors before data collection with only the main fuel injectors on.
Thus, the wall temperatures were higher and as a result the hot wall heat

fluxes were lower.
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Figure 4.23 Injector Wall Heat Flux Distribution for the Swept Expansion
Ramp Fuel Injector (¢ = 0.72+0.02).
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o _
L A Injector Centerline (cold wall)
i O Interstice Centerline (cold wall)
i A Injector Centerline (hot wall)
ok B Interstice Centerline (hot wall)
R Vv  Injector Centerline (no fuel)
« L O Interstice Centerline (no fuel)
E | N Reference Flux
= oF
s %
x [ %
EL:-’ <t é A é @ %
;:3 i il 2 3 .
- 0 8
- % @oo i
i A s S v
| g° v 8 B8 o v
1 L 1 ]AI ! L I Ll L J 1 1 1 l | L 1 l 1 | - I —l 1l l 1 1 1 I
-2 0 2 4 6 WG 8 10 12 14

Figure 4.25 Injector Wall Heat Flux Distribution for the Swept Expansion
Ramp Fuel Injector (¢ =1.25+0.03)
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The shape of the heat flux distributions is significantly different from
those for the swept compression ramp and varied as ¢ changed. In the near
field of the injectors the heat fluxes did not increase, but instead decreased
with fuel injection. The variation of heat flux with ¢ in the constant area
section of the combustor is further illustrated in Fig. 4.26. At the
measurement location closest to the injectors (x/G = 0.23) there was little
change in the heat flux at the interstice centerline. At the same axial
location the heat flux measured in line with the injectors decreased with
increased fuel injection so that for ¢ > 0.85 the heat flux to the wall was
negative, implying that cold hydrogen penetrated to the wall at this location
without burning. At the next axial station, the heat flux in line with the fuel
injectors also decreased with increased fuel injection for ¢ > 0.7. However,

the wall heat flux was still positive at this location.
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Figure 4.26 Injector Wall Heat Flux in the Constant Area Section of the
Swept Expansion Ramp Combustor.
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The heat flux in the expanding section of the injector wall was
approximately equal to the no fuel heat flux at axial locations up to x/G = 2.
The heat transfer increased dramatically between x/G = 2 and x/G= 4.4. The
shape of the heat flux distribution in this region varied strongly with the
equivalence ratio. Recall that the pressure distributions and one-dimensional
combustion calculations presented earlier showed that the pressure rise due
to combustion occurred in this region. In the tests with ¢ < 1, the pressure
decreased due to expansion in the combustor duct and did not increase before
x/G = 2.4. The peak pressure occurred farther downstream as ¢ decreased.
This is consistent with the heat flux distributions shown in Fig. 4.23-4.25.
The increase in the wall heat transfer, as well as the calculated heat release,
occurred closer to the injectors for the fuel rich tests than it did for the fuel
lean tests. The peak measured heat flux occurred at x/G = 3.45 for the fuel
rich cases, while it occurred further downstream at x/G = 4.36 for the fuel
lean cases.

The dependence of the heat flux on the equivalence ratio in this region
is further illustrated in Fig. 4.27. At x/G = 2.45 the heat flux increased with
¢ for ¢ > 1. At locations further downstream of the injectors, the flux began
to increase with ¢ at lower values of ¢. At x/G = 3.45 the heat flux increased
with ¢ in the fuel-lean region and slowly decreased with ¢ in the fuel-rich
region, while at x/G = 4.36, the maximum flux occurred at ¢ = 0.7 and
decreased with further increases in ¢. At locations further downstream, the
heat flux decreased with axial distance and increased slightly with ¢.

Except in the near-field of the injectors, no noticeable difference was
seen between the heat flux along the interstice and the injector centerlines

for the swept expansion ramp combustor.
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Figure 4.27 The Injector Wall Heat Flux Near the Flame Front for the
Expansion Ramp Combustor.

The wall heat transfer opposite of the expansion ramp injectors was
measured at a limited number of locations and is plotted in Fig. 4.28. Near
the injectors, there was little difference between the heat flux with and
without fuel. From x/G = 1.8 to 4 the heat flux was highest for the fuel rich
case; note that the pressures in this region were highest. At the last axial
station shown, the heat flux was almost equal for the cases with fuel
injection. As was for the swept compression ramp cases, the wall heat fluxes
were significantly less on the opposite wall, implying that the burning fuel
had not penetrated to the opposite wall. Hénce, the increase in the heat
transfer on the opposite wall was caused largely by the pressure rise.
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Figure 4.28 The Heat Flux on the Wall Opposite of the Fuel Injectors for the
Swept Expansion Ramp Combustor.

4.7.3 Heat Flux Amplitude Ratio

Another way of examining the heat flux is the heat flux amplitude
ratio, which is defined as the ratio of the heat flux with and without fuel at a
given gage location. The heat flux amplitude ratio is plotted in Fig. 4.29, and
4.30 for the swept compression and swept expansion ramps, respectively. As
shown in Fig. 4.29, the heat flux ratio for the swept compression ramp
injector ranged from 1.5 to 5, and changed by less than 50 % at all gage
locations as ¢ increased from 0.7 to 1.20. In contrast, the heat flux ratio for
the swept expansion ramp ranged from 1 to 13. The onset of the heat release
due to combustion occurred further downstream, where the heat flux for the
no fuel case was lower for the expansion ramps; therefore it resulted in a

higher heat flux ratio.

106



Op O
S O O
]

—_~ o~ D
N ©

qfuel on/qfuel off
4
IT'IIIIIII'IIII
om®OoO
o
o ©O
(0>
oy
012
oD
o
ac»

™ 0
B 4B
" g
8
ot 1+ 14 1y (IR [N SN RN TN N TR TR T Y TN S SO S S SR S
0 2 4 6 8 10 12 14

Figure 4.29 Heat Flux Amplitude Ratio (9fye] on/Qfuel off) for the Swept
Compression Ramp Combustor.

<t~
b a ¢=07
L E A ¢=10
t B —
§ol R O ¢=125
o C
S ol A
i : ©
o [ O
©oF O 8 0
: A%H O 8
ol .
05 BoLeon
OC] Jd 1 I 1 lglgglgl 1 I 1 1 14|4IJ J—l lglglgl
0 2 4 6 8 10 12

x/G

Figure 4.30 Heat Flux Amplitude Ratio (Afye] on/fuel off) for the Swept
Expansion Ramp Combustor.

107



Chapter 5

Results and Discussion of the Numerical
Flowfield Analysis

5.1 Scope of the Numerical Study

The numerical simulations of the scramjet flow field were conducted in
cooperation with other researchers at NASA-Langley as part of a joint
investigation of the reacting flow fields downstream of swept-ramp fuel
injectors. Solutions for the swept-compression ramp were achieved by the
author and will be discussed in detail. Solutions for the expansion-ramp
injectors were attained by other researchers and will be briefly discussed at
the end of this chapter. Further details from the joint investigation are
presented in reference 107.

Because of the large amount of computer time required to solve the
complex flow field, the calculations presented here are for a single fuel
equivalence ratio (¢=0.7). This equivalence ratio was chosen to facilitate
comparison with the Mie scattering flow visualization. The results of four
cases will be presented. The first case is a vitiated flow with no fuel injected,
which corresponds to tunnel operation with no fuel injection. Two mixing
cases with "non-reacting" hydrogen were also studied, one with laminar flow
to investigate the inviscid mixing characteristics of the ramps, and a
turbulent case to investigate the additional mixing due to turbulent diffusion.
The last case is a turbulent reacting flow, which is intended to model the flow
field with fuel injection and heat release.

5.2 Solution Technique

The flow through the combustor was modeled using the SPARK code
which was developed at NASA-Langley Research Center by Drummond et
al.[108-110] a5 3 two-dimensional code and later extended to three dimensions
by Carpenter.[111] The code uses the steady state cross-MacCormack
algorithm, which is second order accurate in time and space, and is fourth-

order accurate at steady state.
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5.2.1 Turbulence Modeling
One of the most difficult issues in the numerical analysis of reacting

turbulent flows is how to model the turbulence. The Boussinesq assumption,
which states that the turbulent or Reynolds stress can be related to the local
mean strain rate by an apparent turbulent viscosity, was used. With this
assumption the effective transport coefficients can be expressed as the sum of

the laminar and the apparent turbulent values. Thus,

p=4 o+, (5-1)
k=c,£ric Lo (5-2)
Pr, Pr,
p=t K (5-3)
pSCI pSCr

where | and t refer to the laminar and turbulent components, respectively.

The turbulent Prandtl and Schmidt numbers were set to constant
values of 0.9, and 0.5, respectively. The turbulent viscosity, pu¢, was
calculated by analogy with the calculation of the laminar viscosity from
kinetic theory, as follows: U, =cpvl (5-4)

where, c is a constant, v is the velocity scale, and 1 is the length scale.

A composite turbulence model formed from two algebraic turbulence
models was used in this investigation. This composite turbulence model has
been used with success in a previous validation study of the SPARK code for
mixing of a normal jet in a supersonic flow.[114] In the region near the walls
the Baldwin-Lomax modell112] was used. The length scale in the Baldwin-
Lomax model is based on the distance from the wall and the velocity scale is
based on the vorticity of the flow. The turbulent viscosity in the jet region
was calculated from a simplified turbulence model which was a modification
of the one suggested by Eggers.[113] This model used the velocity at the fuel
jet centerline as the velocity scale and the average of the half-concentration
width of the fuel jets in the normal and spanwise directions as the length

scale.

In the outer region of the jet, where the hydrogen concentration drops
to less than 1% of the maximum value, the turbulent viscosity was reduced by
multiplying it by the ratio of the hydrogen concentration divided by a
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concentration of 1 % hydrogen. In the region near the wall, the turbulent
2
viscosity from the Eggers model was multiplied by the ratio (—Q%J where z is

the distance from the wall and 6 is the boundary layer thickness. The value
of the turbulent viscosity used at each point is the maximum value calculated
from the two models. The turbulent viscosity was limited to less than 1000
times the laminar viscosity. This limitation on the turbulent viscosity is

widely used.

In the initial calculations the constant ¢ = 0.0164 was used in equation
5-4 as suggested by Eggers.[113] With this assumption the turbulent viscosity
was more than 1000 times the laminar viscosity over most of the domain.
Therefore, the constant, ¢, was lowered to 0.00328 for the turbulent cases

that are presented here.

5.2.2 Chemistry Model

For the reacting calculations two different reaction models were used.
The first model is a 7 species-7 reaction model adapted from reference 115
which uses the reactions listed in Table 5.1. The second model is a 9 species-
19 reaction model adapted from reference 116, which includes the effect of
HO, and H,0,, and is listed in Table 5.2. In both mechanisms nitrogen is
assumed to be inert, but is allowed to act as a third body.

The reaction rates were found from the law of mass action. The
forward reaction rate coefficients were calculated by the Arrhenius
expression: k, =A,.(T”")exp(—Ta' /T) where the constants Aj, bj, and 7, are

listed in reference 107. The backward rate coefficients were calculated from
the forward rate coefficient and the equilibrium constant, Kj, where:
k, =k, / K, and the equilibrium constant can be calculated from the change

in the Gibbs function, AG®, for each reaction:

An,- o
-AG;
K= 1 exp !
R,T R,T

where An; is the difference in the stoichiometric coefficients between the

products and reactants.
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Table 5.1 Reactions in the First Hydrogen-Air Reaction Mechanism.

H,+ 0, = 20H

H+0,=0OH+O0

OH+H,= H+H,0

O+H,=0H+H

20H = 0+ H,0

H+OH+M= H,0+M

H+H+M=H,+M

Table 5.2 Reactions in the Second Hydrogen-Air Reaction Mechanism.

H,+0, = HO, +H

H+0,=>0H+0

O+H,= OH+H

OH+H, = H+H,0

OH+OH = O+H,0

H+OH+M = H,0+ M

H+H+M=H,+M

H+O+M=0H+M

0+0+M=0,+M

H+O,+M= HO,+M

HO, + H = OH + OH

HO,+0 = OH+O,

HO, +0OH = H,0+0,

HO, + HO, = H,0, + O,

H+H,0, = H, + HO,

H+H,0, = OH +H,0

O+H,0, = OH +HO,

OH +H,0, = H,0+HO,

OH+OH+M = H,0,+M

The third body efficiencies used for the termolecular reactions were 2.5
for M = Hg2, 16.0 for M = H20, and 1 for all other species. Most of the

calculations were made using the 7-reaction model. After obtaining a
solution for the 7-reaction model, the 19-reaction model was used. An
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examination of the flow field properties showed that the effect of including
the additional radicals, H2O2 and HOg, on the flow structure was negligible.

A major concern in the computation of reacting flows is the "stiffness"
of the system of equations that are used to model the reactions. Stiffnessina
system of equations is caused by a disparity between the time scales of the
reactions. In the integration of a system of differential equations, the time
step is dictated by the rate of the fastest reactions to ensure stability of the
system. However, after the calculation of the initial transient, which is
dominated by the fastest reactions, the calculation is still advanced with
small time steps, which causes little change in the slower reactions. Thus a
large amount of time is required to integrate the system of equations.

In past applications of the SPARK code, because of concerns about the
stiffness, the chemical source terms were calculated implicitly. A
preconditioning matrix was formed which allowed each reaction to be
advanced at its own characteristic rate. Implicit evaluation of the source
terms requires that, for n different species, an n x n matrix must be
evaluated at each point for each time step. This requires large numbers of
computations for large grids. For this reason, the stiffness of the equations
was examined early in the study. It was determined that the chemical source
terms could be calculated explicitly for the conditions of the test case. In fact,
the explicit calculation of the chemical source required only 60 % of the time
per iteration as the implicit calculations. Comparisons between the implicit
and explicit calculations showed that 25 % more iterations were required
with the explicit calculations.(107] Therefore, explicit evaluation of the
chemical species equations resulted in a net computer time reduction of 25 %,
and was used for the reacting flow calculations presented in this study.

5.2.3 Computational Grid, and Boundary Conditions

The combustor was split into upstream and downstream grids for the
calculations. The grids were generated outside of the SPARK code using the
exponential stretching functions from reference 141. The grids were then
passed through an elliptic solver routine written by White[142], Most of the
computational effort was spent on the upstream region of the combustor. The
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grid used for the computations on the upstream portion of the combustor is
shown in Fig. 5.1. In the streamwise direction the grid extended from the
beginning of the ramps, to 6.2 gap lengths (457 mm) downstream of the
ramps. In the streamwise direction, the grid is compressed at the start and
end of the injector ramp, at the end of the constant area section of the
combustor, and at the outflow boundary. The grid extended from the top to
the bottom walls of the combustor, so that the effects of the reflected shocks
could be captured. In this direction the grid was also compressed at the top
and bottom walls of the combustor and along the top of the injector. In the
spanwise direction, symmetry was used to restrict the computational domain
to 1/8 of the spanwise width of the combustor (from the fuel jet centerline to
the interstice centerline), in order to reduce the computer time required for
the calculations. Grid compression was used in the spanwise direction along
the interstice and fuel jet centerlines, as well as at the edge of the injector
ramp. The grid used 163, 39, and 75 grid points for the streamwise,
spanwise, and normal directions, respectively, for a total of 476,775 grid
points.

After obtaining solutions for the upstream section of the combustor,
the grid shown in Fig. 5.2 was used to calculate the flow for the second
section of the combustor. The grid for the second section of the combustor
used 77, 20, and 101 grid points for the streamwise, spanwise, and normal
directions, respectively. For the second grid, the number of nodes was
reduced by progressively increasing the spacing of the grid points in the
streamwise direction and decreasing the number of points in the spanwise
direction by a factor of 2. This was possible because the grid compression
that was required to resolve the flow features near the ramp was not required
in the farfield of the injectors. The number of points in the normal direction
was increased with the goal of better resolving the flow near the wall in order
to improve the calculations of the heat transfer. The grid spacing in the
normal direction at the wall was 1um in this section of the combustor. The

grid spacing in wall units, (z*’ = iu—'),where z is the distance of the first node
v )

from the wall was calculated and ranged between 0.9 to 0.4. Thus, the first
node was inside the laminar sublayer. This is in contrast to the grid for the
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Figure 5.2 Computational Grid For the Second Half of the Combustor



upstream section where the spacing of the first node from the wall is roughly
14 times larger than it is for the second grid. Therefore, the calculated values
of the heat transfer and skin friction are expected to be less accurate for the

upstream grid.

A known solution for the facility nozzle flow and the constant area
section of the combustor upstream of the ramps was used for the inflow
conditions. The static properties at the entrance of the combustor (M = 2.63,
P =104 kPa, T = 930 K) modeled the experimental conditions. Fuel injection
from the conical nozzle was modeled as a point source. The injector was
modeled with 87 points that were distributed to approximate a circle. The
top and bottom walls were modeled as no-slip along with a zero normal
pressure gradient. A constant surface temperature of 670 K was assumed for
the walls in the first section of the domain. The wall temperature was
estimated by calculating the wall heating by a compressible boundary layer
at a total temperature of 1900 K. A linear curve fit of the measured wall
temperatures was used for the second section of the domain. The two side
planes of the domain were treated as symmetry planes, and the outflow
boundary was modeled using first-order extrapolation.

A spline fit of the exit properties at the first section of the combustor
was used for the inlet properties at the start of the second section of the
combustor. Because the minimum Mach number at the exit for the first
section of the combustor was supersonic (M=1.35 for the reacting case),
splitting the computational domain into two sections should not have affected
the solution.

5.2.4 Calculation Procedure

The system of equations was advanced in time using a local time step
along with a Courant number of 0.5 for the turbulent mixing and reacting
cases, and 0.3 for the laminar cases. The mixing solutions were started from
the no injectant solution, and the reacting flow solution was started from the
solution of the mixing case. Autoignition occurred in the reacting case
without the aid of "numerical" ignition aids such as lowered activation

energies.
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The residual, which is defined as the normalized density change
between successive iterations was monitored. The residual dropped to
around 0.001 and then oscillated about this value. Thus, a true steady-state
solution as defined by the residual approaching the round-off error of the
computer was not obtained. Therefore, an inspection of the integrated mass
flow, mixing efficiency, and combustion efficiency was used to assess the
convergence of the solution. The conservation of mass was within 1 % for all

of the turbulent cases, and within 2 % for the laminar mixing case.

The number of iterations required to solve the mixing cases was
approximately 10,000, while the reacting cases required up to 70,000
iterations. The computations were performed on the CRAY-2 and CRAY-
YMP computers at NASA-Langley. The total computer time required on the
CRAY-2 computer was 23 cpu-hr. for the mixing cases and 330 cpu-hr. for the
reacting case.

5.3 Flowfield Structure

5.3.1 No Injectant Case

Calculations of the flowfield structure for the no fuel case are shown in
Fig. 5.3-5.8. Figure 5.3 shows the pressure and temperature along the jet
centerline and interstice planes. The presence of shocks caused by the ramps
and subsequent reflected shocks can be seen. Expansion fans were generated
as the flow expanded around the side, and top of the ramp and interacted
with the reflected shock waves generated by the ramp.

The contour plots of pressure at selected cross flow planes are shown in
Fig. 5.4. Note that the domain extended from the injector centerline (y/G =0)
to the interstice centerline (y/G = 0.28), or 1/8 of the combustor width. For
clarity, the aspect ratios of the cross flow plots have been changed to
exaggerate the spanwise (y) dimension. The pressure plot at x/G = 0 shows
the high pressure region on the top of the ramp and the lower pressures on
the sides of the ramp. The highest pressures occurred on the wall opposite of
the fuel injectors immediately downstream of the location where the ramp
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shock was reflected from the wall. The shock train weakened in the
expanding portion of the combustor. Note that the plots of pressure in the
cross flow plane show that the calculated wall pressure varied little in the

spanwise direction for x/G > 1.5.

The Mach number contours are shown in Fig. 5.5. A small recirculation
zone existed downstream of the ramp base. The axial velocity component was
positive over the entire cross-flow plane at x/G > 0.25. For x/G > 0.5 the flow
was supersonic except for the subsonic part of the boundary layer.

118



"ase) |an4 ON 8y} 10} sInojuo) (H) axmesadwa | pue (Bd4Y) ainssald €'G ainbi4

002 L KX 9 g 14 £ [ | 0 0
00€ 2z I [ I I T l I
0oy € e o 00
005 ¥ 8y s >
009 S — %\\% @\%»/pw\ 50 o2
0L 9 auleuan aolisIay|
008 £ _ 0
o6 8 DX - : -1 60"
000L 6
00k Vv t=—vor = 00 :
= 95z== . ==
00zt @ . Vil mﬂumt\ Wmma & lso 0/z
1 oo g Ve — susiue) % r
© 1 On R
05 2 -
s. € o B R —— T Y gy 8m ~—= 100
0oL ¥ w = v/@ @R&N\\\\\m m,/,,mx\\,o =5 O/Z
szl T mxmm E— g?”éhwﬂw!ﬁ &nzo«\ g0
oSt 9 B aulJejua)) aolsIalu|
st L
S 0-
002 8 O/X T S0
S22 6 .
052 Vv g 00
siz 8 9z
d 1ene G0

119



xG=0
07F
06k Level P
t B 300
05 A 270
2G 0.4F 9 240
8 210
0.3F 7 180
ook 6 150
5 120
01F 4 90
' 3 60
0.0F - 0
01} 1 0
-0.2¢ L N L 1 ! )
00 01 02 03 04 05
y/G
x/G=05
0.7F
osh Level P
B 200
0.5f A 180
2/G i A—"
0.4f 9 160
QBQN 8 140
0.3F % 7\ 7 120
02t (= F——= &
]l s s0
0.1F 4 60
ook =t~ 3 40
’ 2 20
0.1F 1 0
'0'2 o 4 H ’ — 1 i
00 01 02 03 04 05
y/IG
x/G=3
0.7F
0.6}
0.5}
2G4t
03}
0.2F
0.1}
0.0}
01F
0.2F , . )
00 01 02 03 04 05
y/G

x/G =0.25

0.7F
o6k Level P
B 300
0.5 A 270
2/G Y 9 240
04f g
= —— 8 210
6 150
2F 4
0 ‘\ ~~ 5 120
0.1F 4 90
oof @ IA s %
: 2 30
0.1F 1 0
-02 E N i i H 1 al
00 01 0.2 03 04 0.5
y/G
x¥G=15
0.7F
osk Level P
B 200
0.5p X A 180
G 9 160
04 A —x=d s 10
0.3f % 7 120
t7/8"‘//—{ 6 100
0.2F s 80
0.1F 8/ 4 60
~9 ] 3 4
0.0F A 2 20
0.1F 1 0
0.2¢ . . " i ;
00 01 02 03 04 05
y/G
x/G=6
0.7f B
0.6F M Level P
B 100
0.5¢ A 90
2/G 0.4k 9 80
' —7"6—; 8 70
0.3F 7 60
ook 6 50
5 40
0.1F 4 30
3 20
0.0 \ 2 10
0.1F f 1 0
-0.2p L i L ; L J
00 01 02 03 04 05
y/G

Figure 5.4 Pressure Contours (kPa) in the Cross Flow Planes for the No Fuel Case.
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Figure 5.5 Mach Number Contours in the Cross Flow Planes for the No Fuel Case.
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The velocity vectors in the cross flow planes are shown in Fig. 5.6. At
the exit of the ramp the formation of the vortex is shown as the flow expands
from the high pressure top of the ramp to the low pressure interstice between
the ramps. Immediately downstream of the ramps, the flow expanded around
the ramp base in the x-y plane resulting in large cross flow velocities near the
bottom wall surface. At x/G = 0.5 a well-defined vortex that extended to the
jet centerline is seen. The decay of the vorticity as the flow expanded along
the rest of the combustor is shown in the plots for the downstream locations.

Another way of illustrating the vortical structure in the cross flow

plane is the axial component of the vorticity vector. The axial component of

the vorticity vector, wy E[:%Vyz—z_;}’ is plotted in Fig. 5.7. The sign

convention used for the vorticity was the right hand rule, so that clockwise
rotation (when looking upstream) corresponds to negative values of vorticity.
Positive values of vorticity are shown by solid lines, and the dashed lines are
used to indicate contours of negative vorticity. At the exit of the ramp the
vorticity generated by the ramp can be seen. Downstream of the ramps, the
vortex moved towards the jet centerline. At the x/G = 0.5 plane the edge of
the vortex extended to the jet centerline, so that for each injector ramp there
were two counter-rotating vortices that touched at their edges. Between
x/G=0.25 and x/G=1.5 the vortex remained near the bottom wall of the
combustor and grew little. The maximum vorticity decayed due to viscous
dissipation and diffusion. At locations further downstream, the vortex
eventually lifted off the bottom wall and weakened due to expansion and

viscous forces.
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Figure 5.6 Velocity Vectors in the Cross Flow Planes for the No Fuel Case.
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Figure 5.7 Axial Vorticity (1/s) in the Cross Flow Planes for the No Fuel Case.
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5.3.2 Laminar Mixing Case

The flow structure for the laminar mixing case is shown in Fig. 5.8-
5.11. The pressure and temperature contours are shown in Fig. 5.8. The
pressure contours on the interstice centerline differ little from the no fuel
case. The pressure contours on the injector centerline differ greatly in the
near-field because of the effect of the fuel jet on the expansion and shock
waves. The temperature contours along the jet centerline show that a low
temperature region existed along the entire combustor, which was caused by
the injection of the cold inert fuel. The fuel penetrated to the opposite side of
the combustor by x/G = 5.3. The temperature contours for the interstice show
that the cold fuel did not penetrate to the interstice.

The cross-flow velocity vector and the vorticity contours are shown in
Fig. 5.9 and 5.10. At the ramp base plane the velocity vectors were slightly
higher than those for the no fuel case. The vortex for the laminar mixing case
was closer to wall and flatter for the laminar mixing case than it was for the
no fuel case at x/G = 0.5. Also, the vorticity plots show that the vortex
strength was significantly greater for the laminar mixing case than it was for
the no fuel case. Because there is no turbulent diffusion for laminar flow, the
viscosity was much lower for the laminar case than it was for the no fuel case,
resulting in slower dissipation of the vortex for the laminar case.
Downstream of the x/G = 0.5 plane, the vortex lifted off the injector wall and
moved transversely across the combustor to the other wall.
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Figure 5.9 Velocity Vectors in the Cross Flow Planes for the Laminar Mixing Case.
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Figure 5.10 Axial Vorticity (1/s) in the Cross Flow Planes for the Laminar Mixing Case



The hydrogen mass fraction contours are shown in Fig. 5.11. In these
plots the mass fraction contour line Yy, = 0.031 corresponded to
stoichiometric concentration. All contour levels higher than Yy, = 0.031
correspond to locally fuel rich areas. The lowest contour level shown, Yy, =
0.0012 corresponds to the commonly accepted lean flammability level of
hydrogen-air (5 % by volume). The contours show large concentration
gradients at x/G = 0.25. At locations further downstream the plots show that
the fuel-air interface was "rolled up" by the vortical motion of the flow,
increasing the length of the fuel-air interface, and thus increasing the mixing.
A comparison of the vorticity plots and the hydrogen mass fraction plots show
that the position of the hydrogen plume and the large vortex are closely
correlated. Downstream of x/G = 1.5 the plots show that the fuel plume lifted
completely off the injector wall. At the last plane shown the fuel plume
penetrated to the opposite wall. Further baroclinic torque interactions
occurred between the shock system and the density gradient associated with
the fuel plume distorting the fuel plume as it moved further downstream in
the combustor. However, the fuel plume spread little in the spanwise

direction.

Note that the experimental study showed that the fuel did not
penetrate completely across the combustor. Thus it is thought that the
assumption of laminar flow is insufficient to model the actual turbulent flow
in the combustor. For this reason, the rest of the calculations used the
composite 2-zone algebraic turbulence model.
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Figure 5.11 Hydrogen Mass Fractions for the Laminar Mixing Case.

130



5.3.3 Turbulent Mixing Case

The effect of turbulence on the mixing characteristics of the swept
ramp injectors is shown in Fig. 5.12-5.14. The pressure contour plot for the
interstice centerline is similar to that for the no fuel case. On the fuel jet
centerline the pressure differs in the near field of the injectors but the
presence of the reflected shock train is more apparent than it was in the
laminar mixing case. The temperature contours showed that the fuel did not
penetrate to the opposite wall by x/G = 6, as it did for the laminar case.

The hydrogen mass fraction plots in Fig. 5.14 show that the mixing of
the fuel plume was significantly different than it was for the laminar case.
Near the injector at x/G = 0.25 the most obvious difference is that the
concentration gradient between the core of the fuel jet and air is more diffuse
for the turbulent mixing case. At locations further downstream, the contour
lines representing concentration were not rolled up into tightly spaced
gradients as they were for the laminar case, but were made diffuse by the
turbulent diffusion. Note that the turbulent flow solution represents the
mean flow field. An instantaneous snapshot of the flow would vary greatly
from the calculated contours shown in Fig. 5.14. However, a large collection
of instantaneous mass fraction contours would resemble the calculated
contours. The effect of the vortical flow on the fuel jet is still evident in the
turbulent mixing case. Between x/G = 0.5 and x/G = 1.5, hydrogen is "pulled"
from the centerline of the fuel jet towards the interstice, shifting the point of
maximum concentration from the fuel jet centerline to y/G =0.1. Another
major difference between the turbulent and laminar cases is the fraction of
the cross-sectional area of the combustor that is covered by the fuel plume.
The lateral penetration was much greater for the turbulent mixing case than
it was for the laminar case. However, the hydrogen did not reach the
opposite wall in the turbulent mixing case, as it did for the laminar case.

The axial vorticity contours for the turbulent mixing case are shown in
Fig. 5.13. The vortex created by the ramps decays much faster for this case
than it did for the laminar mixing case. Also, the center of the vortex only

penetrated in the transverse direction to the center of the combustor. The

131



hydrogen mass fraction contours surround the vortex for x/G > 0.5. In
contrast to the laminar mixing case, where the outer boundary of the fuel

plume was close to the outer boundary of the vortex, the vortex was located
entirely within the fuel rich region for x/G > 3.
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Figure 5.13 Axial Vorticity (1/s) for the Turbulent Mixing Case.
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Figure 5.14 Hydrogen Mass Fractions For the Turbulent Mixing Case.
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5.3.4 Turbulent Reacting Solution

The mixing and reaction of the fuel is illustrated in the contour plots of
Hg, OH, and H20 product shown in Fig. 5.15 to 5.18. The hydrogen mass
fractions at the ramp exit show a much greater lateral penetration compared
to the non-reacting turbulent case, due to a large recirculation zone that
forced fuel upstream of the ramps. As will be shown later, the combustion
pressure rise caused formation of a recirculation zone near the injectors. At
locations further downstream of the ramps, the lateral penetration was also
greater for the reacting case, but the hydrogen did not penetrate as far in the
normal direction. However, recall that the contours represent unreacted
hydrogen, and that hydrogen at the fuel/air interface reacts. Another major
difference between the reacting and mixing cases, is that the peak hydrogen
mass fraction in the farfield of the injectors was much higher for the reacting
flow case. Also, the location of maximum hydrogen concentration was always
along the fuel jet centerline for the reacting case, while the maximum
hydrogen concentration was not always located at the fuel jet centerline for

the mixing case.

At x/G = 0.5 the fuel jet spread to 85 % of the distance between the jet
centerline and interstice centerline. Also, the fuel jet lifted completely off the
surface of the injector wall at this location. The reflected shock from the
injector ramps interacted with the fuel jet just downstream of the x/G = 0.5
plane. After passing through the shock, the fuel jet moved in the transverse
direction toward the injector wall. The transverse penetration of the fuel was
less on the interstice side of the fuel jet in the expanding section of the
combustor than it was in the constant area section of the combustor. Thus,
the fuel jet was attached to the injector wall.

The contours of the water product are shown in Fig. 5.16. Since there
was already a background concentration of water due to vitiation the water
product mass fraction, YH,0p, was calculated by assuming that there is no
differential diffusion between the nitrogen and the water in the vitiate
stream. With this assumption the mass fraction of water product was
calculated from the nitrogen and water mass fraction by the following
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expression: Yy, op =YH,0—AXYy, where A is the ratio of the mass fraction
of water to that of nitrogen in the vitiated stream.

At the injector plane the contours show that water product was spread
across much of the width of the combustor. This product was formed in the
recirculation zone which forced fuel upstream of the ramps. The water
product contours over the rest of the combustor length resembled hydrogen
contours but extended further from the center of the hydrogen plume. This
was expected because hydrogen was consumed and water was produced

fuel/air interface.

The flame front can be located by the presence OH radicals. The OH
contours shown in Fig. 5.17-5.18 show the reaction zone. The outer
circumference of the fuel plume was surrounded by the OH for x/G < 1.5.
Between 1.5 £ x/G < 3 the flame front near the wall vanished because the
oxygen layer near the wall was consumed, and the reaction zone moved away
from the fuel and product rich (oxygen depleted) jet centerline toward the
interstice centerline.

The shapes of the temperature contours shown in Fig. 5.19 and 5.21
resemble those of the water product contours. As expected, over most of the
length of the combustor, the maximum temperature occurred in the flame
zone. A high temperature gradient existed near the wall, inline with the
injectors (y/G = 0) in the constant area section of the combustor (x/G < 0.9)
because of the proximity of the flame front to the wall. Recall that the heat
flux gages in this section of the combustor showed more test-to-test variation
than those in the farfield of the injectors. It is thought that this variation
was caused by small differences in the position of the reacting fuel jet relative
to the wall. In the near field of the injectors the temperature near the walls
was higher on the fuel jet side of the combustor than it was for the interstice
side, because the fuel had not penetrated to the interstice. The opposite
occurred further downstream as the flame front near the injector wall moved
toward the interstice. Thus, in the farfield of the injectors the flow near the
wall at the fuel jet axis consisted mainly of fuel rich combustion products,
while the flow near the interstice consisted of a lean reacting mixture.
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The pressure contours, shown in Fig. 5.20 and 5.21 show that there
was a large pressure rise associated with combustion near the injectors. The
large combustion pressure rise caused a large recirculation region to form
near the injectors. At x/G = 0.5 the reflected shock can be seen before
crossing the fuel jet. The shock wave crossing the fuel jet was responsible for
the transverse movement of the fuel jet towards the injector wall. The motion
of the fuel jet toward the injector wall was caused by the change of main flow
direction after passing through the shock, and by the baroclinic interaction.
In the region downstream of the interaction of the reflected ramp shock and
the reacting fuel jet, the shock train was severely damped out by combustion.

The Mach number and axial velocity contours are shown in Figs. 5.22,
and 5.23, respectively. In contrast to the no fuel and mixing solutions, where
there was a short subsonic region downstream of the ramp base, a large
subsonic region extended from the interstice region slightly upstream of the
ramps downstream to x/G = 2.5. The axial velocity plots show a large
recirculation zone on the interstice that extended upstream to x/G = -0.2 and
downstream to x/G = 0.85. The recirculation zone is further illustrated in
Fig. 5.24 which was generated by shading the region of the flow which had a
negative axial velocity component. The recirculation zone is enclosed by the
shaded surface shown in the three perspective views of this figure.

The contours of the axial vorticity at selected positions are shown in
Fig. 5.25. The contour plots show that axial vorticity at the ramp exit was
much less than it was in the turbulent mixing case. A well defined pair of
counter-rotating vortices is not apparent from the vorticity plots until the
flow is downstream of the recirculation zone. Further downstream the axial
vorticity decayed slightly faster for the reacting flow case.

The flow through the rest of the combustor showed further mixing and
reaction. The pressure at the exit of the combustor for the reacting flow case
was approximately uniform, varying by less than 5 % over the entire width of
the combustor. The contours of temperature, OH and water product mass
fraction in the combustor exit plane (/G = 15.4) are shown in Fig. 5.26. The
trends shown in this figure are similar to those shown earlier for the cross-
flow plane at x/G = 6. The water product mass fraction contours show that
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the injector side of the cross flow plane had large concentrations of products
in it while the products of combustion had not penetrated to the opposite wall
of the combustor. The flamefront is shown by the OH radical mass fractions.
As seen in the OH and temperature contours, the flame front extended from
the top of the fuel jet at the injector centerline to the interstice centerline
near the wall, as it was at x/G = 6. In contrast, the flame did not penetrate
into the fuel and product rich region at the injector centerline near the wall.
The resultant temperature contours show that near the wall the
temperatures are highest at the interstice centerline. Also, note the large
difference between the temperature profile near the injector side as compared

to the opposite wall.
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Figure 5.15 Hydrogen Mass Fraction Contours for the Reacting Case.
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Figure 5.16 Water Product Mass Fraction Contours for the Reacting Flow Case.
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Figure 5.19 Temperature (K) Contours for the Reacting Flow Case.
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Figure 5.20 Pressure Contours (kPa) for the Reacting Flow Case.
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Figure 5.22 Mach Number Contours for the Reacting Flow Case.
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Figure 5.23 The Axial Velocity (m/s) Contours for the Reacting Flow Case.
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Figure 5.24 The Recirculation Region as Viewed From (a) Jet Centerline
(b) Interstice Centerline (c) Top.
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Figure 5.25 Axial Vorticity (1/s) Contours for the Reacting Flow Case.
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5.4 Comparison of Computational Results With the
Experiments

The results of the calculations, presented in the previous sections,
provided insight into the flowfield structure for the swept-compression ramp
with and without fuel. In the sections below, the calculated results are
compared to the experimentally determined wall pressures, pitot pressures,
and the Mie scattering images, to judge the validity of the calculated flowfield

structure.

5.4.1 Wall Pressures

The calculated and experimental pressures along the interstice
centerline on the injector side of the combustor are shown in Fig. 5.27. The
agreement between the numerically and experimentally determined
pressures for the no fuel case is within a few percent over most of the
combustor. The comparison for the ¢ = 0.7 case shows that the numerically
determined pressures are identical for both the 7 and 19 reaction models.
The jagged peaks in the computational pressure traces are due to a localized
reflected shock system that exists between the outer boundary of the fuel
plume and the interstice centerline. The computationally determined
pressures under predict the experimental values in the near field. In the
farfield, the agreement improves to within a few percent.

The calculated and experimental pressures along the interstice
centerline on the side of the combustor opposite of the injectors are shown in
Fig. 5.28. As it was for the other side of the combustor, the agreement
between the numerically and experimentally determined pressures for the no
fuel case is within a few percent over most of the combustor. For the reacting
case, the pressure match in the far field of the injectors is good.

Upstream of the ramp base, the calculated wall pressures are in
agreement with the experimentally determined wall pressures. The
experimental pressure measurements along the fuel injector and interstice
centerlines showed that no pressure rise occurred at the closest measurement
location upstream of the base of the ramp (*/G =-0.19). As was shown in Fig.
5.24 a recirculation region extended upstream of the injectors along the side
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Figure 5.28 Comparison of the Wall Pressure Along the Interstice of the

Wall Opposite of the Fuel Injectors.
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of the ramps to x/G = -0.2. However, the calculations show that the
disturbance did not extend to the ramp top, or the interstice centerline at the
x/G = -0.19 measurement location.

5.4.2 Comparison of Mie Scattering and Computational Results

The Mie scattering flow visualization discussed in Chapter 4 was used
to visualize the distribution of the combustion products across the combustor.
The Mie scattering photographs were compared to the calculations of the
mass fraction of water product Y,,,, formed as a result of combustion in the

reacting cases.

The experimentally determined images of the product plumes from the
two center ramps were used for comparison. The computational results were
reflected about the center line of the injector, and the Mie scattering images
of the two center plumes were extracted to form an average image for a single
injector by folding and averaging about the vertical centerline of the
combustor.

The Mie scattering images are compared with the water product mass
fraction contour plots in Fig. 5.29 for x/G = 3.1, and Fig. 5.30 for x/G = 6.1.
Recall from the discussion in Chapter 3 that the outer edge of the Mie
scattering image is relatively insensitive to the final gray scale adjustment.
However, the contrast within the fuel jet was a function of the cut-off values
used in the final gray scale adjustment. Thus, the details within the plume
are less certain than the outer boundary of the fuel jet. As shown in Fig.
5.29, at x/G = 3.1 the penetration of the calculated product plume is close to
that for the Mie scattering image at the fuel jet centerline. The plume shown
in the Mie scattering image of the fuel plume is wider than the calculated
plume. In addition, the calculated water product contours display a notch in
the contours at y/G = £0.2 which is not shown in the Mie scattering images.
At x/G = 6.1, the penetration is approximately the same for the calculations
and the experiment at the fuel jet centerline, and the differences between the
calculations and experiment are less pronounced at the interstice.
Comparisons cannot be made near the injector wall because of the effect of
light reflected from the walls.
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Figure 5.29 Comparison of Mie Scattering and Calculated Water Product
Mass Fraction at x/G = 3.1.
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Considering the limitations on the experimental images, the
comparison of the images and the calculations show that they are in
agreement at the outer edge of the fuel jet. As discussed in Chapter 3,
further improvements in the imaging technique, and the understanding of
the light scattering (particle size distribution, particle refractive index) are
needed before quantitative concentration measurements can be made.

5.4.3 Pitot Pressure Comparisons

The measured and calculated pitot pressures for the reacting flow case
along the interstice centerline of the combustor are compared in Fig. 5.31.
The pitot profile shapes are also similar for the computational and the
experimental pitot pressures. Although the computational pitot pressure is
consistently lower than the experimentally determined pitot pressure, the
experimental and computational pitot pressures are within 15 % of each
other. The peak pitot pressure occurred closer, by approximately 0.08 Gap

- —— Test 1
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o Calculation
of
© [
of
< [
of
St
C\! -
or - 3
: SO
o N\
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Figure 5.31 Comparison of Calculated and Measured Pitot Pressures
Along the Interstice Centerline at x/G = 14.1 (¢ = 0.7).
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lengths (6.3 mm), to the injector wall in the experiments than it did in the
computations. Since the pitot pressure is less in the reacting layer, this
result implies the penetration of the reacting fuel is slightly less than the
calculated value at this location.

5.5 Mixing and Combustion Efficiencies

The mixing efficiency, nm, which is defined as the ratio of the mass of

fuel that would react if complete combustion occurred to the mass of fuel
injected. The mixing efficiency, nm, was calculated by the following

expressions:

My, Mx [ pUot,dA

NMm = — =—

MH,,inj MH, Inj

where aHo =YHo For Y2 <Y 42 st0ic
1-Yyo
and OH2 = =Y cor. Y H2,Stoic ForY\;5 > Y42 0
— T'"H2,Stoic

where Yy, is the mass fraction of hydrogen, Yz gt 1 the stoichiometric
mass fraction of H2, and my, n; is the mass of hydrogen injected.

A plot of the mixing efficiencies calculated over the first section of the
combustor is shown in Fig. 5.32. The laminar solution had the lowest mixing
efficiency. Although fuel penetrated to the opposite side of the duct in the
laminar case, the lateral spreading was small, resulting in the lowest mixing
efficiency. The mixing efficiency for the turbulent mixing case was greater
than that for the laminar case due to the greater lateral spreading of the jet.
Figure 5.32 also shows that combustion had a detrimental effect on mixing
efficiency in these calculations. The mixing efficiency was approximately 20%
lower for the turbulent reacting case than it was for the turbulent mixing
case. Most of the difference in the mixing efficiency occurred over the first
1.5 gap lengths, although the difference slowly increased over the rest of the
combustor.

As discussed in Chapter 1, there are several mechanisms that can
decrease the mixing rates in the reacting flow compared to the mixing rates
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Figure 5.32 Calculated Mixing Efficiencies for the Swept Compression
Ramp (¢ =0.7).

in the non reacting case. One mechanism is the reduction in mass
entrainment caused by the high temperature at the fuel/air interface. The
other two mechanisms are illustrated in Fig. 5.33, which shows the pressures
and velocity vectors at the exit plane of the injectors for the mixing and
reacting cases. The fuel jet was underexpanded for both the reacting and
non-reacting cases, but the fuel jet is less underexpanded in the reacting flow
case. Perhaps the most important difference between the reacting and the
non-reacting flows is the large difference in the vortical flow patterns at the
ramp exit. The vortex in the interstice region for the non-reacting case is
closely tied to the ramp corner. In contrast, the higher pressure in the
interstice region leads to a much weaker axial vortex which is centered
further away from the center of the fuel jet.
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The calculated combustion efficiencies are compared with the mixing
efficiency in Fig. 5.34. Two different definitions were used to calculate the
combustion efficiency. The first definition of combustion efficiency, nci, is the
ratio of the mass of hydrogen that has been converted to water, to the total
hydrogen injected. The second definition, neg, is the ratio of the chemical
energy released in the combustor to the amount of energy that would be
released if all of the fuel reacted. The two values of the combustion efficiency
are close to the mixing efficiency. Thus, the flow is said to be "mixing
limited." In other words, reaction occurs where the fuel and air mix, with
little delay due to chemical kinetics. This does not mean that one can
determine the amount of fuel which will react from a study of the mixing
alone, because, as shown earlier, the heat release affects the mixing rates.

0.3 04 0.5 0.6
T T T r L LR I T 1T T Ij LR I T 1T 1T 71 ' T T T 1 I

0.2

0.1

O ALIIALIJAJJIJIJAAJAJALJJIJ#JAI JJL

0 1 2 3 4 5 6
x/G

Figure 5.34 Comparison of Calculated Mixing and Combustion
Efficiencies for the Reacting Flow Case.
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5.6 Computed Stream Thrust Components

The calculated stream thrust for the swept ramp combustor is shown
in Fig. 5.35, and the calculated components of the thrust for the swept ramp
combustor are shown in Table 5.3. The net internal thrust produced in the
combustor, assuming vacuum on the external walls, is the difference between
the stream thrust at the entrance and exit of the combustor. Note that since
only 1/8th of the combustor is modeled the thrust components are 1/8th of the
total combustor thrust. The stream thrust drops upstream of the ramp base
due to the skin friction and the pressure on the forward facing surface of the
injector ramps. Calculations of the pressure integral in this region show that
the pressure drag was 25 N of the 30 N of drag upstream of the ramp base,
while the rest of the drop was due to skin friction. The slight increase in the
stream thrust just upstream of the ramp in the reacting flow case was caused
by the increase of pressure on the portion of the rearward facing sides of the
ramp which are in the recirculation zone.

The stream thrust increased at the ramp base for both cases. The
small increase for the no fuel case was due to the pressure at the base of
ramp acting on the fluid. The change in the stream thrust in the reacting
case was caused by the momentum of the fuel and the ramp base pressure.
As shown in Table 5.3, the contribution of the ramp base pressure is slightly
greater than half of the 39 N force produced at the ramp base, while the rest
is due to the momentum of the fuel. The high pressure on the base of the
ramp did not cancel the pressure drag on the forward facing part of the ramp.
However, the combination of jet momentum and base pressurization
produced positive net thrust in this region of the combustor.

The stream thrust dropped over the constant area section of the
combustor due to skin friction. The stream thrust then increased in the
expanding combustor duct for both cases due to the increase in the
momentum of the flow. The small dip in the stream thrust at x/G = 6.1
occurred at the interface between the two computational grids. It is thought
that the loss of momentum was caused by the switch from 39 to 20 points in
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Figure 5.35 Stream Thrust for the Swept Ramp Combustor (1/8 of the
width of the Combustor).

the crossflow direction which occurred when passing the solution between the
two grids. The total internal thrust, calculated by the difference in the

stream thrust between the combustor inlet and exit, is only 17 N for the no
fuel case and 159 N for the ¢ = 0.7 case.

The total skin friction in the combustor duct was calculated by
subtracting the pressure integral and fuel momentum from the net thrust
produced in the combustor. This result was checked with an integration of
the skin friction forces{117] and agreed to within 1%. The calculated skin
friction increased by approximately 20 % with combustion of the fuel. Note
that this calculation did not include the effects of the side walls, which were
not modeled. Hence, the actual skin friction should be higher because of the
larger wetted surface area.
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Table 5.3 Calculated Thrust Components (N) for the Swept Compression
Ramp (1/8th of Combustor Width)

No Fuel ¢=0.7
Component Force Fraction | Force Fraction
(N) % (N) %
Pressure Integral Upstream of | -25 -153 -22 -14
Ramp Base
Ramp Base Pressure Integral | 3.1 19 20 13
Combustor Duct Pressure |94 577 209 131
Integral
Fuel Jet Momentum 0 0 19 12
Skin Friction -56 -344 -67 -42
Total Internal Thrust 16.3 100 159 100

The breakdown of the fractions of the force components in Table 5.3
shows the relative importance of the various force components. The
calculated internal thrust for the no fuel case is small in magnitude compared
to the force components that compose it. Recall that the exterior forces and
the inlet drag have been neglected, so that the positive internal thrust for the
no fuel case does not imply that a scramjet can produce thrust without fuel.
For both cases the largest positive term is the combustor duct pressure
integral. The ramp base pressure increase due to combustion nearly cancels
out the pressure integral upstream of the ramp base. The skin friction
represents a large loss (42 % of the total combustor thrust). While the fuel jet
momentum represents about 12 % of the thrust.

The pressure integrals for the combustor duct are compared to the
experimental values in Table 5.4. The experimental values are the average of
4 tests with ¢ =0.7+ 0.09. The experimental and computational values agree
within the uncertainty of the experimental values. This result was expected
considering the agreement between the calculated and experimental
pressures (see Fig. 5.27 and 5.28).

Table 5.4 Comparison of the Calculated and Experimental Pressure
Integrals (N) in the Combustor Duct.

No Fuel . ¢=0.7
Experimental 765145 1695195
Computational 752 1672
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5.7 Heat Transfer Calculations
5.7.1 Method

The heat transfer was computed for the swept-compression ramp for
both the no fuel, and the reacting flow case. The heat transfer was computed
directly from the temperature gradient at the wall. The thermal conductivity
was evaluated by using the specific heat, viscosity, and the definition of the

Prandtl number.

In order to reduce the amount of time required to solve for the large
scale characteristics of the complex reacting flowfield, the grid spacing for the
upstream grid was large enough that the first node from the wall was outside
the laminar sublayer (z+ > 10 for the first node). Therefore, it was expected
that errors would exist in the calculated heat flux due to the grid spacing.
Further reductions in the grid size would have allowed better resolution of
the flow near the wall, but would have been prohibitively expensive to run.
Although some error is expected due to grid spacing, the results of the heat
flux calculations for the upstream grid are examined below to provide
qualitative insight into the variation of the wall heat flux and the effect of the
flowfield on the heat flux.

In the second section of the combustor, the combustor geometry and
the flowfield were much simpler than that in the first section. This allowed
the node spacing in the axial and spanwise locations to be increased. The
node spacing in the transverse direction was decreased in an effort to better
resolve the boundary layer flow. Also, the boundary layer thickness was
greater in the second section of the combustor. Therefore, the boundary layer
was resolved better in the second section of the combustor and the calculated
heat fluxes are expected to be closer to the actual heat fluxes than those for
the first section of the combustor.

The imposed wall temperatures used for the CFD calculations are
temperatures shown in Fig. 5.36. Recall that the wall temperatures were set
at a constant 670 K for the first section of the combustor (x/G < 6.3). In the
second section of the combustor (x/G > 6.3) a linear fit of the experimentally
determined wall temperatures was used for the calculations. The actual wall
temperatures in the second section of the combustor were less than 670 K for
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the no fuel case and the opposite wall of the combustor in the reacting case.
The curve fit of the injector wall of the combustor resulted in a higher
temperature (=820 K) at the start of grid 2. In hindsight, it is thought that
the estimated temperature used for the calculations in the first section of the

combustor was lower than the actual wall temperatures.
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Figure 5.36 Wall Temperatures Used in the CFD Calculations.

5.7.2 Calculated Heat Transfer Results

The results for the no fuel case are shown in Fig. 5.37 and 5.38.
Downstream of x/G = 1.5, the calculated heat flux varies little in the spanwise
location. The heat flux plots show that the maximum heat flux on the
injector wall is located downstream of the line where the reflected shock hit
the top wall of the combustor. Similar increases in the heat flux due to the
interaction of the shock waves with the flowfield near the wall can be
observed at locations where the ramp shock reflected off of the walls.
Localized axial oscillations in the heat flux occurred near the reflections of
the shock waves with the wall. The oscillation was most severe at the shock
reflection at x/G = 7.2. It is thought that this problem can be alleviated by
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improving the axial resolution of the grid, and lowering the grid aspect ratio
(axial spacing/transverse spacing) in this area.

As the solution was passed from the upstream grid to the downstream
grid (Fig. 5.37 to 5.38), the calculated heat flux increased. The increase of the
heat transfer at the start of the second grid was caused by two effects. The
first is the wall temperature drop between the first and second grids. The
second reason is that a finer grid was used near the wall in the second section
of the combustor to improve the heat transfer prediction. It is thought that
the heat flux is under-predicted in the upstream portion of the combustor due

to the coarser grid.

The heat flux plots for the reacting case are shown in Fig. 5.39 and
5.40. As expected from the plots of the flowfield variables, the calculated heat
fluxes were higher on the injector wall than they were on the opposite wall.
The highest heat fluxes are calculated to be at approximately x/G = 1.8 and
y/G = 0.1. Referring to Fig. 5.17 and 5.19, which show the OH mass fraction,
and static temperature, it can be seen that the flame front, and thus the
highest temperature is closest to the wall at this location. At locations
further downstream, the pocket of oxygen between the flame and the wall
was totally consumed so that the closest approach of the flame front to the
wall is at the outer edge of the fuel jet near the interstice. This is reflected in
the heat transfer contours in the region downstream of x/G > 5 that had
higher heat fluxes at the interstice centerline than at the injector centerline.

The relative increase of the heat flux between the first and second
sections of the combustor was less along the injector wall than for the
opposite wall. However, recall that the wall temperature used for the
calculations increased between the first and second sections of the injector
wall. Thus, although the heat flux prediction increased due to grid
refinement, the increase in the heat flux is less than it was for the opposite
wall because of the decrease in the temperature difference.

The adiabatic wall temperature and the film coefficients were
calculated from the numerical flow field solutions for the interstice and
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injector centerlines. The adiabatic wall temperature, Taw, was calculated

U2
from the following expression: Taw = T(H’ r Z_C—J (5-5)
p
where U is the velocity vector, and the recovery factor, r, was set equal to

(Pr)1/3. For the constant turbulent Prandtl number (0.9) used here the

recovery factor was 0.966. Selecting the edge of the thermal boundary layer
was a challenge because of the complex nature of the flow field. Therefore, at
selected points along the wall, the velocity and temperature profiles were
examined to find the edge of the thermal boundary layer, and equation 5-5
was used to determine the adiabatic wall temperature.

The calculated adiabatic wall temperatures along the interstice and
injector centerlines are shown in Fig. 5.41. The wall opposite of the injectors
was not effected by the combustion products due to the lack of penetration,
resulting in a nearly constant adiabatic wall temperature of approximately
1880 K. In contrast, Taw along the injector wall varied greatly because of the
proximity of the burning fuel jets to the outer edge of the boundary layer.
Along the interstice centerline Taw increased dramatically between x/G = 3
and x/G = 5 due to the close approach of the combusting fuel jet to the wall.
Further downstream, T aw was nearly constant. Along the fuel jet axis, the
adiabatic wall temperature increased downstream of x/G = 1.4, due to the
close approach of the burning fuel jet to the wall. The maximum adiabatic
wall temperature along the injector centerline occurred at x/G = 2, and then
decreased because of flame quenching near the wall. Along the injector
centerline for x/G > 4, the flow near the wall consisted of fuel rich combustion
products that were heated by reaction and turbulent diffusion along the rest
of the combustor.
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Figure 5.41 Calculated Adiabatic Wall Temperatures Along With the
Imposed Wall Temperature for the Reacting Flow Case.

The film coefficient calculated from the definition of the film
9
Taw - Tw
interstice centerlines, on both walls of the combustor. In the first section of
the combustor the film coefficient decreased at approximately the same rate

coefficient, h= , is shown in Fig. 5.42 along the fuel injector, and

along the interstice centerline on the injector wall, and the opposite wall.
The film coefficient on the injector centerline on the injector wall increased
between x/G = 2 and x/G = 2.6. It is thought that the reason for the increase
in the film coefficient in this region is the higher thermal conductivity at the
wall, which was largely due to the high thermal conductivity of hydrogen at
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the wall. Note that Fig. 5.15 showed that there was little hydrogen at the
wall along the injector centerline at x/G = 1.5, in contrast, directly
downstream at x/G = 3, the gas at the wall was approximately 40 % hydrogen
by volume. A finer grid near the wall was used for x/G > 6.3. As shown in the
computed contour plots for the heat flux, the heat flux increased between grid
1 and grid 2. Thus, the computed film coefficient also increased at the
boundary between the two grids. Therefore, the computed film coefficient in
the first section of the grid was expected to be lower than the actual film
coefficient due to the coarse grid, while the film coefficient for the second grid
1s expected to be closer to the actual film coefficient. In the second section of
the combustor, the film coefficient was within a #10 % band along the four

centerlines.
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Figure 5.42 The Film Coefficient for the Reacting Flow Case (¢ = 0.7)
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The wall heat fluxes along the fuel jet, and interstice centerlines are
shown in Fig. 5.43 and 5.44 for the injector wall and the opposite wall
respectively. Recall that the wall heat flux is the product of the film
coefficient and the difference between the adiabatic wall temperature and the
wall temperature. Referring to Fig. 5.42 - 5.43 it is seen that over most of the
injector side of the combustor the heat flux was highest where the wall
temperature difference was the highest. At the end of the first grid, the flux
was higher along the interstice centerline because of the higher temperature
difference, even though the film coefficient was higher along the injector
centerline. In the second section of the combustor, the difference in the heat
fluxes was clearly due to the larger adiabatic wall temperature at the
interstice centerline.
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Figure 5.43 Calculated Heat Flux Along the Injector Wall (¢ = 0.7).
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Figure 5.44 Calculated Heat Flux Along the Opposite Wall.

5.7.3 Comparison of Calculated and Experimental Heat Fluxes

The wall heat transfer measurements for the no fuel case are shown in
Fig. 5.45, and 5.46. In the first section of the combustor (/G < 6.2) the heat
flux was severely under-predicted by the calculations. In the downstream
section of the combustor, the calculated heat fluxes are much closer to the
experimental values. Along the injector wall the calculations are within the
uncertainty of the heat flux measurements for some of the measurements.

The calculated heat transfer measurements with fuel injection are
compared to the experimental measurements in Fig. 5.47, and 5.48 for the
injector and opposite walls of the combustor, respectively. As expected, the
calculated heat transfer was much less than the experimentally determined
heat transfer in the upstream region. However, the trends of the calculated
and experimental heat fluxes are the same. In the downstream section of the
combustor the calculated heat fluxes are close at most of the gage locations.
At the interface between the two grids the relative increase of the heat flux in
the calculations was less than that for the opposite wall. However, recall that
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the wall temperature increased at the interface between the two grids, thus
lowering the temperature difference between the flow and the wall. As
shown in Fig. 5.48, along the injector wall the heat transfer was under
predicted by a factor of 4 in the first section of the combustor. The calculated
heat transfer along the interstice was greater along the interstice centerline
than the injector centerline. At x/G = 7 the heat flux was calculated to be 50
% higher at the interstice centerline than it was at the injector centerline. A
large difference was not seen between the heat flux at the interstice and
injector centerlines in the experiments. It is thought that the lateral
penetration of the fuel could have been greater than that predicted by the
calculations, resulting in consumption of the oxygen near the wall at the
interstice, and a reaction zone which lifted off of the wall. Note that a wider
fuel plume is also consistent with the Mie scattering images.
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Figure 5.45 Comparison of the Computed and Measured Heat Fluxes Along
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Figure 5.47 Comparison of the Computed and Measured Heat Fluxes Along
the Injector Wall (¢ =0.7).
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the Wall Opposite of the Injectors (¢ = 0.7).
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5.8 Expansion Ramp Results From Other Studies
5.8.1 Reacting Flow Case

As part of the joint investigation of the reacting flow fields downstream
of swept-ramp fuel injectors calculations of the reacting flow field
downstream of the expansion-ramp injectors were attempted by Eklund.[107]
Figure 5.49 shows the temperature contours along the jet centerline from this
effort. The contour plots are shown at different phases of the calculation.
Early in the calculation, autoignition occurred in the boundary layer at the
jet centerline and interstice centerline. In the second temperature profile
shown in Fig. 5.49 the ignition point moved further upstream to x/G = 3,
which is just downstream of the location where ignition occurred in the
experimental case. As the calculation continued, the flame front moved
forward and eventually anchored near the fuel injectors. Parabolized Navier-
Stokes calculations at Mach 2 performed by Davis!63] also showed
flameholding in the nearfield of the injectors. Recall that in the experimental
tests of the expansion ramps autoignition did not occur, and piloting was
required to initiate combustion. Also, in the experimental case, flameholding
occurred far downstream of the ramps. Thus, the calculated flowfield did not

resemble the experimental case.

The challenge of modeling the reacting flowfield is more difficult for
the expansion-ramp case than it was for the autoigniting compression ramp
case. In the experimental case the flame was established near the injectors
until the pilot was turned off. After the pilot was turned off, the flamefront
moved downstream into the expanding combustor duct. This sequence of
events leading to the establishment of flameholding in the experimental case
can not be realistically modeled in the steady calculations made with the
SPARK code. Recall that the calculations for this study were made using a
local time step. Time accurate calculations could provide new insight on the
sequence of events leading up to establishment of the flame in the duct.
However, the required use of global time steps would result in prohibitively
large amounts of computer time, because the size of the time step would be
limited by the smallest grid spacing. '
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Fig. 5.49 Temperature (K) Contour Plots Along the Interstice Centerline for Expansion Ramp.
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5.8.2 Non-Reacting Mixing Case

Calculations of the mixing without reaction in the expansion ramp
combustor were performed by Eklund et al.[1071 Figure 5.50 shows the
mixing efficiency for the swept-compression and the swept-expansion ramp
injectors at an equivalence ratio of 1. The mixing efficiency was greater for
the swept-compression ramp than it was for the swept-expansion ramp.
Other calculations by Davisl63] show that the vorticity generated by the
swept expansion ramp was lower than that for the swept-compression ramp.
The passage of the oblique shock downstream of the ramps further increased
the vorticity further, and thus increased the mixing rate, however the overall
- mixing efficiency was lower for the swept expansion ramp. In addition, the
injector for the swept-expansion ramp was located further from the opposite
wall so that penetration was inhibited. For the combustor geometry used in
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for ¢ = 1 (from Eklund et al.107),
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the present study, combustor geometry used in the present study, the centers
of the expansion-ramp fuel injectors were located 40 % farther from the
opposite wall than the compression ramp injectors were.

Considering the above discussion of the non-reacting mixing efficiency,
the expansion-ramp would be expected to perform much worse than swept-
compression ramp. However, recall from the experiments that the swept-
expansion ramps clearly outperformed the swept-compression ramp injectors.
Recall that for the swept-compression ramp injectors the mixing efficiency
was lower for the reacting case than it was for the non-reacting case. In the
experimental tests with the compression ramp, a diffusion flame extended
from the injectors along the length of the combustor. In contrast, combustion
did not occur in the near field of the swept expansion ramp, allowing the fuel
and air to premix before combustion began. Once combustion began in the
expansion-ramp model, it occurred rapidly because of the premixing that had
occurred between the fuel and airstream.
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Chapter 6

Summary and Conclusions

A combined experimental and computational study of two different
swept-ramp injector configurations was conducted. The objectives of the
study were to determine the effect of mixing augmentation, resulting from
the streamwise vortices generated by injector ramps, on scramjet engine
operation characteristics, combustion, and heat transfer. In the experiments,
hydrogen was injected from the base of swept compression and swept
expansion ramps at a Mach number of 1.7. The direct-connect tests
simulating flight at approximately Mach 6.6 had the following inflow
conditions: M = 2.63, TT =1940 K, and P = 1 atm.

The experimental effort included combustor wall pressure and heat
flux measurements for the two injector configurations. Measurements of the
heat flux were made by both cooled Gardon gages and surface thermocouples.
A unique side-view laser light sheet technique was developed and used to
obtain qualitative images of the combustion products at selected planes in the
closed combustor downstream of the swept compression ramp injectors. In
addition, a miniature refractory probe was developed to determine the pitot
pressure at the exit of the combustor.

Three-dimensional computations were made for mixing and reacting
cases of the swept-compression ramp injector using the SPARK computer
code. The flow field calculations were compared to the experimentally
determined values of wall pressure, heat flux, pitot pressure, and Mie

scattering flow visualization.

The following conclusions can be drawn as a result of the investigation:

1. The experimental tests demonstrated combustor performance with
parallel injection comparable to that reported using normal injection. This
unusually rapid parallel jet mixing and combustion was obtained using
swept-compression ramp injectors with near-parallel injection. Although the
calculated mixing efficiency for the non-reacting flow was greater for the

swept-compression ramp injector design than for the swept-expansion ramp
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injector, combustor performance was even better for the expansion ramp
injectors. Once combustion began in the expansion-ramp model, it occurred
rapidly because of the additional premixing that had occurred between the
fuel and airstream. With this configuration, most of the combustion occurred
within six gap lengths downstream of the injectors. This rapid heat release
demonstrated that for the test conditions used in this study the combustor
could be shortened by forcing the fuel and air to premix before ignition.

2. The flowfield structure was altered significantly by the effects of the
combustion heat release. The detrimental effect of combustion on the mixing
and resultant effects on the performance was demonstrated by the numerical
calculations performed for the swept compression ramp injectors at the test
conditions used in this study. The heat release associated with combustion
was shown to reduce the longitudinal vorticity. Further evidence for the
decrease in mixing with combustion was shown by comparing the combustor
performance, which was determined experimentally by pressure integrals, for

the two injector configurations.

3. The experiments and calculations showed that the injectors were
effective in promoting lateral spreading of the fuel jets. The incomplete
penetration of the fuel jets in the direction normal to the walls was a major
limiting factor in the amount of mixing that could occur for both
configurations. In addition the proximity of the burning shear layer to the
injector wall led to increased heat transfer on the injector wall.

4. The reacting flow field downstream of the two types of swept ramp
injectors led to large heat fluxes. However, the effect of the flow structure on
the heat flux was not principally through a large increase in the film
coefficient caused by the vortical flow. It was instead due to the proximity of
the reacting fuel jet to the wall, which led to high adiabatic wall
temperatures near the wall.

In addition to the conclusions, the following observations were made as

a result of the investigation:

1. Auto-ignition occurred during tests of the swept-compression ramp

combustor. Auto-ignition did not occur during tests of the swept expansion
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injector configurations. Thus, a silane/hydrogen pilot was necessary to

initiate combustion.

2. The ramps were effective isolators in that combustion occurred
downstream of the injectors with little upstream propagation of the pressure

rise due to combustion.

3. Pressure distributions and calculated combustion efficiencies showed that
the fuel began to react immediately downstream of the swept-compression
ramp injectors and a diffusion flame occurred along the combustor length. In
contrast, for the swept expansion ramp combustor, pressure distributions and
calculated combustion efficiencies showed that the fuel did not begin to react
for a distance of at least two gap lengths downstream of the injectors. The
length of this ignition delay region decreased as ¢ increased.

4. The calculated combustion efficiency did not increase for ¢ > 1 for either
injector configuration, suggesting that the mixing was limited by the
penetration of the fuel across the combustor. Mie-scattered images obtained
for the swept-compression ramp configuration confirmed that incomplete fuel

penetration occurred.

5. Combustor pressure integrals for the combustor duct were approximately
the same for both injector configurations, while the nozzle pressure integral
was greater for the swept expansion ramp injector because of the larger
combustor exit pressure. The difference in the nozzle pressure integral was
responsible for the better performance of the swept expansion ramp injector.

6. Severe heat fluxes (up to 9 MW/m2) were measured along the injector
wall of both combustors. In contrast, the heat flux was much less on the

opposite wall.

7. The highest heat transfer in the swept compression ramp occurred
downstream of the region of maximum pressure at the same location
(x/G=2.6) for all equivalence ratios.

8. The location of the maximum measured heat transfer in the expansion
ramp combustor was further downstream (3.4 < x/G < 4.34) and followed the
movement of the flame front as the equivalence ratio varied. In addition, the
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maximum heat transfer in the expansion ramp combustor occurred close to

the maximum pressure.

9. Large differences were observed between the flow structure in the
turbulent and laminar mixing calculations. In the laminar mixing case,
complete transverse penetration of the fuel jet occurred by x/G = 6. In
contrast, penetration was much less for the turbulent case, but the lateral
spreading was much greater. Since complete transverse penetration did not
occur in the experimental reacting case, laminar calculations were thought to

be inadequate.

10. The calculated mixing and combustion efficiencies were within 5 % for
the reacting flow. Thus, combustion was mixing limited.

11. Comparison with the measured and calculated pressures in the near
field of the injectors showed that the calculations had under-predicted the
measured pressures. Agreement between the experimental and calculated
pressures was good in the far field.

12. Comparison of the calculated water product mass fraction and the Mie
scattering showed that the prediction of the fuel penetration was good.

13. The calculated and experimental pitot pressures were within 15 % of
each other.

14. The heat flux was severely under predicted by the calculations in the
first section of the combustor due to inadequate grid resolution. In the
second section of the combustor, where the grid resolution was better, the
calculated heat fluxes were closer to the measured heat fluxes. Agreement
was best along the opposite wall of the combustor. On the injector side, the
calculations predicted that the heat flux was higher at the interstice
centerline than it was at the injector centerline. However, in the region
downstream of x/G = 7, large differences were not seen between the heat flux
at the interstice and injector centerlines in the experimental measurements.
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Chapter 7
Recommendations

This chapter is divided into two sections. The first section consists of
recommendations for further experimental studies. The second section
consists of recommendations for improvements in the experimental and

computational procedures used in the research.

7.1 Recommendations for Future Studies

The results of the present study show that while the injectors are
effective in promoting combustion, performance can be improved.

Suggestions for further improvements are presented in the following section.

The results of this study show that the failure of the fuel jet to lift off
the wall and penetrate completely across the flow was a major limiting factor
for the mixing. In addition to reduced mixing rates, the proximity of the
burning shear layer to the injector wall increased the wall heat transfer on
the injector wall. Future work should focus on increasing the transverse
penetration of the fuel. One approach suggested by cold flow studies is the
use of non-axisymetric fuel injector nozzles. In particular, a tapered-slot
nozzle with a horizontal throat showed increased penetration in cold-flow
tests(140l,  Another option suggested by a study with unswept ramp
injectors (65! is to use normal or angled wall injectors downstream of the ramp
injectors to increase the longitudinal vorticity. It is also thought that further
improvements are possible through ramp geometry modifications (height,
ramp, angle, sweep angle, and spacing). However, the losses for a given
injection scheme need to be carefully considered.

The effect of combustion has been shown computationally in this
dissertation to reduce the mixing efficiency in the ramp injectors considered
in this study. It is thought that the required combustor length could be
shortened considerably by controlling where combustion occurs in a
configuration with an ignition delay. Therefore, it is suggested that the
degree of mixing which occurs before combustion should be studied in the
swept-expansion ramp combustor. By controlling where combustion is
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initiated along the combustor (possibly by a plasma torch or shock-induced
combustion), the amount of mixing which occurs upstream of the flame front
can be varied. Thus, the tradeoff between the degree of premixing required to
produce rapid combustion and the added length of combustor required to
premix the fuel and air could be studied.

Little is known about the effects of combustion on slot film and
transpiration cooling. Since it is thought that the adverse pressure gradients
associated with heat release may destroy the film, slot film cooling should be
first attempted in regions with a favorable pressure gradient. Since the
maximum heat fluxes for the swept compression ramp do occur in a favorable
pressure gradient, it is recommended that slot film cooling should be explored
first in the swept compression ramp combustor, and compared with
transpiration cooling. For the expansion ramp it is recommended that
transpiration film cooling should be studied, because the location of heat
release was a strong function of ¢, and the maximum heat transfer occurred
in an adverse pressure gradient, which could have adverse effects on the

integrity of the film from a slot injector.

7.2 Recommendations For Improvements of Experimental
and Computational Techniques

Although the Gardon gages used in this study produced a direct
measurement of the heat flux, interpretation of the gage output was not
always straight forward as evidenced by the discussion in Appendix C. For
low conductivity materials, such as steel, the heat flux can be calculated from
the transient wall temperature history, provided that accurate measurements
of the wall temperature are made. Unfortunately, the surface thermocouples
used for this investigation often failed. The rate of thermocouple failure was
much greater in the hot, low conductivity section of the combustor. It is
recommended that more reliable methods of wall temperature measurement
be explored. Suggested methods include better surface thermocouples with
insulation designed for use at higher surface temperatures. Other surface
temperature measurement techniques such as fluorescence, and infrared
imaging offer the promise of planar measurement, but require further
development of optical access. In particular, optical access for infrared
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surface temperature measurements is difficult because hygroscopic infrared
window materials are incompatible with the humid combustor environment.
Another alternative is the high frequency heat flux microsensor developed by
VATELL.[80]

The side view Mie scattering technique developed for this research was
successful in obtaining qualitative images of the water product. However
there is room for improvement in the technique. It is recommended that a
linear reticon camera be added to the bottom of the combustor to normalize
the images for the variation of the incident light intensity. Another
improvement would be the replacement of the camera scanner, mirror, and
CCD camera by a single linear reticon camera. This would allow faster
scanning which would result in more images for a given test time, and would
also eliminate the vertical striations in the raw images. Further
improvements in the understanding of the silica particle size distribution are
needed for quantitative interpretation of the Mie scattering results.
However, the effort required to obtain the information on the silica particles
can be greater than that required to apply quantitative spectroscopic
techniques (degenerate four wave mixing, CARS, PLIF, absorption, and
emission measurements, ect.) to the flow field instead. In general the
information obtained by spectroscopic techniques would be of greater value
but were not attempted because of the optical access requirements.

The refractory pitot probe developed for this study showed that
refractory probes show promise of instream pitot pressure measurements
with much smaller probes than those which were used in previous
experiments. In addition, the refractory probe did not introduce cooling
water into the flowfield. Oxidation is a major limiting factor in the
application of refractory probes to continuos testing. It is recommended that
probes should be constructed out of refractory materials coated with oxidation
resistant coatings for future tests. Possible material combinations are
rhenium coated with iridium and Mo-Si9Q.

The results from about 40 % of the experimental tests were neglected
because the combustor inlet conditions (temperature, pressure, and oxygen
fraction) were not close enough to the target conditions. In addition, the
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uncertainty analysis, presented in Appendix A, showed that the uncertainty
associated with the heater mass flow rates (measured by ASME standard
orifices) caused larger uncertainties in the oxygen fraction, total temperature,
and equivalence ratio, which were dependent on the mass flows. It is
recommended that the orifices be replaced by choked venturis, which have an
uncalibrated uncertainty of 1 % with a small total pressure loss (=10 % of
PT). An additional advantage of the choked venturi is that the differential
pressure transducers could be eliminated. Major improvements in the
number of "good" tests obtained from the direct connect supersonic combustor
test facility would be possible with the addition of automatic controls and fast
acting valves to the heater supply lines.

The development of a method to directly measure of the thrust in the
direct connect combustor is desirable for two reasons. The first reason is that
thrust is a direct measurement of the performance. The second reason is that
the difference between the thrust and the pressure integral in a duct section
is the integrated skin friction. Initial efforts using strain gages inside the
flange bolts to measure the thrust have shown limited success.[102] Tt is
recommended that this technique be extended to include separate
measurements on sections of the combustor and nozzle, in order to measure
both the thrust and the total skin friction from the sections of the
combustor/nozzle.

Computationally, improvement in the grid resolution, and the
turbulence model is desirable. Also, a major limitation for the computations
was the large amount of computer time that was required for a reacting flow
calculation (up to 350 cpu-hr on the CRAY-2 computer). The slow solution
convergence can be speeded up by using multigrid algorithms employed in
recently developed Navier-Stokes codes.
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Appendix A

Uncertainty Analysis For The Facility and
Combustor Wall Measurements

A.1 Introduction

The uncertainty analysis of the facility conditions and the heat flux
measurements is presented in this section. The method of Kline and
McClintock[118] was used to express the desired uncertainty in terms of the
individual measured uncertainties. In this method, if the measurement of a
variable, x, is dependent on the measurement of independent variables,
X1,X9,..., Xn, Which have uncertainties (wq,wo, ... , wp) specified to the same
confidence, then the total uncertainty, wy, given with the same confidence can

be expressed as follows:

2 2 27/2
w, = Q(—w + —ix—w +eeet ﬁ)iw (A-1)
X 3)(1 1 3X2 2 9Xn n
For the uncertainty analysis presented here the confidence interval
was chosen as two standard deviations.

Because all measurements (facility and data) were made with a
computer based data acquisition system, the uncertainty associated with the
data acquisition system are discussed first. Then the uncertainty of the
tunnel conditions ( total temperature, total pressure, oxygen content) will be
discussed, followed by a discussion of the uncertainty in the combustor wall
temperature and pressure measurements and the pitot pressure
measurements. The uncertainty in the heat flux measurements is discussed
in detail in Appendix C.

A.2 Uncertainty in the Data Acquisition System
A modified Neff 620200 data acquisition system was used during the

experiments. The specifications for this modified system are given below:
Resolution = 14 bits (13 bits + 1 sign bit)
Full scale data ranges (FS) =*4, 8,16,32,64, or 128 mV
(software selectable on each channel)
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Static accuracy = 0.02% FS * 2uV
Gain Stability = 0.002 % FS/ °C

Zero Stability = *1uV/°C
Total Noise = [ ((N7A)2 + (N9)2 )V2 /A
Where N1 = 1puVv
N2 =2500 pVv
A =10.24 V/FS
The data system underwent an auto-calibration each time it was
turned on. The data system was kept in the air conditioned environment of
the test cell control room, so that the maximum variation in its temperature
was limited to + 5 K. Therefore, the components of the uncertainty,
expressed as a percent of full scale, caused by the above effects can be

calculated as follows:

Resolution uncertainty = wy = 1/(2+13)x 100 % = 0.012 %

Gain stability = wgg = 0.002 % FS/°C x5 °C=0.01%

Zero stability = w5 = (0.5 pV/°Cx 5 °C/FS) x 100 % = ( 5pV/ FS) x 100 %
Static accuracy = wsa = 0.02 % + (2 uV/ FS) x 100 %

Noise = wp = ( noise/ FS ) x 100 %

The components of the uncertainty were calculated and are tabulated

in Table A.1 along with the total normalized uncertainty of the data system,

wds, which was calculated from the following equation:

Wys = [w,2 +w§,S +w§s +w§a +w§ ]1’2 (A-2)

Table A.1 Components of the Data System Uncertainty.

Range Wr Wes Was Wsa Wn Wds
mV % FS % FS % FS % FS % FS %FS
4 0.012 0.01 0.025 0.070 0.035 0.08

8 0.012 0.01 0.013 0.045 0.027 0.06
16 0.012 0.01 0.006 0.033 0.025 0.04
32 0.012 0.01 0.003 0.026 0.024 0.04
64 0.012 0.01 0.002 0.023 0.024 0.04
128 0.012 0.01 0.001 0.022 0.024 0.04
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A.3 Facility Conditions

The purpose of this section is twofold. First, to provide an uncertainty
analysis of the facility parameters relevant to the investigation. Also,
because no uncertainty analysis has been published for this facility in the
past, the second purpose of this section is to present the detailed methodology
of the uncertainty analysis as a tool for future investigations. For
convenience the final results of the uncertainty analysis is summarized at the
end of this section in Table A.6. Because the other facility parameters are
dependent on the mass flow rates, the uncertainty in the mass flow rates is

calculated first.

A.3.1 Uncertainty in the Mass Flow Rates

All of the flow rates were measured by ASME-standard flange tap
orifices. The pressure drop across the orifices was small enough that the
mass flow rates can be calculated by equation A-3 from reference 119.

2
rh=D2| pA =—DTR| B$-£ (A-3)

Where p = Density of the gas upstream of the orifice
P = Pressure upstream of orifice
D = Actual inside pipe diameter
d = Orifice diameter
I = Principal meter constant = f{d/D,D)
AP = Pressure drop across the orifice

R = Ideal gas constant

The percentage uncertainty of the flow rates for each gas can be

calculated from the following equation:

2 2 2 2 272
Wi _ (m) +(2ﬂj +(ﬂp_j +(m) +(ﬂl) (A-4)
m I D 2P 2AP 2T
In order to evaluate the uncertainty in the mass flow measurements,

the individual component uncertainties are calculated for each gas in the

sections below.
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A.3.1.1 Orifice Uncertainty

As shown in equation A-4, there are two contributions to the total
uncertainty of the mass flow that depend on the geometry of the orifice/pipe
installation; uncertainty in the meter constant, I, and uncertainty in the
inside pipe diameter, D. The meter constant, I, which is tabulated in
reference 119, is a function of D, and B (B = d/D). The uncertainty of I is listed
in reference 119 for known orifice/pipe diameters. Since I changes with the
ratio B, and there is uncertainty in B, the uncertainty of I was calculated from

5 12
the following equation: w; = [wﬁ— + (%J Wg} (A-5)
Where: wit = value of uncertainty of I given in reference 119.
wp = uncertainty in the ratio p = d/D.

The orifice diameters were all measured to within * 0.13 mm.
Seamless carbon steel pipe was used for the heater gas flows. The
uncertainty of the inside pipe diameters was assumed to be + 0.76 mm. The
calculated percentage uncertainties are given in Table A.2 shown below. Also
tabulated is the percentage uncertainty in I which was calculated by the
methods outlined in reference 119.

Table A.2 Orifice Diameters and Resultant Uncertainties.

Gas D (mm) d (mm) I WD % wI %
Air 102.3 41.2 35.419 0.075 1.8
Ho 52.5 13.1 13.440 1.45 34
0)) 77.9 20.8 15.3581 0.98 2.5
H9 (Fuel) 40.9 14.8 28.513 19 3.7

A.3.1.2 Inlet Gas Temperatures

The inlet gas temperatures for the heater and fuel systems were all
measured with standard type T thermocouples mounted upstream of the
orifice plate. The uncertainties were due to the assumed uncertainty for type
T thermocouples and the uncertainties in the data system. The uncertainty
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for the measurement of a typical inlet condition of 300 K is calculated in the

1/2
2
following equation: Wy = [(g_;l'/_ w dsj + wtzc} (A-5)

Uncertainty in the data system (8 mV Range) = w4s = £0.0048 mV
Thermocouple uncertainty = wic = +1.0 K

-1
Thermocouple sensitivity = (%j =0.0409mV /K

Substituting the values listed above shows that the percentage
uncertainty in temperature measurement at 300 K equals 0.28 % of the

measurement

A.3.1.3 Uncertainty in Pressure and Differential Pressure
Measurements

The pressure transducers which were used to measure the upstream
pressures in the flow lines, as well as the transducer which measured heater
total pressure, were all regularly calibrated with a dead weight tester which
was traceable to NIST and is linear within 0.1 %. The error due to the
calibration procedure itself was less than 0.20 % for all pressure calibrations.
The differential pressure calibrations were accomplished with a Mensor gage
which had an accepted uncertainty of 0.04 % of the full scale range of 207 kPa
(30 psid). The total uncertainty in the pressure measurements, wp, can be
calculated by the following equation:

1/2

P Y
Wp {(a‘v%] +(Weg))? +(Wps ) +(wy)? (A-6)
Where Weal = calibration uncertainty

Wps = uncertainty in the pressure standard
wt = transducer uncertainty

wp = the total uncertainty in the pressure measurement.

The components of the uncertainty as well as the total uncertainty for
each of the pressure measurements are shown in Table A.3.
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Table A.3 Uncertainties in the Pressure Measurements.

Pressure | Datarange| wds | Sensitivity Wi Weal Wps Wp
mV mV kPa/mV kPa kPa kPa | kPa

Air P 16 0.006 344.9 17.9 827 | 4.14 | 20.0
Air AP 16 0.006 2.52 0.121 | 0.069 | 0.083 | 0.165
Ho P 16 0.006 347.7 17.9 827 | 4.14 | 20.0
Hy AP 32 0.012 3.15 0.241 | 0.138 | 0.083 | 0.290
02 P 16 0.006 347.7 17.9 827 | 4.14 | 20.0
02 AP 32 0.012 3.43 0.241 | 0.138 | 0.083 | 0.290
Ho Fuel P 16 0.006 461.7 24.1 827 | 4.14 | 25,5
H2 Fuel AP 16 0.006 3.81 0.834 | 0.138 | 0.083 | 0.200
PTotal 16 0.006 230.2 8.62 5.52 | 2.76 | 11.0

A.3.1.4 Total Mass Flow Uncertainty

The total uncertainty in the mass flow measurements was calculated
by equation A-4 using the component uncertainties developed in the sections
above. The uncertainty for the facility mass flows (also shown) at the set
condition of TT = 1944 K (3500 R), Pt = 2.79 MPa, (405 psi), oxygen fraction =

20.95 % are presented in Table A .4.

Table A.4 Percentage Uncertainties of Facility Mass Flows.

Gas Mass Flow % Uncertainty
(kg/s)
Air 2.75 2.4
02 1.0 3.2
Heater H9 0.082 4.4
Model H2 | (¢ dependent) 5.3

Note that the uncertainty in the determination of the mass flows is
dominated by the first two terms in equation A-4. In fact, the contribution to
the uncertainty of the other terms is negligible compared to the first two
terms for the two hydrogen flow rates. Much of this uncertainty could be
removed by an in-situ calibration of the orifices. However, this was not
attempted due to the large mass flow rates. Another alternative, which
would improve the mass flow measurement uncertainty, is a choked venturi.
An additional advantage of a choked venturi is that it eliminates the
requirement of differential pressure transducer.
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A.3.2 Uncertainty of the Vitiated Heater Total Temperature.

No direct measurement was made of the total temperature of the
vitiated air exiting the heater. Instead, the total temperature was calculated
from measurements of the heater total pressure, the area of the facility
nozzle, and the mass rates of hydrogen, oxygen, and air to the heater.
Initially, two different total temperatures are calculated; one based on the
adiabatic flame temperature of the hydrogen/oxygen/air mixture in the
heater, and the total temperature based on the total mass flow in the heater,
the throat area of the facility nozzle, and the total pressure in the heater. A
lengthy iteration procedure, which is discussed in detail in reference 120, was
used account for the effects of heat loss to the heater walls to obtain the total
temperature. This iteration procedure was coded into the data acquisition
software and the total temperatures was calculated for each data cycle.

The total temperature uncertainty was calculated from the following
r q1/2

2
oT 2W2 T 2 o [T | 2 .
9A) AT 9P ) TP amg, | e

2 2
OT 1 w2 o[ 9T | 2
arh,.,z M, 8rha,-, Mar

As discussed above, an iteration procedure was used to calculate the

equation: wy = (A-7)

-

total temperature from the measured variables. The partial derivatives in
equation A-7 were each calculated from the computer code which was used to
calculate the total temperature. First, ideal values of the mass flows, throat
area, and total pressure which produce the correct oxygen content and total
temperature were selected. Then, while maintaining four of the independent
variables constant at the 'ideal' values, the other independent variable was
adjusted to determine the effect of that variable on the total temperature.
Figure A.1 shows the curves developed by this procedure. The ordinate is the
calculated total temperature corresponding to the fraction of the ideal value
of the variable (shown on the abscissa) which is being adjusted. The partial
derivatives were calculated from the slopes of the curves which were close to
linear for each of the curves over the range of variation of the independent

variables.
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Figure A.1 The Effect of the Variation of the Independent Variables on the
Calculated Facility Total Temperature.

The partial derivatives of temperature with respect to the independent
variables are given along with the uncertainty of the individual variables in
Table A.5.
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Table A.5 The Uncertainty Components for the Total Temperature

Independent Partial Uncertainty of Component of
Variable Derivative Variable Uncertainty (K)

Throat Area 2.26 K/mm 2 11.6 mm2 26
Pressure 1.31 K/kPa 11.0 kPa 14

H2 Flow rate 3200 K/kg/s 0.00036 kg/s 12

02 Flow rate 916 K/kg/s 0.032 kg/s 29

Air Flow rate 915 K/kg/s 0.066 kg/s 60

The component uncertainties were summed as in equation A-7, and
the uncertainty in the calculated total temperature was determined to be +74
K at the heater total temperature of 1944 K.

A.3.3 Oxygen Volume Fraction
The chemical balance for the heater mass flows is shown in the
¥(0.20950, +0.7905N5 ) + xHy + 20,5 —

A-8
0.7905yNy, + xHoO +(0.2095y +z~0.5%)0, (A4-8)

following equation:

Where : y = Air flow rate (ideal rate = 0.0950 kg-mol/s)
x = Hg flow rate (ideal rate = 0.0407 kg-mol/s)
z = Og flow rate (ideal rate = 0.0312 kg-mol/s)

The heater was designed to obtain complete combustion of the
hydrogen. The hydrogen in the heater is injected from multiple injectors in
the presence of pure oxygen. Also, the heater is operated fuel lean; for this
investigation ¢ = 0.398 in the heater. Therefore, combustion is considered to
be complete in the heater. With this assumption, the volume fraction of
oxygen in the vitiate gases is a function only of the three mass flows into the

heater, and is expressed by the following equation:
(0.2095y +z-0.5x)
%0, = A-9
°Y2 (0.5x+y+2) (&9

The uncertainty in the volume fraction of oxygen can be calculated by
equation A-10.
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2 o 1/2
1 (0.6048y + z)=wy, +(0.6048x -
(A-10)

Wo =
%0, " (0.5x+y+2) o.7905z)2wf,+(x+o.7905y)2w§

The individual uncertainties (wx, wy, and wz) used in equation A-10
were calculated from the percent uncertainty of the mass flows which were
calculated earlier. At the ideal operating point of the heater, assuming
complete combustion of the hydrogen, the uncertainty of the calculated value
of the volume fraction of oxygen is £0.0092. Therefore, the percent oxygen at
the ideal operating point of the heater is 20.9530.92 %.

A.3.4 Fuel/Air Equivalence Ratio
The fuel/air equivalence ratio for the combustor model is defined by the
m
FA ___ 1 H, (A-11)
F, Astoic F; Astoic mOz

following equation: ¢ =

which is expressed in terms of molar flow rates to the heater and the model in

Y (A-12)
(0.419y +2z - x)

Where: v = Combustor Hg flow rate (moles/s)
x,y,z = Vitiated heater Ho, air, and Og flow rates (moles/s)

the following equation: ¢ =

The uncertainty in the equivalence ratio can then be calculated from
the following equation:

1/2
[(0.419y+22 - x)2 wf + vz(wi + 0.1756w§ + 4Wz )]

(A-13)
4 (0.419y + 27 - x)°

The percentage uncertainty of ¢ from equation A-13 is 7.0 % at all

values of ¢.
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A.3.5 Summary of the Facility Measurement Uncertainty

The results of the uncertainty analysis of the facility parameters is

summarized in Table A.6.

Table A.6 Summary of the Facility Measurements

Measurement Ideal Value | Uncertainty % Uncertainty
Total Temperature 1944 K +74 K +3.8%
Total Pressure 2.79 MPa +0.011 MPa +0.395 %
Oxygen Fraction 0.2095 +0.0093 4.4 %
) 0.5 10.035 7.0 %
o 0.75 +0.053 7.0 %
o 10 +0.070 7.0 %
o 1.25 +0.088 7.0 %

A.4 Uncertainty of Combustor Wall Measurements

A.4.1 Uncertainty of Combustor Wall Pressure Measurements
Combustor wall pressures were measured with an Electronically
Scanned Pressure (ESP system 780-B) measurement system built by
Pressure Science Incorporated. The range of pressures measured along the
combustor walls was accommodated by using modules with two full scale
differential pressure measurement ranges: 310 kPa, and 517 kPa. The static
error ban, wge, of the modules is + 0.1 % of full scale. The ESP modules were
auto-calibrated at the start of each series of test runs and the uncertainty of

the pressure measurement due to calibration and quantatization errors in the
A/D, wqc, is 0.2 % of full scale.

Pressure taps in the model walls were connected to the ESP
measurement modules in the test cell by approximately 1.3 m of Tygon
tubing. The temperature variation in the test cell was typically up to+ 15 K
during a series of tests. This temperature change causes a change in the
sensitivity, and the zero shift of the modules. This effect could be removed by
recalibrating between tests. However, the time required to recalibrate was
too long to be practical and the uncertainty due to temperature change was
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tolerated. The uncertainty in the sensitivity and the zero shift were each
0.036 % of the full scale pressure per degree K. Therefore, the components of
the overall pressure measurement uncertainty due to thermal sensitivity and
thermal zero shift (wis and w,g) were each 0.54 % of full scale.

The total uncertainty of the pressure measurement is calculated in
1/2
2

equation A-14: wp = ( 2 rwl rwiy + Wgc) (A-14)

The uncertainty of pressure calculated form equation A-14 is +0.80 %
of the full scale pressure. Therefore, the uncertainty is + 2.5 kPa (+0.36 psi)
for the 310 kPa pressure range and * 4.1 kPa (£0.60 psi) for the 517 kPa
pressure range.

A.4.2 Uncertainty of the Wall Temperature Measurements

Wall temperature measurements were made with standard type K
thermocouples. Assuming that the thermocouple is at the surface, the
uncertainty is the combination of the quantatization error of the data system
and the calibration uncertainty of the thermocouple.

The standard calibration uncertainty for type K thermocouples is 0.75
% of the temperature, and the quantatization uncertainty for type K
thermocouples on the 64 mV scale was + 0.64 K. Therefore the total
uncertainty of the wall temperature is expressed as :

wor = [i0.75+ 0.54}%

A.5 Uncertainty of the Pitot Pressure Measurements

The uncertainty in the measured pitot pressure profiles comes from
two sources: the uncertainty in pressure measurement and the uncertainty in
the position measurement. Both the pressure and position signal were
measured using a 12 bit A/D card. The uncertainty components of the pitot
pressure are listed below:

Uncertainty of pressure standard = + 0.45 kPa

Non-linearity = 0.00061x689.47 Pa = +0.42 kPa

Hysteresis = 0.00046 x 689.47 Pa = +0.32 kPa

Data quantatization =+ 1.4 kPa
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Thermal zero shift =+ 7.1 kPa

Thermal sensitivity shift = + 5.0 kPa

Summing the components above gives an uncertainty of + 8.8 kPa in
the pitot pressure measurement which is 0.3 % of the vitiated heater total

pressure with the heater fully on.

The uncertainty components for the probe position are listed below:

Uncertainty of initial position =+ 1Imm
Uncertainty due to data quantatization = *+ 0.248 mm
Power supply drift =+ 1.3 mm

The resultant total uncertainty for the position measurement was + 1.6 mm
or +0.02 gap lengths.
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Appendix B

Conversion of Surface Temperature History
to Heat Flux

Most of the previous research which used the conversion of surface
temperature to heat transfer has been associated with short run time
facilities (shock tubes) and used assumptions of constant thermal properties,
and a semi-infinite solid. With these assumptions, the methods of Vidall121]
or Cook and Felderman [122] can be used to determine the heat flux. Kidd[123]
shows that the time which a wall of thickness, 1, and conductivity, k, can be

considered semi-infinite can be determined from the following
2

relationship: ¢ < !
3.2k

]. Therefore for the 1/2 inch thick walls used in the

combustor, the wall can be considered semi-infinite for 13 and 4 seconds for
the stainless steel and carbon steel walls, respectively. For the case of longer
run times the semi-infinite assumption is not valid. Therefore other methods

must be employed to extract the heat flux from the surface temperature.

Kidd [123] used a finite-difference method which does not assume semi-
infinite walls to determine the wall heat transfer from surface thermocouple
measurements. A similar approach was used for this study. The
development and validation of this code for a case with temperature-

dependent thermal properties will be presented in the sections below.

B.1 Code Development

The non-linear, heat conduction problem with temperature-dependent
thermal properties is shown in equation B-1.
d(,dT oT
— =pC — B-1)
8x( J P™ ot (

ox

Over a large temperature range, the density, specific heat, and the
thermal conductivity are functions of temperature, which make equation B-1
nonlinear. The one-dimensional heat conduction equation was rewritten in
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the following form which neglects the variation of thermal conductivity with
x, but allows k, C, and p to vary with temperature.

°T oT
2 __sc I B-2
k ox? p ot (B-2)

Equation B-2 was then written in the common implicit finite-difference
form which is shown in equation B-3 and corresponds to the grid

representation shown in Fig. B.1

C); Ax?
Ki-1Tin—J§1 +(Ki- +Ki+1)Trn+1 +Ki+1T;1+.:1 = ___(p z)\It (T;m - T:n) (B-3)

n+1

i -1 [ i +1

Figure B.1 Computational Grid for Finite-Difference Code

In equation B-3 the superscript is used to denote increments of time
and the subscripts are used to denote spatial increments. For simplicity
constant Ax and At were used for the finite difference grid. The thermal
properties were curve-fitted to account for variation with temperature. The
terms Kj+]1 represent an effective conductivity between node i1 and the
adjacent nodes. As suggested by Patankar(124] the thermal resistance was
used to determine the effective thermal conductivity between two nodes.

Therefore, the terms Ki+1 can be determined by equation B-4:
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_ 2kiki+1

Considering equation B-3 again, the thermal conductivity terms are
multiplied by the temperatures at time n+1, while the density and the
specific heat are multiplied by the temperature at both times n and n+1.
Therefore, the effective thermal conductivity was evaluated at the
temperatures at time n+1 and the product of density and specific heat is
evaluated at times n and n+1 and then averaged. In equation B-3 the
thermal properties used in the calculation of the temperatures at time n+1
are dependent on the temperature at time n+1. Therefore, equation B-3 was
solved using the properties at time n first. Then the estimate of temperature
at time n+1 was used to update the thermal properties and allow a second
determination the temperature at time n+1. This process was repeated four
more times at each time step. Experience obtained while developing the code
has shown that, by the last iteration, the calculated temperatures at time n+1
are the same as that calculated in the preceding iteration.

The boundary conditions used for the code were a specified internal
wall temperature (from the surface thermocouple measurement) and an
insulated outer wall. The outer wall was not actually insulated in this study,
but, for the materials and run times used in this study, the amount of heat
transfer from the outer wall during the test was insignificant.

The result of solving equation B-3 is the determination of the
temperature distribution across the wall as a function of time. To properly
determine the heat transfer, the entire temperature history up to the test
point of interest was required. After obtaining the temperature distribution,
the heat transfer can be calculated from equation (B-5):

N pCAx (Tg+1 —T(’)’)

B-
5 . (B-5)

KO n+1 n+1
=20 (i _ T
q : (To 1)

where T is the measured internal wall temperature. The first term in the
equation B-5 is due to the temperature gradient in the metal and the second
term is due to thermal capacity of the wall material. As the grid spacing
decreases the second term decreases compared to the first term. For the grid
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spacing used during this study the contribution of the second term was less
than one percent of the total wall heat transfer.

Several equally spaced grids were tried and a spacing of 50 nodes over
the 12.7 mm wall was selected. With this spacing the determination of the
heat flux was rapid. Typically less than one-half second on the Convex C-2
vector computer at NASA was required per thermocouple for a ten second
test.

B.2 Code Validation

After creating the finite difference code it was necessary to determine
how well it models the heat flux. An analytical solution of the non-linear
problem of heat transfer with temperature-dependent thermal properties was
used to validate the finite difference code. First the analytical closed-form
solution was used to determine the surface temperature history caused by a
known heat flux. Then this surface temperature history was used as the
input temperature history to the finite difference heat conduction code. The
calculated heat flux was then compared to the known heat flux which was
used as an input to the analytical solution.

The equation for the one-dimensional heat conduction problem with
temperature-dependent thermal properties was shown in equation B-1. Ifk,
p, or C vary as a function of temperature then equation B-1 is non-linear.
The Kirchhoff transformation(125] was used to linearize equation B-1 for the
variation of the conductivity with temperature. The Kirchhoff transformation
is shown in equation B-6.

U= jTT k—l((o”—)dn (B-6)
Further details of the Kirchhoff Transformation can be found in

reference 126.

A test case for the validation was designed with the properties of the
Kirchhoff transformation in mind. The problem was that of one-dimensional
conduction with one side adiabatic and a constant flux (4.54 MW/m2) to the
other side. A hypothetical material with thermal properties which varied
linearly with temperature as shown in equations B-7 to B-9 was used to allow
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variation of the thermal conductivity and specific heat while maintaining
constant a.

k=ko(1+BD (B-7)

C=Co(1+BD (B-8)

p = constant (B-9)

The coefficients kg, Co, and p in equation B-7 and B-8 were chosen to
represent the properties of stainless steel at room temperature. The only
thing that is artificial about the 'material' used for the validation is that the
same linear dependence with temperature was used for both the conductivity
and specific heat. In general the variation with temperature of the

conductivity and specific heat are not the same.

After applying the Kirchoff transformation to the boundary conditions
they become:

ko gLXJ qO atx=1 (B’].O)
aU - = -
05 = 0 atx=0 (B-11)

where qg is the spec1ﬁed heat flux.

The solution for the heated surface temperature is given in equations

Wlot (1 221 _an’r?t/L?
B-12 and B-13: S ) s B | O B-12
an U ko[L + [3 ﬂ2n§£n26 ( )
U=(T—T0)+—§(TQ—T§) (B-13)

The wall temperature calculated from the analytical solution is shown
in Fig. B.2. This temperature trace was sampled at 20 Hz and 5 Hz and was
used as the boundary condition for the finite difference code. The
numerically calculated heat fluxes are also plotted in Fig. B.2. After an
initial 12 % overshoot, the calculated values of the heat flux quickly settled to
the known input flux. The heat flux calculated from the 20 Hz temperature
trace settles faster than that calculated from the 5 Hz data trace. However,
even at the 5 Hz data rate, which was the experimental data rate, the finite
difference code adequately models the problem of transient conduction with
temperature-dependent thermal properties, if the heat flux is relatively
steady with time.
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Figure B.2 Validation of the Finite-Difference Code.

B.3 Conversion of Wall Temperature From the Heat Flux

A modified version of the code was used to calculate the wall
temperature corresponding to a known surface heat flux. The modified code
used a known heat flux history flux as the boundary condition at the internal
wall surface instead of the fixed temperature boundary condition.

B.4 Uncertainty Sources in the Hot Wall Heat Flux

The results of the test case presented above show that the heat flux
can be accurately predicted at times greater than four data cycles after the
start of a large transient. If the region near a transient is avoided, the errors
due to the code are negligible. The major term in the heat flux calculation
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(equation B-5) is g = @(Tg+1 —T1n+1) thus, the only sources of uncertainty

are the temperature measurement and thermal conductivity. The thermal
properties for the steel were found from handbooks and had an uncertainty of
* 5%.

The uncertainty of the temperature measurement was determined in

Appendix A, and had a total uncertainty of T = {J_ro.75+ 0'64}%. The first

term of the temperature is the bias uncertainty of the thermocouple caused
by calibration. The effect of the bias uncertainty is a constant shift of the
temperature vs. time curve. In other words the temperature is within a £
0.75 % band. Thus the bias term of temperature measurement causes a small
error in the thermal properties. However, the uncertainty in the thermal
properties is much larger than this term, so that it can be neglected in
comparison. The second term in the temperature uncertainty is due to the
quantatization uncertainty which is random, and oscillates between positive
and negative values. Furthermore, the magnitude of this term decreased as
the temperature difference between the surface and the first node increased.

An examination of the temperature difference of the surface
temperature and the first node for several of the tests showed that the
magnitude of the temperature difference was about 20 K, at four data cycles
after the fuel on transient. Thus the uncertainty of the heat flux due to the
temperature uncertainty was =(0.64/20) or + 3 % of the heat flux.

The total uncertainty of the hot wall heat flux is the RMS sum of the
uncertainty due to the conductivity and the temperatures and is + 5.8 % of
the heat flux.
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Appendix C

Uncertainty Analysis and Installation Effects
in the Use of Gardon Heat Flux Gages

The uncertainty in the direct heat flux measurements performed
during this study is due to several sources. The first source is the
uncertainty in the calibration of the sensor itself. The second source is due to
quantatization errors in the data acquisition system. The third source is a
nonlinearity effect which occurs at high gage temperatures due to the
departure of the gage from idealized behavior. The fourth source is due to
wall temperature mismatch effects. Each of the effects will be discussed in
the sections below.

C.1 Gage Calibration

Direct calibrations of Gardon gages in a convective flow have been
performed by Borrel and Diller(127] at flux levels which were three orders of
magnitude less than those encountered during this study. The calibration
method used at higher fluxes is not a direct calibration with a known
convective heat flux since there are presently no national standards for
convection heat transfer. Instead a radiation calibration was performed by
the manufacturer. The heat flux gages were calibrated by comparing the
output of the gages with the output of a secondary standard when exposed to
the same radiant heat source.[128] The secondary standard was calibrated
using a dual blackbody cavity method[129] and was found to have an
uncertainty of + 3 % of the reading.

The standard deviation of the heat flux for the no fuel cases,
normalized by the average heat flux at each gage location was examined to
access the gage repeatability and drift. The tunnel conditions for the tests
are tabulated in Appendix E. The facility total temperature and pressure are
ideally the same for each test. If the gages are repeatable with little drift in
the sensitivity, the wall heat flux should be the same for the same tunnel
conditions. Differences between the tunnel conditions are due to the
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uncertainty of the measured facility conditions and the difference between

the indicated and the target tunnel conditions.

The normalized standard deviation of the no fuel heat flux was less
than 4 % for all gages, and less than 2.5 % for most of the gages. Table E.3 in
Appendix E shows that the standard deviation of the measured total
temperature, and pressure for the heater were 2.6%, and 0.9%, respectively,
of the average values. For the expansion ramp combustor, the normalized
standard deviation of the heat flux with no fuel was less than 3% for all

gages.

Considering the uncertainty of the indicated pressure and temperature
(Appendix A) as well as the deviation of the measured tunnel conditions from
the target conditions, the standard deviation of the gages is acceptable. In
other words, the gages are as repeatable as the facility. In addition, no trend
in the flux with no fuel vs. time was observed, indicating that there was little

drift in the gage calibration.

C.2 Data Quantatization Uncertainty

The average sensitivity of the gages, was 0.57 MW/m2/mV. The heat
fluxes were measured using the 16 mV full scale range of the amplifiers
which had an uncertainty of + 0.0064 mV. Therefore, the uncertainty in the
heat flux measurement due to the A/D system was only + 0.0037 MW/m?2.
Thus, the error due to quantatization is negligible for most of the

measurements.

C.3 Non-Idealized Gage Behavior
In Chapter Three (section 3.3.1) the following form was derived for the

sensitivity of the gage at low (Te <470 K) gage temperatures:

AEMF [ 1+B(T.+T, )]
S= - A c’'e (C-1)
q [1+Y(Tc+Te)

where A’, B, and y are constants, and f=7y. Thus, at low temperatures the
sensitivity is temperature-independent. However, the derivation leading to
this equation neglects two effects; conduction by the center wire, and the
third order terms of the thermoelectric potential.
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Clayton [130] proposed the following form of correction to account for

center-wire conduction:
CF =1/(1+Ck,, / K) (C-2)

where C is a constant, and kw/k is the ratio of the wire to the foil
conductivity. Including the center wire correction term and the third-order
term in the thermoelectric potential, the expression for the gage sensitivity
can be expressed as:
AEMF _| a1(Te —Te)+ap(T5 -Té)+a3(T-T3) | 1

C-3
q Ak,(1+0.5a(Tc+Te))(Te —Te) 1+C£,‘(”— (C-3)

S=

To investigate the effects of center wire conduction and the third order
thermoelectric potential term, the sensitivity calculated by equation C-3 was
plotted vs. foil edge temperature in Fig. C.1. The center-wire conduction
constant was set to 0.025 as suggested by Clayton[130], The set of curves
plotted in Fig. C.1 were plotted for the theoretical maximum temperature
difference between the center and edge (260 K) as well as 1/2 and 1/4 of this
temperature difference.

Figure C.1 shows that the sensitivity is a function of both the foil
temperature gradient (or flux) and the foil edge temperature. At low
temperatures (T <420 K), the gage sensitivity is within 2 % of the sensitivity
at the 300 K edge temperature. As the edge temperature increases, the
sensitivity decreases. The sensitivity decreases most rapidly with edge
temperature for the high heat flux case. This is expected because the higher
heat flux leads to higher temperatures at the center of the foil which causes a
larger contribution from the third order term in the thermoelectric potential,
in addition to an increase due to the center-wire effect (see equation C-3).

It should be noted that a change of the sensitivity with the edge
temperature was not expected at the start of this research. The only other
known report of this effect is the investigation by Clayton[130], Other
researchers have apparently neglected this effect.
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FigureC.1 Sensitivity of Gardon Gage as a Function of the Foil Edge
Temperature and the Difference Between the Foil Edge and Foil

Center (Sensitivity at 300 K = 1).

A correction factor can be calculated if the temperature at the edge of
the foil is measured in addition to the indicated flux. The measured heat flux

from the gage is calculated by :

AEMF
= C-4
Imeas = g7 _a00K) =
While the actual heat flux can be expressed as:
AEMF
= (C-5)
S(Te)

Thus, while the actual sensitivity depends on the edge temperature, the
assumed sensitivity is that with an ambient edge temperature. A correction
to the indicated flux is formed by dividing equation (C-5) by (C-4):
(S(T¢ = 300K))
= C-6
( S (Te )) Qmeas ( )
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where the numerator and denominator of (C-6) are calculated from equation
(C-3).

Half of the heat flux gages used in this study had an auxiliary
thermocouple on the edge of the foil. For these gages, the sensitivity
correction factor, calculated from equation (C-6), was determined for each
gage for all of the test points in this investigation. The foil edge temperatures
and the sensitivity correction factor are plotted vs. the measured heat flux.
In general, the edge temperature increases as the heat flux increases. The
scatter in the temperature vs. flux curve is largely due to the fact that the
results for 14 different gages, each with different cooling effectiveness
because of different cooling line lengths (thus different pressure drops, and
flow rates) are shown. Note that up to 16 gages (including other
instrumentation) were attached to the same cooling water manifolds which
were at common line pressure. Although no measurements of the cooling
water flow rates through the gages were attempted, variations were expected.

The effect of the edge temperature variation on the sensitivity
correction factor is also shown in Fig. C.2. At measured heat fluxes below 3
MW/m2, the sensitivity is within 2% of the assumed sensitivity. As the heat
flux increases the sensitivity factor increases to an observed maximum of +12
%. Therefore, at the highest edge temperature the actual measured flux
could be up to +12 % higher than the measured flux. Note that the scatter in
the correction factor also increased with the measured flux.

Half of the gages which were used did not include auxiliary
thermocouples. The only differences between the two types of gages (other
than the absence of the auxiliary thermocouple) is the foil diameter, which is
half the size for the gages with no auxiliary thermocouples. Therefore, the
relationship of the edge temperature to the applied flux is expected to be the
same for both types of gages, so that the sensitivity correction factor for the
gages without an auxiliary thermocouple would be close to the band of factors
shown in Fig. C.2 at the same flux levels.
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A piecewise curve fit of the correction factor in Fig. C.3 gives the
following expression for the uncertainty due to temperature sensitivity of the

gage:

Flux Range Correction Factor
0-3 MW/m2 [-0.93+0.45q|% +1%
3-8 MW/m2 [-4.4+1.8q]% 2%

where q is the measured heat flux in MW/m?2.

Since only half of the gages had an edge temperature measurement, a
method was needed to correct the sensitivity of the gages with no
thermocouples. It was assumed that the relationship between the sensitivity
correction factor established above could be used for all of the gages
(including those without thermocouples) if the possible random error was
increased by a factor of two. Therefore, the effects of gage sensitivity change
with temperature were split into a bias correction term and a random
uncertainty term as shown below:

Flux Range Bias Correction Random Uncertainty
0-3 MW/m2 [-0.93+0.45q]% +2%
3-8 MW/m?2 [4.4+1.89]% +4%

Therefore, all of the gages were corrected for the bias part of the
sensitivity factor listed above, and were assumed to have a random
uncertainty equal to that listed.

C.4 Temperature Mismatch Effects
C.4.1 Background

A cooled Gardon gage installed in a hot wall creates a disturbance in
the wall temperature profile as shown in Fig. C.3. The temperature drops in
a step between the hot wall and the cooled copper gage body. Note that in the
gages used for this research the gage body diameter was 4-8 times the
sensing foil diameter. The temperature rises parabolically between the edge
of the foil and the center of the foil. Depending on the magnitudes of the heat
flux and the temperature mismatch between the uncooled wall and the edge
of the gage foil, the temperature at the center of the foil can be higher or
lower than the uncooled wall temperature upstream of the gage.
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Figure C.3 Wall Temperature Disturbance Due to Installation of a Cooled
Gardon Gage in an Uncooled Wall.

It is expected that the heat flux measured by a cooled gage in an
uncooled wall is higher than the heat flux to the uncooled wall upstream of it.

Recall that the convective heat transfer to a wall can be expressed as:

where h is the film coefficient, Tr is the recovery temperature, and Tw is the
wall temperature. Thus, the temperature discontinuity along the wall affects
the heat transfer in two ways. First, an obvious increase in the heat flux
occurs due to the increase in the difference between the recovery and wall
temperatures. Second, it is expected that the film coefficient will change due

to the temperature discontinuity.

The temperature-mismatch problem has been studied in the past.
Many of the studies have focused on the problem of the change in the film
coefficient caused by a single step change in the wall temperature profile.
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Rubesin(131] studied the problem of heat transfer to a wall with a step
change temperature. The flow conditions considered were an incompressible,
constant property, flat plate boundary layer, with a 1/7 power velocity
boundary layer. Rubesin used a linear superposition of solutions to model the
step change in temperature. Although the magnitude of one of the terms in
his corrections was later proved to be erroneous!132!, Rubesin showed that the
film coefficient at the center of a non-isothermal wall plug differed from that
for an isothermal wall. In particular, he showed that the film coefficient
increased when a step change in temperature increased the temperature
difference between the wall and the fluid. Conversely, when the step change
in wall temperature decreased the temperature difference between the fluid
and the wall, the film coefficient dropped.

Contil133] experimentally studied the problem of heat transfer from a
Mach 2 boundary layer to a wall with a stepwise temperature change. He
found that a superposition of solutions could be used to model the change in
heat transfer which was due to the change in the film coefficient with the
wall temperature distribution.

Simultaneous measurements of skin friction and heat flux were
conducted by Paik[137] in a Mach 2 boundary layer flow. The gage was
actively heated to study the effect of temperature mismatch. Large changes
in both the Stanton number and skin friction coefficient were observed as the

temperature mismatch between the gage and the wall increased.

Woodruff et al.[134] presented an analysis of the change in the film
coefficient caused by the temperature profile along an uncooled wall with a
Gardon gage installed in it. The temperature profile along the wall is similar
to the one shown in Fig. C.3. The authors considered the effect of the
temperature disturbance for both laminar and turbulent flat plate boundary
layers. The correction for the film coefficient was of the form:

L=1+H1[TU-Te:l+H2|:TC_Te:| (C-8)

Piso T -T¢ Tr-T¢
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where: h is the average film coefficient at the gage surface
hjso is the film coefficient for an isothermal wall
Tr is the recovery temperature
Tu is the undisturbed wall temperature
Te and T¢ are the edge and center temperatures of the foil

In equation C-8, the second term is a correction due to the drop of
temperature between the wall and the gage, and the third term is due to the
increase in the foil temperature from the edge to the center of the foil. The
factors H1 and HQ are functions of the radius of the foil and the distance of
the foil from the start of the boundary layer. The term Hj is always positive
and the term H2 is always negative. For the case of heat transfer from a hot
fluid to a cold gage the terms in parenthesis are positive. Therefore, the
effect of the drop in temperature at the gage surface is to increase the film
coefficient while the increase of the foil temperature from the edge to the
center decreases the film coefficient as previously shown by Rubesin.[131]

Researchers have used correction factors such as equation C-8 to
correct their data for gage-wall temperature mismatch effects in simple well-
characterized flows.[135] However, one must view such correction procedures
with caution since the development of such relations require that
assumptions (boundary layer on a flat plate) must be made about the flow
over the gage and the wall. The major limitation in the application of
corrections factors such as that in equation C-8 is described by Neuman et
al.[136] in a review of past instrumentation of hypersonic vehicles:

"Thus, the project engineers were forced to try to analytically correct for the
resulting non-isothermal wall modification to the heat flux. To do this, they
used the aeroheating model that they were attempting to verify with their

measurements."”

Therefore, unless the flow field is known a priori the effects of the
temperature mismatch on the film coefficient cannot be calculated.
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C.4.2 Observed Temperature Mismatch Effects

Since the flowfield in a scramjet combustor is not simple, correction
factors for the film coefficient were not calculated. Instead, temperature
mismatch effects were examined by two methods. First, by directly
comparing the hot and cold wall heat fluxes at axial locations where there
were both functioning surface thermocouples and cooled heat flux gages in
symmetrical locations about the centerline of the combustor. This is possible
in the second half of the combustor where the carbon-steel eroding
thermocouples functioned as desired. The second method was to examine the
change in the flux measured by the gage as the temperature mismatch
between the cooled gage surface (measured by the auxiliary thermocouple)
and the hot wall increased. In the first half of the combustor, which was
machined out of stainless steel, the surface thermocouples failed. Therefore,
an estimate was made of the hot wall temperature by using the measured
cold wall heat flux as an input to a finite difference code (see Appendix B) and
calculating the wall temperature. Since the cold wall heat flux was higher
than the hot wall flux, this estimate of the hot wall temperature was higher

than the actual wall temperature.

Figure C.4 shows a comparison of the cold wall heat flux (measured by
a Gardon gage) and the hot wall heat flux (calculated from the wall
temperature history) during a typical run with the swept compression ramps.
The measurements were at x/G = 8.43, which is in the second half of the
combustor where the wall material is carbon steel. The heat flux gage and
the thermocouple were mounted at the same axial location, and were in line
with the two center fuel jets which are symmetric about the centerline of the
combustor. The temperatures of the hot wall and the edge of the foil are also
shown along with the equivalence ratio.

As expected, the tunnel wall was hotter than the cooled heat flux
sensor edge through the entire test. Before the fuel was turned on, the hot
wall heat flux was lower than the cold wall heat flux. During the fuel-on
transient, the hot wall flux was initially slightly higher than the cold wall
flux. Recall from the discussion of the program in Appendix B that the
calculated hot wall flux overshoots the actual heat flux for the first few data
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cycles near a transient. As the wall temperature increased, the hot wall heat
flux decreased by about 20 % during the fuel-on portion of the test. If the test
time were longer the wall temperature would continually increase, further
lowering the heat flux. The edge temperature of the cooled heat flux gage
also increased during the test but at a much slower rate than the combustor
wall. Thus, the temperature mismatch between the edge of the gage and the
combustor wall increased with time. The calculated adiabatic wall

temperature at this location was 2150 K, resulting in a temperature
mismatch at the start of the fuel on period of about AT/Taw =7% and AT/T aw

= 15 % at end of the test. At the same time the temperature of the edge
increased slightly so that AT decreased by 2 %. However, in contrast to the
hot wall heat flux, the cold wall heat flux was relatively steady during the
fuel on period, increasing rather than decreasing by less than 5% during the
test. It is thought that the change in the cold wall flux was mainly due to an
increase in the film coefficient.

In the first half of the combustor, which was constructed of stainless
steel, the temperature mismatch is more severe because of the higher heat
fluxes and the lower thermal conductivity of the walls. Therefore, there is a
larger difference between the measured cold wall heat flux and the hot wall
heat flux.

Figure C.5 shows the measured cold wall heat flux and edge
temperature for a gage installed in the stainless steel wall at x/G = 4. The
hot wall temperature, which was calculated by using the measured cold wall
heat flux as the input to the finite difference code, is also shown. Since the
cold-wall flux is used, the calculated hot wall temperature is an over-
estimate. However, the temperature trace is illustrative of the high
combustor temperatures which are reached in the combustor and lead to
severe temperature mismatch between the gage edge and the hot wall. Note
that the measured cold wall heat flux changed little as the temperature
mismatch between the gage and the wall increased.

233



10007 —+=— Hot Wall Temperature __5
- | —a— Foil Edge Temperature Wall Heat Flux
Temperature [ 1 (Mw/m?)
(K) - | —a— Cold Wall Heat Flux 1

—— Hot Wall Heat Flux

800

600

400

200}

0 llJJLI‘ljlglllllJll

4 5 6 7
Time (s)

Figure C.4 Comparison of Hot Wall and Cold Wall Heat Fluxes and
Temperatures During a Typical Test (Swept-Compression

Ramp, ¢ = 0.74, x/G = 8.43, Injector Centerline, T 3w = 2150 K).
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Figure C.5 Comparison of the Calculated Hot Wall Temperature and the
Gage Temperature in the Stainless Steel Portion of the Combustor

(Swept-Compression Ramp, ¢ = 0.74, x/G = 4, Interstice
Centerline, Taw = 2750 K).

Figure C.6 shows the cold wall fluxes for the same test at several axial
locations along the combustor. The change in the measured heat flux is less
than *+ 5% for each of the gages while the fuel is on. Further examination of
the all of the measured cold wall heat fluxes for each of the tests also showed
that the measured cold wall heat flux changed less than + 5% during the fuel-
on period. The output of some of the gages decreased while the output of
others increased with time during the fuel on period.
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Figure C.6 Cold Wall Fluxes at Several Axial Locations in the Combustor
Wall ( Swept-Compression Ramp, ¢ = 0.74).

In summary, the difference between the measured cold wall heat flux
and the hot wall heat flux is large, and continually increases as a result of the
continuously increasing temperature difference between the gage and wall
during a test. Differences of up to 25 % have been observed between the hot
and cold wall heat fluxes in the carbon steel portion of the combustor. For
the stainless steel section of the combustor, the difference is expected to be
larger. However, the examination of the cold wall heat fluxes showed that
little change occurred in the cold wall heat flux during the fuel on period,
even though the magnitude of the temperature drop between the hot wall the
gage increased appreciably. Therefore, the uncertainty in the cold wall heat
flux uncertainty associated with the selection of the data cycle (and thus
temperature mismatch) during a test at which data was extracted was less
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than + 5%. Note that for many of the tests the change of the heat flux was
less than 5 % during the fuel on period, so that £ 5 % is the maximum

observed difference during tests.

C.5 Summary of Heat Transfer Measurement Uncertainty

The uncertainty of the hot wall heat flux, which is the heat flux to the
uncooled wall, discussed in Appendix B, was less than + 5.8 %.

The cold wall flux, is the heat flux to a cooled gage which has a surface
temperature of 300-700 K. The cold wall heat flux uncertainties were

discussed above and are summarized below:

Calibration uncertainty =+ 3 %

Data quantatization = + 0.0035 MW/m2
Temperature mismatch effects < + 5 %

Gage sensitivity correction: Flux Range Correction Factor
0-3 MW/m2 +2%
3-8 MW/m 2 +4 %

The summation of the uncertainty terms by the method discussed in
Appendix A gives an uncertainty of + 6.6 % for fluxes less than 3 MW/m2, and
+ 7.1 % for fluxes larger than 3 MW/m2.

In the heat flux results presented in Chapter 4 both hot wall and cold
wall heat fluxes are plotted.
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Appendix D
Pitot Probe Stress and Heat Transfer Analysis

A brief summary of the design calculations for the pitot pressure probe

is presented in the sections below:

D.1 Stress Analysis
The assumed conditions at the exit of the combustor were: P=83 kPa,
M=1.8, TT= 2700 K, and y= 1.28.

The force per length on a cylinder in a cross-flow can be calculated as

F 1 2 CDD 2
ws: — =CpD| — ==2LP=(vPM D-1
follows Cp ( pU j (}' ) (D-1)

The drag coefficient, CD, for a cylinder at Mach 1.8 is given in
reference 138 as 1.35. Substituting the values into D-1 gives: F/L = 3.0 N/mm

A free body diagram of the probe support is shown in Fig. D.1.

where x1 = 100 mm, x2 = 126 mm, Xmax = 183 mm. Solving this statically
indeterminate problem by singularity functions gives the following for the
bearing reaction forces and the moment at the center of the support:

R1=214N
R2 =423
Mmax=50 N-m.

The maximum normal stress, 6, in the tube occurs at the center of the

tube and was calculated from equation D-2.

ML,E‘"C (D-2)
where Mmax, I is the moment of inertia, and r is the radius of the probe.

=
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Figure D.1 The Free Body Diagram for the Probe Support

The inner and outer diameters of the tube are 10.3 mm, and 12.7 mm,
respectively. The normal stress due to aerodynamic loading can be calculated
by substituting the maximum moment and the moment of inertia into D.2.
Thus, ¢ = 44 MPa, which is much less than the yield strength of stainless

steel at 800 K (214 MPa).
D.2 Heat Transfer Analysis

The conservative assumption was made that the entire probe support
circumference was exposed to the stagnation point heating. The problem of
stagnation point heating was analyzed using the method of van Driest.[101]
The heat flux to the probe was assumed to be steady-state (no transient
conduction effects). Therefore, the heat flux at the inside wall was calculated
by the ratio of the diameters and the heat flux to the outer wall:

Awi = Z—quo (D-3)
i
The calculated stagnation point and inside wall heat fluxes for assumed

outside wall temperatures are given in Table D.1.
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Table D.1 The Stagnation Point and Inside Wall Heat Fluxes for

the Probe Support Tube.
Temperature qwo qwi
(K) (MW/m2) (MW/m2)
333 2.95 3.63
555 2.61 3.22
778 2.37 2.93

The temperature gradient across the tube wall was calculated as follows:

AT = (D-4)

and: Uy=—7—— (D-5)

To provide a starting point for the design the internal wall
temperature was set at 420 K. The outside wall temperature and the heat
flux at the internal wall corresponding to the assumed inside wall
temperature were calculated by iterating between equation D-4 and the
fluxes in Table D.1. The resultant outside temperature and internal wall
heat flux were found to be 615 K, and 3.1 MW/m2, respectively.

The convection at the internal wall was calculated assuming turbulent
flow through an annulus and water at an assumed temperature of 305 K.
The inside and outside diameters of the annulus were 7.9 mm, and 10.3 mm,
respectively. The velocity of the water was set at 12 m/s. Correlations for the
Nusselt number for turbulent flow through a circular annulus are given in
reference 139 in the following form:

Nu = f[ﬂe,Pr,%ﬂ (D-6)

For the assumed velocity and water properties the film coefficient, h, was
calculated to be 0.045 MW/mZ2K. Therefore, the inside wall temperature
required at the internal wall was calculated from Newton's law of cooling:

Twi= 4T, (D-7)

The internal wall temperature required to convect the internal wall heat flux
(at an estimated internal wall temperature of 420 K) away was calculated to
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be 370 K which was slightly lower than the assumed inside wall temperature.
To provide an added margin of safety, it was decided to increase the water
pressure at the exit of the probe support to 1.4 MPa, thus increasing the
boiling point of the water to 468 K. This increases the maximum
temperature difference between the wall and the fluid without boiling by a
factor of over 2.5. Therefore, the estimates of stagnation point heating can be

off by a factor of 2.5 without boiling the water.

The pressure drop required to maintain flow velocities of 12 m/s
through the annulus and the transition piece were calculated to be 0.5 MPa.
In addition to the probe, there were 4 m of flexible tubing at the inlet and exit
of the probe as well as fittings, and transition pieces. The design pressure
difference was set at 1.0 MPa, and the mass flow was measured in the actual
design to be 0.42 kg/s, corresponding to a velocity in the annulus of 13 m/s,
which is higher than the design velocity of 12 m/s, providing an additional
margin of safety. The average temperature change of the water was
calculated to be only 6 K assuming that the entire cylinder is exposed to the
stagnation heating. Therefore the water-cooled design was considered to be

adequate.
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Appendix E
Test Conditions for Combustor Tests

The test conditions for the surface measurements presented in Chapter
4 are shown in Tables E.1-E.4. The data were given a run-batch-cycle
designation. Each series of individual tests was assigned a run number,
individual tests were assigned a batch number, and each time was a data

cycle.

Table E.1 Tunnel Conditions For Expansion-Ramp Tests With No Fuel.

Run | Batch | Cycle TT (K) PT (kPa) %02
25 2 13 1931. 2809. 21.54
25 4 11 1929. 2822. 20.98
25 5 11 1932. 2823. 21.33
25 6 10 1944. 2811. 21.3
25 7 11 1950. 2824, 20.95
25 8 11 1923. 2836. 20.86
25 11 11 1969. 2822. 21.06
26 2 10 1958. 2822, 20.88
26 3 10 1964. 2819. 20.66
26 4 11 1982. 2822. 21.27
26 5 11 1954. 2821. 21.65
26 6 10 1965. 2815. 20.89
26 7 11 1963. 2824. 20.7
26 9 11 1967. 2817. 21.4
26 10 10 1954. 2824. 20.44
27 3 12 1969. 2789. 20.87
27 4 11 1979. 2787. 21
27 5 11 1972. 2784. 21.21
27 6 12 1952. 2796. 20.98
27 7 13 1940. 2799. 20.77
28 2 11 1910. 2792. 20.56
28 3 11 1944. 2771. 20.77
28 4 11 1932. 2771. 21.09
28 5 11 1928. 2771. 21.19

Average 1951. 2807. 20.99

Standard Deviation 19.3 20.1 0.29
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Table E.2 Tunnel Conditions for the Expansion Ramp Tests With Fuel

Run | Batch |[Cycle TT PT %02 ¢
(K) (kPa)
25 2 30 1918 2816 21.66 0.98
25 4 34 1932 2832 21.08 1.27
25 5 34 1952 2834 21.20 1.38
25 6 28 1967 2822 21.28 0.97
25 7 33 1984 2833 21.00 0.74
25 8 34 1934 2849 20.89 0.47
25 11 34 1962 2833 21.10 0.72
26 2 30 2004 2829 21.06 0.71
26 3 30 1971 2827 21.00 0.70
26 4 31 1983 2831 21.46 0.88
26 5 30 1974 2830 21.77 1.04
26 6 31 1967 2820 21.09 1.08
26 7 28 1987 2833 20.83 1.40
26 9 31 1968 2826 21.52 1.09
26 10 31 1966 2840 20.85 1.18
27 3 30 1997 2800 21.04 0.91
27 4 31 1987 2796 21.24 0.95
27 5 30 1976 2795 21.39 1.12
27 6 29 1943 2814 21.21 1.21
27 7 29 1954 2809 21.04 0.62
28 2 31 1903 2793 20.86 0.99
28 3 31 1917 2784 21.06 1.27
28 4 31 1927 2774 21.41 1.27
28 5 30 1944 2771 21.47 0.72
Average 1959 2816 21.19
Standard Deviation 26.9 21.3 0.26
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Table E.3 Tunnel Conditions For the Compression Ramp Tests With No Fuel

Run Batch Cycle TT PT % 092
(K) (kPa)
37 2 17 1833 2748 20.00
37 3 26 1937 2781 21.60
37 4 19 1857 2737 22.00
37 5 20 1943 2762 21.10
37 6 20 1937 2757 20.05
37 7 15 1839 2753 21.95
37 8 20 1923 2751 21.20
37 9 17 1829 2731 21.60
37 10 20 1923 2762 21.30
38 2 13 1890 2731 21.51
38 3 36 1847 2727 21.66
38 4 34 1844 2720 21.16
39 2 35 1948 2727 21.16
39 5 36 1914 2721 20.95
39 6 33 1946 2718 20.65
39 7 37 1946 2713 20.82
41 4 40 1926 2745 21.51
42 4 36 1952 2785 20.38
42 3 36 1910 2769 21.10
42 5 39 1995 2791 20.02
42 7 37 1961 2785 20.02
42 9 31 1973 2777 20.05
42 11 30 1947 2787 21.60
Average 1914 2751 21.02
Standard Deviation 49.0 25.1 0.65
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Table E.4 Tunnel Conditions For the Compression Ramp Tests With Fuel

Run | Batch | Cycle TT PT % 09 )
(K) (kPa)
37 2 32 1953 2782 20 1.28
37 3 38 1942 2787 21.7 1.07
37 4 38 1894 2753 21.9 1.16
37 5 35 1952 2769 21.4 1.03
37 6 36 1956 2767 20.46 0.97
37 7 28 1932 2771 21.64 0.76
37 8 36 1975 2762 21.1 0.83
37 9 34 1944 2758 21.3 0.61
37 10 34 1926 2767 21.36 0.50
38 2 30 1954 2748 21.51 1.21
38 3 50 1932 2743 21.64 1.20
38 4 53 1955 2749 20.89 1.26
39 2 48 1959 2735 21.28 1.02
39 5 49 2003 2733 20.83 0.79
39 6 48 1971 2728 20.83 0.62
39 7 53 1983 2722 21.09 0.51
41 4 55 1945 2756 21.76 1.17
42 3 48 1903 2775 21.2 1.01
42 4 46 1935 2791 20.58 0.80
42 5 55 1990 2799 20.3 0.58
42 7 44 1977 2789 20.21 0.52
42 9 41 1984 2784 20.1 1.42
42 11 42 1943 2794 21.7 1.23
Average 1953 2764 21.08
Standard Deviation 26.5 22.3 0.58
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Appendix F

A Case of Downstream Flameholding With the
Swept Compression Ramp Injectors

In Chapter 4 it was stated that for all but one of the 23 test runs with
the swept compression ramp injectors flameholding occurred near the
injectors. For one case flameholding occurred in the expanding duct
downstream of the injector ramps. The cause of downstream flameholding
during this run is not understood at this time. Nor is it known whether or
not downstream flameholding would ever occur again. The reason for
discussing this seemingly "odd" run was the huge change in engine
performance which occurred when the combustor operated in this mode.

F.1 Evidence of Downstream Flameholding
The downstream flameholding occurred during run 42 batch 3. The
tunnel and fuel conditions during run were:

Total Temperature = 1903 K
Total Pressure = 2.775 MPa
Oxygen Fraction = 21.2 %
Equivalence Ratio = 1.01

Although the total temperature for this run was lower than it was for
most of the runs with the swept compression ramps, the facility parameters
are all within 2 standard deviations of the average values shown in Table E4.

The wall pressures and heat fluxes from this run are shown in Fig. F.1-
F.3. Figure F.1 shows the combustor wall pressure distribution for the run
with downstream flameholding along with that for several other tests with
the same equivalence ratio. In contrast to the other runs which exhibited
flameholding near the injectors, the pressure rise for "downstream
flameholding" did not begin until x/G > 1.4. The maximum measured
pressure for this run occurred at x/G = 2.2, far into the expanding combustor
duct. In addition the pressures over the rest of the combustor are
significantly higher for the case with downstream flameholding.
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Figure F.1 Pressure Distributions for the Swept Compression Ramps With
¢=1.

In addition to the pressure traces , the measured heat fluxes also show
that downstream flameholding occurred during run 42 b3. The combustor
ducts downstream of the injector block section were flipped (relative to the
previous tests with the swept-compression ramps) for this test as well as all
of the other tests during run 42 to measure the fluxes on the wall opposite of
the fuel injector. Figure F.2 shows the heat fluxes on the wall opposite of the
injectors for the case that exhibited downstream flameholding along with the
flux distributions for the rest of the tests that were conducted with the same
instrumentation layout. The other tests were conducted during the same day
and had equivalence ratios of 0.6<¢ <1.4. In the case that exhibited
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downstream flameholding, the fluxes were lower than those for all of the
ramp flameholding cases for x/G <1.8. Conversely the fluxes for x/G > 2.6
were higher for the case with downstream flameholding.
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Figure F.2 Wall Heat Flux Opposite of the Fuel Injectors with Ramp
Flameholding and Downstream Flameholding.

The last evidence of downstream flameholding is shown in Fig. F.3,
which shows the injector wall heat fluxes at two spanwise locations at x/G=
0.23. Because the downstream ducts were flipped, these were the only two
heat flux gages on the injector wall for this series of tests. In contrast to the
cases with ramp flameholding, the heat flux measured directly downstream of
the injectors for the downstream flameholding case decreased below that for
the case of no fuel. In fact, the measured heat flux was actually negative. At
the interstice (y/G = 0.27) a slight increase above the no fuel value was seen
for the downstream flameholding. However, the heat flux was lower than it
was for all of the other equivalence ratios at the same location. It is thought
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that the slight increase in heat flux at the interstice is due to a pressure rise

associated with injection rather than combustion.
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Figure F.3 Wall Heat Fluxes on the Injector Side of Combustor at x/G =
0.23 for Ramp Flameholding and Downstream Flameholding.

In summary, the pressure traces and the heat fluxes both show, that
for one case, flameholding occurred downstream of the injectors rather than
in the nearfield of the injectors. The large performance gain associated with
this different mode of flameholding will be discussed in the next section.

F.2 Performance With Downstream Flameholding

The pressure integrals for the downstream flameholding are shown
along with those with the same equivalence ratio in Table F.1. The case with
downstream flameholding had a 41 % higher pressure integral than did the
ramp flameholding case. Considering the large differences between the
pressure traces for the two types of flameholding, the higher pressure
integral is expected for downstream flameholding. Also, note that the total
pressure integral for the swept-compression ramp is higher than that for the
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expansion-ramp results shown in Chapter 4. Therefore, the change in
flameholding location caused a huge change in the performance of the swept-

compression ramps.

Table F.1 Pressure Integrals for ¢ = 1 with Ramp Flameholding and
Downstream Flame Holding. (AF = Ff-Fnpf).

 Type of Flameholding Combustor AF | Nozzle AF | Total AF
Ramp Flameholding 1030 1190 2220
Downstream Flameholding 1530 1600 3130

The combustion efficiency (calculated by the one-dimensional code) for
the case with downstream flameholding was approximately 95 % in contrast
to only 62 % for the ramp flameholding case.

The test results shown for this case show that the effect of delaying
the onset of stable combustion by 1.5 gaps increases the performance
dramatically. The results also imply that mixing is detrimentally effected by
combustion near the injectors. The calculations of the flowfield in Chapter 5
showed that the mixing efficiency for the turbulent reacting case was less
than that for the turbulent mixing case. The largest difference in the over
all mixing efficiency occurred in the first 1.5 gap lengths. The effect of
downstream flameholding on the mixing in unswept injectors has also been
discussed by Riggins and McClinton. [57!

As noted earlier, it is not known whether or not downstream
flameholding would occur again in 23 tests, 230 tests, or ever again with this
set of injectors. However, the results from these tests imply that at least for
scramjet combustors which are largely mixing-limited, that the controlling
the location of ignition and flameholding can be an important strategy in
controlling the mixing. Indeed the results imply that the optimum
flameholding location, from the standpoint of subsequent mixing is in the
farfield of the injectors.
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