Experimental Study of Gas Turbine Endwall Cooling with Endwall

Contouring under Transonic Conditions

Arnab Roy

Dissertation submitted to the faculty of Virginia Polytechnic Institute and State University in
partial fulfillment of the requirement for the degree of

Doctor of Philosophy
In

Mechanical Engineering

Srinath V. Ekkad Co-chair
Wing F. Ng Co-chair

Brian Y. Lattimer
Uri Vandsburger
Rakesh K. Kapania

January 27, 2014
Blacksburg, Virginia Tech

Keywords: Gas Turbine, Endwall Contouring, Film Cooling, Heat Transfer, Transonic

Cascade



Experimental Study of Gas Turbine Endwall Cooling with Endwall

Contouring under Transonic Conditions
Arnab Roy

Abstract

The effect of global warming due to increased level of greenhouse gas emissions from coal fired thermal power
plants and crisis of reliable energy resources has profoundly increased the importance of natural gas based power
generation as a major alternative in the last few decades. Although gas turbine propulsion system had been primarily
developed and technological advancements over the years had focused on application in civil and military aviation
industry, use of gas turbine engines for land based power generation has emerged as the most promising candidate
due to higher thermal efficiency, abundance of natural gas resources, development in generation of hydrogen rich
synthetic fuel (Syngas) using advanced gasification technology for further improved emission levels and strict
enforcement in emission regulations on installation of new coal based power plants. The fundamental
thermodynamic principle behind gas turbine engines is Brayton cycle and higher thermal efficiency is achieved
through maximizing the Turbine Inlet Temperature (TIT). Modern gas turbine engines operate well beyond the
melting point of the turbine component materials to meet the enhanced efficiency requirements especially in the
initial high pressure stages (HPT) after the combustor exit. Application of thermal barrier coatings (TBC) provides
the first line of defense to the hot gas path components against direct exposure to high temperature gases. However,
a major portion of the heat load to the airfoil and passage is reduced through injection of secondary air from high
pressure compressor at the expense of a penalty on engine performance. External film cooling comprises a
significant part of the entire convective cooling scheme. This can be achieved injecting coolant air through film
holes on airfoil and endwall passages or utilizing the high pressure air required to seal the gaps and interfaces due to
turbine assembly features. The major objective is to maximize heat transfer performance and film coverage on the

surface with minimum coolant usage.

Endwall contouring on the other hand provides an effective means of minimizing heat load on the platform
through efficient control of secondary flow vortices. Complex vortices form due to the interaction between the
incoming boundary layer and endwall-airfoil junction at the leading edge which entrain the hot gases towards the
endwall, thus increasing surface heat transfer along its trajectory. A properly designed endwall profile can weaken

the effects of secondary flow thereby improving the aerodynamic and associated heat transfer performance.

This dissertation aims to investigate heat transfer characteristics of a non-axisymmetric contoured endwall
design compared to a baseline planar endwall geometry in presence of three major endwall cooling features —
upstream purge flow, discrete hole film cooling and mateface gap leakage under transonic operating conditions. The
preliminary design objective of the contoured endwall geometry was to minimize stagnation and secondary

aerodynamic losses. Upstream purge flow and mateface gap leakage is necessary to prevent ingestion to the turbine



core whereas discrete hole cooling is largely necessary to provide film cooling primarily near leading edge region
and mid-passage region. Different coolant to mainstream mass flow ratios (MFR) were investigated for all cooling
features at design exit isentropic Mach number (0.88) and design incidence angle. The experiments were performed
at Virginia Tech’s quasi linear transonic blow down cascade facility. The airfoil span increases in the mainstream
flow direction in order to match realistic inlet/exit airfoil surface Mach number distribution. A transient Infrared (IR)
thermography technique was employed to measure the endwall surface temperature and a novel heat transfer data
reduction method was developed for simultaneous calculation of heat transfer coefficient (HTC) and adiabatic
cooling effectiveness (ETA), assuming a 1D semi-infinite transient conduction. An experimental study on endwall

film cooling with endwall contouring at high exit Mach numbers is not available in literature.

Results indicate significant benefits in heat transfer performance using the contoured endwall in presence of
individual (upstream slot, discrete hole and mateface gap) and combined (upstream slot with mateface gap) cooling
flow features. Major advantages of endwall contouring were observed through reduction in heat transfer coefficient
and increase in coolant film coverage by weakening the effects of secondary flow and cross passage pressure
differential. Net Heat Flux Reduction (NHFR) analysis was carried out combining the effect of heat transfer
coefficient and film cooling effectiveness on both endwall geometries (contoured and baseline) where, the contoured
endwall showed major improvement in heat load reduction near the suction side of the platform (upstream leakage
only and combined upstream with mateface leakage) as well as further downstream of the film holes (discrete hole
film cooling). Detailed interpretation of the heat transfer results along with near endwall flow physics has also been

discussed.



Acknowledgements

I wish to express my sincere gratitude to my advisors, Prof(s). Srinath Ekkad and Wing Ng for their continuous
support, encouragement and thorough guidance during my doctoral studies. | am thankful to them for keeping faith
in my research capabilities and providing me the opportunity to work in one of the most challenging projects in their
research group. Their mentoring towards effective communication and presentation skills has certainly played an

important role in my transition from a student to a professional.

I would like to thank my committee members Prof. Brian Lattimer, Prof. Uri Vandsburger and Prof. Rakesh
Kapania for their valuable suggestions and advice. Special thanks to Profs. Lattimer and Vandsburger for their

support during the gasification project.

I am indebted to my parents Kalyanmoy Roy and Purnima Roy for their sacrifices, prayers and blessings for my
wellbeing and success. Thank you Jethu and Jemma for your encouragement to pursue doctoral studies and making
sure | do not deviate halfway towards achieving my goal. | owe special gratitude to Sanchari, my dear wife for her

unconditional love and support.

It has been a great pleasure and learning experience working with project sponsors from Siemens Energy Inc.
Sincere thanks to Andrew Lohaus and Dr. Michael Crawford from Siemens team for providing valuable technical
insights and continuing the funding support throughout my dissertation research. 1 am grateful to Dr. Santosh
Abraham and Dr. Kapil Panchal, previous researchers in our group for providing excellent resources from their
contributions towards successful completion of first three years of this project. Many thanks to Dorian Blot and
Sakshi Jain for helping me conduct all the heat transfer experiments. It has been a pleasure working with both of you
and thanks for adjusting to my workaholic schedules. Special thanks to Dr. Xue Song for all the discussions on heat
transfer methods and co-authoring the technique paper. |1 would also like to thank my colleagues, past and present
research group members — James, Alan, Anto, Justin, Jaideep, Sridhar, Chris, Hunter, Sean, Kevin, Colin and Jacob
for lending their helping hand whenever | needed. Completing the experiments within stringent deadlines wouldn’t
have been possible without the help of high precision manufacturing support from the Machine Shop staff in the
Mechanical Engineering Department, specially Bill Songer, Timothy Kessinger and Johnny Cox. Thanks a lot Diana

for giving me special purchasing privileges that was often useful.

I would also like to thank the entire Jadavpur team at Virgina Tech - Surya, Saikat, Suvojit, Pal, Abhra da,
Banga da, Abhijit da, Gupta and many others for making my weekends full of fun. Special thanks to Subhradeep and
Debarati, for all the lunch and dinner invites that helped me to stay away from cooking during the final stages of my
dissertation writing. Finally, I won’t ever forget to mention my dearest friends from childhood school days —

Saptarshi, Lamba, Tanay, Subhro, Koushik, Rechiek for their unconditional support and encouragement.



Table of Contents

AADSITACT ... bbb bR ii
ACKNOWIBAGEIMENTS ...ttt bbbt b bbbt e e iv
I 0] T U1 USSR iX
LSE OF TADIES ...t b e ettt Xii
PIETACE ...ttt 1

Chapter 1 : Effect of Endwall Contouring in presence of Upstream Leakage Flow in a Transonic Turbine

Blade Passage: Heat Transfer MEASUIEMENTS ..........cciiiieiieieiiesieeeese sttt st ae e sra e be e enne e e 2
A B ST R A CT bbbt bt bt e a bt bt b e Rt R e e R b e e bt bt e be e abe e ebe e eEbeenne e beenbe e 3
INTRODUGCTION. ...ttt ettt ettt sh e sh e sh b e s bt b e e ke e sb e e st e e et e e asseebeesbeesbeesanesnnennnis 3
BACKGROUND STUDY ...ttt sttt sttt sttt st sbaessbe s s e be e beesbeesbbessbeenbeebeenbee e 4
MOTIVATION AND OBJIECTIVE ... ..ottt st 6
NOMENCLATURE ...ttt b e b e bt e s h bbbt e bt e be e s beesbeeebeeasneenreenbee e 6
EXPERIMENTAL METHODOLOGY ....oitiiiiiiiiiiiesiit ettt sttt ssae st nne e 8

EXPerimental TESE FACIITY ......cccceeie et s te bt s re et e be e sreeres 8
PUPGE SIOT DBSION ...ttt b bbbt b ettt nn e 10
Lo oL I Ty T o USSR 11
HEAT TRANSFER MEASUREMENT TECHNIQUE ......c.cooiiiiice s 12
Uncooled heat transfer @NalYSIs .........c.cciiiiiiiiiiccc e sttt ere s 14
Film-cooled heat transfer analySis ..o 16
UNCEITAINTY ANBIYSIS ...ttt bbbttt bbb n e 17
Data REPIESENTALION .....c.viiviiiieiiecie ettt s e s be s s b e be e b e s beeteeebesbeesbesbeessesbeeteesbesreas 17
CFD ANALY SIS ettt ettt sb e s bt e she e s Rt e sa e e st e et e e nbeesbeeebeeerbeenbeeneee e 17
RESULTS AND DISCUSSION ...ttt sttt sttt sn e bt nbe e sreesaee e nis 18
Effect of upstream slot — without coolant BIOWING..........ccceriiiiiiii e 18
Effect of endwall contouring with coolant INJECLION ...........cceeviiiiicie e 21
CONGCLUSIONS ...ttt bttt be e sbe e sbe e sbe e s abeen b e e st e et e e nbeesbeesbeeesbeenbaeneee e 26
ACKNOWLEDGEMENTS ...ttt e e bt sb e sbe e san e nbe e 27
REFERENCES. ... ..ottt ettt et st sae e s s e e e e be e s be e st e e eb e e e s eeanbe e nbeesbeesreennaeents 27

Chapter 2 : Convective Heat Transfer Measurements in a Transonic Turbine Blade Passage with Discrete

Hole Cooling and ENAWall CONTOUIING. ......c.uiiiiiiiiiieieisiesesie e 31
AB ST RACT ittt et sttt e st e s R e Rt e bt e bt R et eR et et e e nEe e nReenReeeR b e e R be e be e reenreenrae s 32

INTRODUCTION. ... et n e r e are e nreare e renre s 33



BACKGROUND STUDY ..ottt sre s sne e nnenn e nnesneennesneennenne e 33

MOTIVATION AND OBJIECTIVE ...ttt e 35
NOMENCLATURE ..ottt bbbt b e b e s b e e sb e e sb bt st e e be e sbe e sbeesanesnbesneas 36
EXPERIMENTAL METHODOLOGY .....ooiiiiiiitieie sttt sttt st s nne e 37
EXperimental TESt FACTY ..o e 37
DISCIELE HOIE DBSIGN ...ttt e b r et b bbb n e 39
Lo oL I T o o SO SSURSSPR 41
HEAT TRANSFER MEASUREMENT TECHNIQUE ..o 42
Uncooled heat transfer @NalYSiS ..o e nre s 44
Film-cooled heat transfer analySis ..o 45
UNCEMTAINTY ANAIYSIS .. veiviiiiiiie ettt s b et e et e s beese e besbeesbesbaeseesbeereesrenres 47
Data REPIESENTALION ...ttt ettt b e b r e e e bt bbbt n e 47
RESULTS AND DISCUSSION ...ttt sttt ne b sneesan e e e 47
CONGCLUSIONS ...ttt ettt sbe e s bt sbe e s R b e e st e s ke et e et e e sbeeebbeebbeenbeenbe e e 52
ACKNOWLEDGEMENTS L.ttt sttt et sbe e e snbe e 53
REFERENCES. ...ttt h e bbbt st b e bt e b e e sk e e eb bt e sb e e bt e nbe e sbeesaeesnneennis 53
Chapter 3 : Heat Transfer Performance of a Transonic Turbine Blade Passage in presence of Leakage

Flow through Upstream Slot and Mateface Gap with Endwall Contouring ...........cccccevvvevevecicnececeennnn, 56
A B ST RA T ittt ettt bt b e a b e R e bt b e eE et Rt e eR et et e e eEe e nhe e eEeeeRbeanbe e be e beenteenrae s 57
INTRODUGCTION. ...ttt sttt ettt e b e s bt e he e s ab e e bt e bt e beeabeesbeeeb e e enneenbeenree e 58
RELEVANT LITERATURE REVIEW ..ottt e 58
EXPERIMENTAL METHODOLOGY ....ooiiiiiiiiiiteiit ettt 61
EXperimental TESt FACHITY ..o 61
TESE SECHION TELAIIS .......eieeiieeii ettt 61
Heat transfer measurement tECANIQUE ..........coiviiiieiriii e 64
Heat transfer measurement thEOTY .........ccoiiiii e 65
UNCOOIEA NEAE TFANSTEY ...ttt 66
Film cO0led NEAL TraNSTEE ..o 68
Data REPIESENTATION .....c..iieiieie ettt ettt e s teete e e e saeeseesbesneentesbeeneeseeeneeneenneas 69
RESULTS AND DISCUSSION .. oottt ettt sttt ssaesnaeateesbeesseesneesnsesnes 69
Effect on endwall heat transfer in presence of mateface gap ......ccoocevveeeiiiie s 70
Adiabatic effectiveness with and without mateface gap........cocoovreieiniiinese s 71

Effect of leakage flows on endwall heat transfer with and without contouring..........c.cccceeeeveevnenee. 73



CONGCLUSIONS ...ttt r et R e e s Rt e E e e r e s R e e se e R e s Rt e renne e e e nreareenrenre s 75

ACKNOWLEDGEMENTS ..ot 76
NOMENCLATURE ...t e et nen e 76
REFERENGCES. ... ..o et 77
OVETall CONCIUSIONS ... 80
Contribution 0f RESEATCH WOIK ...........coiiiiiiiiiii s 81
RETEIBNCES. ... s 82
Appendix A - Heat Transfer Characteristics of New Optimized Endwall Design............ccccoovvvvriininnne 83
2 FE 103 (o {01 T USSP 83
DTS [ o TSSO TP TP PS TP URPRTPRUPPPPPON 83
Heat Transfer RESUILS. .........ccooiiiii s 84
CONCIUSIONS ...ttt b bbb bbbt r bt er e 87
Appendix B - Mateface INgeStION ANAIYSIS .......cccviiiiiieiiie et 88
APPEIAIX € ...t eenre e 93
A Novel Data Processing Technique for Convective Heat Transfer Experiments in a Transient Transonic
Heated WINA TUNNEL .......oiiiiiiiiiciee bbbttt e be et sbe e sbe e sab e st e s be e beenbeesbee s 93
ABSTRACT ...ttt E e b et e et b et r e 93
INTRODUCGTION ...ttt sr bt e st b b r e 93
Transient heat transfer problem in uncooled experiments.............cccouuvuiviiiiiiiiinie i 94
Transient heat transfer problem in film cooling experiment ..............ccocceuviiioiiioeiie i 94
LIt@FAIUTE SUMIMAYY ...ttt ettt ettt ettt e nr e nre e nne e s e nans 95

CHARACTERISTICS OF THE VIRGINIA TECH TRANSONIC WIND TUNNEL FACILITY96
DATA PROCESSING TECHNIQUES IN TRANSIENT CONVECTIVE HEAT TRANSFER

EXPERIMENT ...ttt n ettt nn e n e nn e 98
Curve fitting method for uncooled heat transfer experiment ...........cccuuveviciiiiiaiieenie s 98
Curve fitting method for film cooling heat transfer experiment...............c.ccoocevvniieininieninieenennenn. 100
Linear regression method for un-cooled heat transfer exXperiment ..............cccccuvveveenvinceniniesnenennn, 101
Linear regression method for film cooled heat transfer experiment ..............cccccueviivenicnieniennnns 103

UNCERTAINTY .ottt e r ettt nn e ner s 106
CUPVE [ITHING METROA ...ttt bbbt b et be bt enn b 106
Linear regreSSion MEIAOU. .............c..ccciiiiiiiii ittt ettt bbbt 106

COMPARISON OF RESULTS ...ttt sttt sttt st sbbe e ssbeesnbe e e snbeeenbeeens 106
Un-cooled heat transfer FESUILS ..ot 107

Film cooling eXperiment FESUILS ...........ccuoouiiiiiiiiie ittt 109



FURTHER DISCUSSION ON LINEAR REGRESSION METHOD ..........c.ccoooiiiiiiiiiee, 110

Recovery temperature issue in un-cooled heat transfer exXperiment ...............cccccveeeveviiienienieninens 110
Recovery temperature issue in film cOOliNg exXperiment ...........cccucuvoiioiiiniieiiieiie it 111
CONCLUSIONS .tttk e bt s bt s bt e s h e e s R bt e Rt e bt e be e ebe e ebe e esseebeenbeesbeesanennneannes 112
ACKNOWLEDGEMENT ...ttt e et e e et e e e et ae e e e sbaeeeennens 113
NOMENCLATURE ...ttt ettt a e e e st e e e st e e e snba e e e e asbae e e s arbaeeeennees 113
REFERENCES. ...ttt b et e bt et et et e bt e b e e sb e e sbeesaeenaneanns 114
APPENTIX = D e E Rttt b e r e 117
EXPERIMENTAL VALIDATION OF SYNGAS COMPOSITION OF AN ENTRAINED FLOW
GASIFIER MODEL UNDER DIFFERENT OPERATING CONDITIONS ..ot 117
AB ST RACT L.t b et bt h bttt ekt eh e eh e R et E e b e e bt e abe e abe e nr e nr e et e 117
INTRODUGCTION. ..ttt sttt ettt bbb e st s bttt e s b e e st e e st b e e sbeesbe e sbeesbeesbeesnbeanes 118
BACKGROUND ...ttt sttt b e sh e s he e s ab e e a bt e bt et e e sbe e sbeeeb e e asneeneenree e 118
MODEL DESCRIPTION ... .ottt sttt sttt bbbt s sttt st e s baessbeenaeenbee e 120
Inert heating and MOISTUIE FEIEASE .........cvcueiiicecie st sresbe e b sae s 120
DEVOIALHTIZATION ...ttt ettt n s 121
Char gAsiTICALION .......cciiieiiiecc et e e e et e e e st e s be e besbeereesbesaeeneenre e 121
O R o 0T I T U011 o] SRR 122
MUIEIPNASE MOGEIING. ......eeeeeec bbbt 123
Operating and Boundary CONITIONS.........cc.oiiiiiiiiieiic et st s ne e 124
RESULTS AND DISCUSSIONS ...ttt sttt sttt sbe b nae b e nee e 126
CONGCLUSIONS ...ttt bt bt h e e b bt e bt e s bt e e b et e hb e et e e sbe e sbeesarennneannas 130
ACKNOWLEDGMENTS ...ttt sttt sttt st se e s be e sbe e sbe e sseesneesnteanes 131

REFERENGCES ... .o ettt n e nr e nr e 131



List of Figures

Figure 1: Virginia Tech transonic tunnel faCility ... 9
Figure 2: Cascade test section details with turbulence grid ... 9
Figure 3: Cascade center part with upstream st 10CAtION ..........cccooviiieiiiiiiiii e 10
Figure 4: Purge slot design () internal details, (b) location of SIOt.............cccoeviiiiiiiiiicc e 11
Figure 5: ENAWAIL EOMEBLIES .....cuviiiii ettt s te et e e b e te e e sbeetaesbesreeneenre e 12
Figure 6: Heat transfer cascade set up (a) front window, (b) rear window, and (c) actual setup................ 13
Figure 7: Tunnel temperature history and data processing WindOW ...........cccccoevviiieveneeneseeiese e 15
Figure 8: Linear regression plot for uncooled heat transfer............ccov e 15
Figure 9: Linear regression curve fit for film CO0led CASES ........ccecvviiiiiciiieccc e 16
Figure 10: Inlet boundary layer profiles (obtained from experiments) used in the CFD simulation.......... 18

Figure 11: Normalized endwall heat transfer coefficient distribution with endwall contouring without

COOTANT FIOW ..ot b bbbt bbb bbb et b b ans 19
Figure 12: Baseline endwall 0il FlOw VISUAIIZALION............cooiiiiiiiiece e 20
Figure 13: Endwall flow structure with vortex cores using CFD ..........ccccoiiiiieieneneieisisesese e 21
Figure 14: Normalized heat transfer coefficient distribution — upstream purge flow Cases............cccceevenee. 22
Figure 15: Normalized endwall adiabatic effeCtiveness CONTOUIS. .........ccovririrerenieieieisse e 23
Figure 16: Normalized endwall adiabatic effectiveness contours — CFD prediction.............cc.coevveieniennne 24
Figure 17: Local Net Heat Flux Reduction (NHFR) distribution for all leakage cases............cc.ccocevvniennee 25
Figure 18: Virginia Tech transonic tunnel faCility ..........ccocviiiiiiiiiic e 38
Figure 19: Cascade test section details with turbulence grid ... 39

Figure 20: Discrete hole geometry (a) Cascade schematic, (b) measurement passage, (c) close up of hole

JoTor-UaTo] T TaTo Mo g 1<] )= U1 o] OSSPSR 40
Figure 21: Discrete hole coolant cavity (a) section plane, (b) coolant cavity inside View..............c.cc.c...... 40
Figure 22: ENAWall GBOMELIIES ... ..oviiiieiecieii ettt ettt s te et e e b e s be e e e sbeeteesbesaeeneesre e 41
Figure 23: ENAWall NOIE PALLEINS ......couieiiiiiiie ettt sttt be e sbeebe e sbesbe e e see e 42
Figure 24: Heat transfer cascade set up (a) front window, (b) rear window, and (c) actual setup.............. 43
Figure 25: Tunnel temperature history and data processing WindOW ...........cccccevvvvieveieiieseciese e, 44
Figure 26: Linear regression plot for uncooled heat transfer............coooeiieiin i 45
Figure 27: Linear regression curve fit for film cooled Cases ..........ccovvieiiiiiiiiie e 46

Figure 28: Normalized endwall heat transfer coefficient distribution with endwall contouring without
COONANT TIOW ..t b bbb bbbt b bbbttt 48
Figure 29: Normalized endwall heat transfer coefficient for film cooling Cases...........cccoovviiiiinenennns 49

Figure 30: Normalized adiabatic film effectiveness contours for all film cooling cases...........c.ccoceverienee 50



Figure 31: Local Net Heat Flux Reduction (NHFR) distribution — Endwall film cooling ......................... 51

Figure 32: Turbine assembly fEAtUres [1,2] ......ccoveiiiiiiiiii i s 58
Figure 33: Virginia Tech Transonic Cascade faCility ..........ccccooviiiiiiiici e 60
Figure 34: Cascade test section Baseline geometry with Mateface and Purge slot ..........cccoceevveviiieienenn, 62
Figure 35: Mateface gap GESION .....ccviii e st te e b et e e te s reenrenre e 62
Figure 36: ENAWall CONTOUN AESIGNS.......ccviiiiiiiiiteiceee e 63
Figure 37: Coolant plenums for 1eakage fIOWS ..o 64
Figure 38: Cascade heat transfer eXperimental SELUP. ..o 65
Figure 39: Mainstream and coolant temperature Variation .............ccccoeoeiinirineneneseesese e 65
Figure 40: Linear regression method for uncooled heat transfer (sample data)............cccoeoviiriiiiinenenns 67
Figure 41: Linear regression method for film cooled heat transfer (sample data) ............c.ccoovevniiineriennns 67
Figure 42: Normalized heat transfer distribution showing effect of the mateface gap (Cases 1 & 3) ........ 70
Figure 43: Endwall Adiabatic Effectiveness for all leakage cases (Cases 2,4 and 5) ........ccccvevvererenienns 71
Figure 44: Normalized endwall heat transfer coefficients for all mateface cases (Cases 3-5) .......c..c.c...... 73
Figure 45: Net Heat Flux Reduction for mateface leakage cases (Cases 4 and 5).........ccccceveveveveieenennnn, 74

Figure 46: Comparison of endwall heat transfer performance with published low speed cascade study ... 82

Figure A 1: OPT1 endwall cascade (left) and passage design (Fight) .......cccoceviiiiiiiiii s, 83
Figure A 2: Effect of contouring on endwall heat transfer coefficient in presence of upstream slot and
MALETACE AP .veiveiieiti ittt ettt et e st e te et e s be e e e beeRe e s beebeesbesbeeR e e besRe e besbeeRteabeeteebesreenrenre e 84
Figure A 3: Effect of contouring on endwall adiabatic cooling effectiveness in presence of upstream slot

L aL0 oL =TT o o TSSOSO 85
Figure A 4: Effect of endwall contouring on net heat flux reduction (NHFR) ..........ccccoeviiiiiiiiiiecee, 86
Figure B 1: (a) Baseline geometry center passage with mateface gap, (b) thermocouple locations........... 88
Figure B 2: AO endwall mateface temperature tranSIENCE ..........cccooveieiiinirise e 88
Figure B 3: Mateface ingestion profile comparing all CasesS...........cceivviiiiiiiiiiiicce e 90
Figure B 4: Effect of contouring on non-dimensional mateface temperature...........ccccceovvvnenenenenenienns 92

Figure C 1: Virginia Tech Transonic Wind Tunnel Facility: (a) over view of the wind tunnel; (b) close-up

VIEW OF the T8ST SECTION. ...ttt sttt 96
Figure C 2: Tunnel response of free stream temperature and Mach nUMbBEr ... 97
Figure C 3: Curve fitting of surface temperature data .............cooereiiiininine e 99
Figure C 4: Curve fitting scheme for film cooling data reduction ...............ccocoeiiiiiiiiniiine e 101
Figure C 5: Linear regression of surface temperature and heat flux data ............cccooviniiiiniiiieneen 103
Figure C 6: Data processing time WINAOW ...........uoiiiieiiieiie e sieenie et see et e seesreeeesse e seeeees 103

Figure C 7: Linear regression of two data sets calculated with tentative guessed Tr value...................... 104



Figure C 8: Typical relationship between R-square and normalized recovery temperature...................... 105

Figure C 9: Dual-Coolant Linear regression plot when Searching converged in singular area................ 105
Figure C 10: Different steps of the searching process for Dual-Linear-Regression ..........c..ccccevvevvenneane. 106
Figure C 11: Technique validation with Nusselt number comparison..........c.cccoeveveieciene e 107

Figure C 12: Comparison of Nusselt number distribution using (a) Linear Regression method, (b) Curve
Fitting method, and (c) Curve fitting method using reduced color scale............c.cooeveiiiiiiiniiiieee, 108
Figure C 13: Endwall Nusselt number distribution with 1.0% MFR slot cooling (a) Curve Fitting method,
(b) Linear regression METNOM .........cuiiiiiiiiie et 109
Figure C 14: Endwall adiabatic effectiveness distribution for 1.0% MFR purge flow (a) Curve fitting
method, (b) Linear regression METO .........cooiiiiiiii i 110
Figure D 1: Model Schematic and computational grid............cccceoeieiiiiiiiinii e 125
Figure D 2: Comparison with experimental data (a)-(b) syngas composition, (¢)-(d) CO2 mole fraction126
Figure D 3: Axial distribution of species mole fraction for (a) CO, (b) H2, (c) CO2 for Condition A in
TADIE D 4 ...ttt a e Rt R e b e At et et et et beaeRe et re et ene et erenrenears 127
Figure D 4: Axial distribution of species mole fraction for (a) CO, (b) H2, (c) CO2 for Condition B in

LI Lo L= D PSSP PSPRSPR 128
Figure D 5: Effect of H20/coal ratio for Case-I1: species mole fraction distribution for (a) CO, (b) H2, (c)



List of Tables

Table 1: Area averaged heat transfer coefficient COmMPAriSON..........ccccoveieiiiiiiiieneee s 25
Table 2: Area averaged heat transfer coefficient COmMPAriSON..........ccceoeeiiiiiriieee s 50
Table 3: Test cases for both baseline and Aero-Optimized endwall..............cccoooiiiiiiiiiiiie 69
Table 4: Area averaged heat transfer COMPAriSON..........ccciiiv i 74
Table A 1: Area averaged Heat Transfer Coefficient CompariSon...........ccccovveveiieiiiiesiee s 84
Table D 1: Composition of Utah Bituminous Coal [24] ..........ccoveieieiieii i 120
Table D 2: Gasification global reaCtioNS............cccieiiiiiiiiiiic e e 122
Table D 3: Reaction Kinetic parameters [5,9,16] ......ccoviiiiieiiiicie e 122

Table D 4: Operating CONAILIONS [24] ....ocvvoieieiieie et st re e te et sre e e re s 125



Preface

This dissertation is written in a manuscript format that encompasses all three major aspects of external cooling
of gas turbine endwall — upstream purge cooling, discrete hole film cooling and mateface leakage flow, put together
in a coherent style that consists of three major research papers, either submitted or to be submitted (awaiting
approval from sponsors) for publication in archival journals. The author was the lead graduate student in the entire
research project sponsored by Siemens Energy Inc. working closely with two master’s students Dorian Blot and
Sakshi Jain. While investigation of aerodynamic performance was also another focus area of the research project,
the author of this dissertation was responsible largely for all aspects of heat transfer performance analysis — design

modification, instrumentation, reduction and data analysis with comprehensive literature review.

The first article portrays the effect of endwall contouring on heat transfer performance of a transonic turbine
passage in presence of upstream slot purge flow. The second paper experimentally investigates the isolated effect of
discrete hole endwall film cooling with endwall surface modification. The objective of the third paper is to
understand the effect of addition of mateface gap feature on the endwall and analyze the benefits of endwall
contouring for mateface leakage flow only as well as combined upstream purge and mateface gap leakage flow to
simulate realistic engine cooling conditions. Finally, major contributions of this dissertation work towards gas

turbine heat transfer research community have also been highlighted.

A series of appendices follow that provides information on - further experiments on a new endwall contour
design optimized to minimize aerodynamic losses in presence of upstream slot (Appendix — A), an analysis to
quantify the hot mainstream gas ingestion into the mateface gap (Appendix — B), development and details of the new
heat transfer data reduction methodology — Linear Regression method, article submitted for publication in
Measurement Science and Technology journal (Appendix — C), and finally another manuscript that was published at
the International Pittsburgh Coal Conference, 2011 on computational fluid dynamics (CFD) based modeling of an
entrained flow gasifier with parametric analysis of the effect of oxygen/coal and steam/coal ratio (Appendix — D).
The author was involved in a project on design and CFD analysis of a laboratory scale entrained flow coal gasifier

during 2010-2011 sponsored by Institute of Critical Technology and Applied Sciences, Virginia Tech.
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ABSTRACT

Comparison of heat transfer performance of a non-axisymmetric contoured endwall to a non-contoured baseline
endwall in presence of leakage flow through stator-rotor rim seal interface is reported in this paper. Heat transfer
experiments were performed on a high turning (~127°) turbine airfoil passage under transonic exit Mach number
conditions at three leakage to mainstream mass flow ratios (MFR), 0.5%, 1% and 1.5% respectively. The contoured
endwall geometry was generated to minimize stagnation and secondary aerodynamic losses. In this experiment, the
blade span increases in the mainstream flow direction in order to match realistic inlet/exit airfoil surface Mach
number distribution. Transient IR (Infrared) thermography technique was applied to measure endwall surface
temperature and calculation of simultaneous of heat transfer coefficient (HTC) and cooling effectiveness (ETA) was
performed assuming 1-D semi-infinite transient conduction theory is valid. Results show considerable reduction in
area averaged HTC and higher coolant film coverage using the contoured endwall compared to baseline endwall
with different levels of coolant MFRs, whereas, significant reduction was observed for cases without coolant flow
and without purge slot. Net Heat Flux Reduction (NHFR) analysis was carried out combining the effect of HTC and
ETA on both endwall geometries where, the contoured endwall showed major improvement on local heat load
reduction especially near the suction side of the platform. The backward facing step seems to have a first order

impact on endwall heat transfer coefficient distribution compared to coolant blowing cases.
INTRODUCTION

Endwall heat transfer is a critical issue for turbine designers as modern gas turbine engines operate at high
temperatures. It has been estimated that increase in metal temperature by 25°C reduces the durability and life cycle
of the turbine to half of its design value [1]. External cooling of the airfoils and passages is therefore an integral part
of the turbine cooling system to reduce overall heat load to the surface and protect the metal surface by creating a

thin coolant barrier from the hot mainstream gases. Secondary flows formed due to complex vortical interaction of



the mainstream flow boundary layer with airfoil leading edge are a major contributor to aerodynamic losses as well
enhanced endwall heat transfer. Upstream slots exist between the stationary and rotating parts due to turbine
assembly feature and high pressure leakage flow is introduced through these gaps in order to provide film cooling to
the hub region upstream of the airfoils as well as to seal these interfaces to prevent hot gas ingestion. Endwall
contouring to reduce or eliminate the effects of secondary flow structures formed inside the passages have been a
topic of active research, as many researchers have found that aerodynamic losses as well as heat transfer to the
surface can be reduced to a significant extent by effectively guiding the passage vortex through a desired direction
along the passage. An endwall contour design optimized for aerodynamic losses that is able to reduce endwall heat
load as well would improve the durability and turbine efficiency. Endwall contour shapes can be further classified
into two categories — axisymmetric, where the contour shape is a function of axial coordinates only and non-
axisymmetric, where a three dimensional non-linear contoured surface is generated. Axisymmetric contouring is

generally employed to stator vanes, whereas non-axisymmetric has potential to improve turbine blade performance.
BACKGROUND STUDY

Several researchers have extensively studied endwall heat transfer performance in presence of leakage flow
within HPT stages. A comprehensive review of widely used platform heat transfer and cooling technologies can be
obtained from Han et al. [1], Dunn [2], Chyu [3], Simon and Piggush [4]. Blair [5] and Graziani et al. [6] were
among the pioneering researchers on endwall heat transfer study. Blair [5] investigated film cooling performance in
the presence of coolant injection from an upstream slot by using local wall thermocouple measurements as well as
surface heaters. He reported significant variation of complex passage heat transfer profiles arising due to secondary
flow along the endwall. Graziani et al. [6] concluded that secondary flows have a larger impact on heat transfer
coefficients near suction side compared to pressure side of the airfoil. Colban et al. [7] showed that increase in
upstream leakage flow increased the overall adiabatic effectiveness levels downstream of the passage and moreover,
the slot exit flow is non-uniform and tends to spread towards suction side of the passage. Zhang and Moon [8]
compared several upstream film cooling cases with and without a backward facing step. Adiabatic effectiveness was
measured using pressure sensitive paint (PSP) technique and they reported that presence of backward facing slot
reduced cooling effectiveness, compared to smooth inlet configuration. Oke et al. [9] at University of Minnesota
have conducted investigations of slot injection on contoured as well as flat endwall using different slot designs.
They obtained reduction of secondary flow strength by increasing the coolant flow rates as the boundary layer
upstream of leading edge gets energized resulting in better cooling of pressure side. Partially blocking the slots
yielded further insight on re-distribution of mass and momentum flux of the coolant. More recently Papa et al. [10]
reported oil flow visualization and endwall cooling studies for different purge flow rates using heat/mass transfer
analogy (naphthalene sublimation technique established by Goldstein et al. [11]). Knost and Thole [12] showed that
local high heat transfer zones such as leading edge and pressure side can be significantly cooled with combination of
strategically placed coolant holes along with increased upstream leakage flow rates. Ranson et al. [13] and Cardwell

et al. [14] further extended this study and investigated combined effect of coolant injection from upstream slot, mate



face (misalignment between adjacent endwalls) and aft slots. They concluded that mate face leakage has a
significant impact on overall coolant coverage and effectiveness due to aft slot cooling is negligible. Wright et al.
[15] and Gao et al. [16] also performed film cooling experiments using PSP technique with purge flow from stator-
rotor seal combined with discrete holes on endwall. They recommended that upstream slot provides adequate
cooling of the platform at higher blowing ratios, hence discrete hole locations can be carefully designed and coolant

usage can be minimized.

Majority of the published literature on turbine endwall cooling as presented in the brief review above are based
on subsonic flow conditions, whereas in contrast there are limited studies on endwall heat transfer and film cooling
measurements for high pressure transonic turbine blade cascade. Giel et al. [17] used transient liquid crystal (TLC)
technique along with foil heaters to determine local heat transfer coefficients (HTC) under high speed operating
conditions. Nicklas [18] applied a superposition approach to evaluate simultaneous endwall HTC and ETA
distribution under transonic operating conditions. IR thermography for surface temperature measurement along with
known heat flux conditions from a surface heater were used to analyze the experimental data. Jonsson et al. [19]
performed film cooling experiments in presence of upstream slot leakage and discrete hole blowing and calculated
simultaneous HTC, ETA and heat flux on endwall surface using non-linear regression method developed by Vogel
et al. [20]. More recently, effects of endwall contouring study with emphasis on heat transfer performance (without
film cooling) at design and off-design conditions was published by Panchal et al. [21] at transonic conditions.
Salvadori et al. [22] used steady state PSP technique to calculate ETA distributions for fan shaped discrete cooling

holes on the endwall at design isentropic exit Mach number of 0.88.

Endwall contouring to reduce or eliminate the effects of secondary flow structures formed inside the turbine
passage have been a topic of active research over the past decade, as many researchers have found that aerodynamic
losses can be reduced to a significant extent [23-27] by effectively guiding the secondary flow through a preferred
streamwise direction along the passage. However, there have been limited studies describing the effect of endwall
contouring on heat transfer performance of a turbine passage. Saha and Acharya [28] published one of the
pioneering studies on effect of non-axisymmetric contouring on endwall heat transfer. Their computational studies
predicted an area averages Nusselt number reduction of 8% using a contoured endwall compared to a flat planar
passage. Local heat transfer reduction close to three times near suction side of the passage was also reported.
Piggush and Simon [29] investigated adiabatic effectiveness levels considering upstream and mate-face leakage flow
for an axisymmetric contoured endwall. They discussed the effect of step orientation and its influence on the local
boundary layer. However, no baseline case was performed for comparison. Lin and Shih [30] performed heat
transfer measurements using endwall contouring upstream as well as a case where the contouring started upstream
and continued along the passage. LaFleur et al. [31] reported 24% reduction in average endwall Stanton number
using a contoured endwall compared to a flat baseline endwall. Lynch et al. [32] discussed the effects of endwall
contouring on a LP turbine blade passage and compared heat transfer performance of the contoured endwall with a

flat passage. They reported local augmentation levels close to 20% near the pressure side junction of the passage and



an overall heat transfer reduction of 3% while using the contoured endwall. Thrift et al. [33-34] performed extensive
heat transfer and adiabatic effectiveness measurements on an axisymmetric contoured endwall of a nozzle guide
vane. In all cases the contoured endwall showed lowest heat transfer levels. However, the heat transfer augmentation

values decreased with increase in leakage flow due to intensification of the horse-shoe vortex.
MOTIVATION AND OBJECTIVE

All of the above mentioned heat transfer studies on endwall contouring were performed at very low exit Mach
numbers and only Panchal et al. [21] has investigated the effect of endwall contouring on heat transfer performance
at transonic operating conditions similar to those encountered in realistic modern engine environments. Panchal et
al. [21] compared three different endwall geometries (two contoured and one baseline planar) and experimentally
found out that the contoured endwalls (both aerodynamic and heat transfer optimized) performed significantly better
in reducing average heat transfer coefficient values on the turbine passage. Any investigation on the effect of

endwall contouring with leakage flow under transonic operating conditions does not exist in open literature.

The present study is a continuation and further development of Panchal et al. [21] introducing leakage flow aspects
onto the baseline and aero-optimized (AO) endwall geometries for a high turning (127°), high pressure turbine
passage operating at design exit Mach number - 0.88 and design incidence angle. The aero-optimized (AQO) endwall
was chosen between two endwall designs investigated by Panchal et al. [21] as AO design achieved better
aerodynamic performance as well reducing overall loss coefficient at the cascade exit [35]. The inlet Mach number
is 0.45 and inlet Reynolds number (based on axial chord length) is about 9 x 10°. Heat transfer results are reported
based on the effect of the purge flow, as well as effect of endwall contouring for different coolant to mainstream
mass flow ratios (MFR) — 0.5%, 1.0% and 1.5%. The objective of the present study is to provide experimental data
for film cooled endwall at transonic operating conditions in presence of endwall contouring and quantitative

comparison of the heat transfer performance of the contoured endwall w.r.t to non-contoured conventional endwall

geometry.

NOMENCLATURE

AO Aero-Optimized

Cox Axial chord length (m)

h, HTC Heat transfer coefficient (mvsz)

h Heat transfer coefficient — Film Cooled case (%)

Niret Heat transfer coefficient — Reference case (mMZ/K)



Miso

MFR

NHFR

Poin

Ds exit

n

Infrared
v
mK

Thermal conductivity ( )

Mach number

Isentropic Mach number

y_—l
Miso = \/((p”"—:t) v - 1)%

Mass flow ratio (coolant mass flow rate per

passage/ mainstream mass flow rate per passage)
Net Heat Flux Reduction

Pitchwise average stagnation pressure at inlet

midspan (Pa)

Pitchwise average static pressure on angled end

wall 0.5 C,, downstream of the trailing edge (Pa)
Heat flux (%)

Recovery factor

Time (s)

Temperature (K or °C)
Recovery temperature (K or °C)
Reference temperature (K or °C)
Wall temperature (K or °C)
Initial temperature (K or °C)
Coolant temperature (K or °C)

Mainstream temperature (K or °C)



Greek Letters

a - - - m_2
Thermal diffusivity ( . )

0] Overall Cooling effectiveness

y Ratio of specific heats

n, ETA Film/Adiabatic Cooling effectiveness

Suffix
min Minimum value
max Maximum value

EXPERIMENTAL METHODOLOGY
Experimental Test Facility

A schematic of the transonic cascade wind tunnel at Virginia Tech is shown in Fig. 1. The wind tunnel is a blow
down facility capable of a thirty second run time. The air supply is pressurized by a four-stage Ingersoll-Rand
compressor and stored in large outdoor tanks. The maximum tank pressure used for transonic tests is about 2068 kPa
(300psig). A control valve is used to regulate the flow from the tanks to the test section. During a run, the upstream
total pressure is held constant by varying the opening of a butterfly valve controlled by a computerized feedback
circuit. The airfoil isentropic exit Mach number is varied by changing the upstream total pressure. The airflow
through the cascade is controlled valve 1 as shown in Fig. 1. The first and the second valve remain open during the
aerodynamic measurements while the third one remains closed allowing the air flow directly from inlet to the test
section. For the heat transfer experiments, the valves one and two are initially kept closed and the third one is kept
open. Air is circulated through heater loop and the copper bars acting as thermal capacitor. The heated air from
heater heats up copper tubes in the heat exchanger. The third valve is closed and the other two valves are opened
when the temperature in the heat exchanger reaches a specified magnitude (100°C). The air gets heated through the

heat exchanger while passing from the inlet to the test section.

The cascade test section, as shown in Fig. 2, consists of 5 airfoils resulting in 4 passages, with a controlled bleed
flow above the first airfoil. This passage design is identical to as reported in Panchal et al. [21], the 3™ passage from
top is the passage of interest where all heat transfer measurements are carried out. The airfoils are mounted on a
rotatable window, which allows for changes in incidence angles as and when required. All experiments were

performed at design incidence angle, therefore cascade angle was fixed accordingly. Airfoil 3 from top is considered



as the center airfoil of the linear cascade. A headboard, positioned upstream of the cascade is instrumental in

controlling the incoming flow by preventing an induced incidence angle effect on the leading edges of the airfoils.

Valve 1

Valve 2
Rotatable Heat
window Exchanger

Figure 1: Virginia Tech transonic tunnel facility
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N\ d
N\

Head Board

Flow direction

©

Figure 2: Cascade test section details with turbulence grid

The headboard is used to create and control a flow bleed that prevents the flow from turning prior to reaching the
leading edge of the airfoils. Uniform inlet flow conditions can be achieved by careful adjustment of the headboard
angle which aids in maintaining uniform and periodic flow through each airfoil passage and ensuring that the flow

angle gradient ahead of the cascade is zero.



The inlet Mach number is measured by a Pitot static probe located 0.5 axial chords upstream of the center blade
leading edge. The isentropic exit Mach number is decided based on the inlet total pressure (as measured by the pitot
static probe) and the average wall static pressure measured 0.5 axial chords downstream of the cascade. The inlet
total pressure profile was measured 0.5 C,, upstream of the leading edge using 5 hole probe traverses in pitchwise
direction at different span locations from the endwall up to the midspan. A turbulence grid is placed 5.5 C,,
upstream of the center blade as shown in Fig. 2. Inlet free stream turbulence intensity was measured at mid-span 0.5

C.x upstream of the blade leading edge using a hot-wire anemometer and was found to be about 8%.

Purge Slot Design

Upstream Slot

Figure 3: Cascade center part with upstream slot location

The upstream purge slot is located ~ 0.3 axial chord distance upstream of the leading edge of airfoil as shown in
Fig. 3. The slot length was optimized to be ~ 2.6 pitch distance spaced in such a way such that the coolant flow
pattern is periodic and wall effects can be safely neglected around the measurement passage. Internal features of the
upstream leakage slot are also detailed. The coolant path through the slot is shown in Fig. 4 for clarity. Because of
the ease with which complex geometries can be built in quick time at a fraction of the machining cost, all endwall

and airfoil geometries were fabricated using ABS as the material in a rapid prototyping machine.

10



Direction of coolant
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Figure 4: Purge slot design (a) internal details, (b) location of slot

Endwall Design

Two different endwall designs were studied for heat transfer performance in presence of upstream leakage slot.
The endwall designs were provided by Siemens Energy, Inc. The first endwall geometry is non-contoured referred
as Baseline endwall. The other endwall geometry denoted as AO (Aero-optimized) endwall was obtained from an
optimization study in order to minimize aerodynamic losses at 1.0C,, downstream of the airfoil trailing edge. The
upstream purge slot design and dimensions were kept identical for both endwall geometries. The basic features of
the contoured endwall geometry are shown in Fig. 5. The AO contoured endwall height is normalized w.r.t. baseline
endwall which shows a strong peak region along the passage starting from the leading edge pressure side and a
trough region along suction side starting ~ 0.2C,, normal up to trailing edge. Further details of the design procedure

and surface modification features are provided in Panchal et al. [21].
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(b) Aero-optimized endwall

Figure 5: Endwall geometries
HEAT TRANSFER MEASUREMENT TECHNIQUE

Endwall surface temperature measurements were performed using an Infrared (IR) camera. Two IR transparent
windows were added with a line of sight to the endwall surface being studied, as shown in Fig. 6(a). Due to the large
forces seen in a transonic facility, the window also needed to be structurally sound. Two 4.5”x2.5” rectangular Zinc
Selenide windows were used as to satisfy the design constraints. Only one window was used at a time for endwall
temperature measurements while the other window was closed using a piece of lexan block. All the inner surfaces of
the test section and outer surfaces of the test-section window were painted using a black paint to avoid thermal
reflection from the surfaces. A rectangular coolant plenum was mounted to the test section window as seen in the
rear view (Fig. 6(b)) to feed coolant into the upstream slot cavity. The coolant inlets to the plenum were from
opposite directions in order to provide better coolant mixing and temperature uniformity. Coolant temperature was

measured at a point inside the plenum where the coolant enters into the cavity.
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Figure 6: Heat transfer cascade set up (a) front window, (b) rear window, and (c) actual setup

The material of the endwall and the airfoils is Acrylonitrile butadiene styrene (ABS) that has low thermal
conductivity. Since the reducible data is obtained only over a short duration (~ 5s), the thermal penetration length
into the endwall in any direction is about 0.8mm. Other modes of heat transfer e.g. radiation can be safely neglected
as the maximum operating range of the endwall surface temperatures is about 60°C. The paint film thickness is so
small (order of microns) compared to endwall dimensions, conduction in the transverse direction through the paint
coating is assumed to be negligible. Therefore, the 1-D, semi-infinite heat transfer assumption is applicable at each
location on the endwall. Moreover, significant cool down times in between runs were allowed so the endwall is at a
uniform initial temperature at the start of every tunnel run. The IR camera used, ThermaCam SC325, at a resolution
of 320x240, can measure 76800 surface temperature locations simultaneously with a 0.6mm x 0.6mm cross section
for an individual pixel. Due to 1-D semi-infinite assumption results obtained for each individual pixel is assumed to
be independent of the other.

The governing differential equation for 1D transient conduction along with initial and boundary conditions are

expressed as,
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t=0, T=T, (Initial Condition) (2)
x=0,T=T, (Surface temperature boundary condition) ?3)
X 2> oo, T=T; (Semi-infinite solid assumption) 4
The convective heat flux at the surface can be defined as,

q"=(Tn ~Tw) )

Uncooled heat transfer analysis

The mainstream fluid temperature (T,,) is replaced by local recovery temperature (T,) considering compressible

flow to account for aerodynamic heating near boundary layer.

Hence Eq. (5) is modified accordingly as shown,

q”:h(Tr _TW) (6)
1+ r[y; jMa2

T =Ty —F———— (7)
1+[72_1j|v|a2

where, r = recovery factor = Pr** for turbulent boundary layer (Pr = Prandtl Number).

The calculation of surface heat flux is a two-step process where, in the first step, the conduction heat flux inside
the solid material is calculated using a Finite Difference Method where Eq.(1)-(4) is solved using 2" order
discretization. The surface heat flux is thus computed from conduction analysis and is equal to the convective heat
flux. The second step consists of for estimation of HTC, the calculation take place in the convective domain.
However, the data processing time window can be chosen to avoid the transition period of the tunnel start, so that
the HTC remains constant in the calculation. The data reduction time window of these two steps is shown in Fig. 7.
The data reduction time window of curve fitting method is also shown on the same plot. The heat flux reconstruction
needs the data from the tunnel start, because a uniform condition of the initial temperature in the material is

necessary to solve Eq. (1)-(4).
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Figure 7: Tunnel temperature history and data processing window

Rearrange Eq. (6), we can get a linear relationship in the form,

q"(t) = (T (1) = Ty, (©)) + h(T, () = T () ®)

The value of the last term in Eq. (8), only depends on the aerodynamic condition, and is constant as the local
Mach number does not change within the calculation time window. Theoretically, all the data points should fall on a
straight line, as shown in Fig. 8. The slope of this line is the HTC, and the recovery temperature can be estimated

from the Y intercept.
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Figure 8: Linear regression plot for uncooled heat transfer
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Film-cooled heat transfer analysis

However, for film cooling cases, where coolant is injected into the mainstream, T, needs to be replaced by film
temperature T; which is a mixed intermediate temperature between mainstream and coolant governing the
convective heat transfer to the surface wherever coolant film exists on the endwall. Therefore, all film cooling cases
can be considered as three temperature problem involving mainstream (local recovery temperature), coolant and

wall temperature. Adiabatic film cooling effectiveness (ETA) is a non-dimensional representation of T; and is

defined as,
Tr _Tf
= 9
=TT ©)
Hence, the convective heat flux equation for film cooling cases is expressed as,
q"=h(Ty -T,) (10)

Equation (10) can be algebraically manipulated to obtain the following expression,

q" Tr _Tw
= -h
T, -T (T -T J 7 D

r C

Since data is acquired during the steady period of the tunnel run, HTC and ETA can be assumed constant.
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Figure 9: Linear regression curve fit for film cooled cases
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Two similar transient tests are necessary in order to solve for HTC and ETA simultaneously. The experimental
methodology of running two similar tests for film cooling cases has been adopted from Ekkad et al. [36] which is
referred to as heated mainstream transient technique in section 3.2.1 of the article. The first transient test is carried
out with mainstream at a high temperature and coolant at chilled temperatures (lower than ambient) and suddenly
exposed to surface at ambient temperature. In the second test, the only difference is the coolant is heated up to a
certain temperature instead of being cooled. The current method differs to some extent from the method described in
Ekkad et al. [36], where for high speed flows coolant and mainstream temperatures cannot be matched and the
mainstream cannot be continuously heated during experiments. Nevertheless, generating two different data sets from
two similar transient runs provides enough points to solve the two unknowns iteratively. The basic assumption
embedded into the data reduction technique is that HTC and ETA being hydrodynamic parameters, hence
independent of operating temperatures, and experimental operating (flow) conditions remains same between “hot
coolant” run and “cold coolant run”. The T, values are matched for both hot coolant run and cold coolant run as it
depends on local Mach number and remains constant for a particular location during the data reduction period. The
linear fit of data for film cooling cases is shown in Fig. 9 where, HTC is obtained from the slope and ETA is

obtained from the Y-intercept.
Uncertainty Analysis

For linear regression technique, two different uncertainty analysis methods are applied in the two data processing
steps respectively. The propagation of the major errors is analyzed through the Moffat’s [37] perturbation method.
The linear regression uncertainty analysis was carried out according to the method recommended by Brown and

Coleman [38]. The average uncertainty for HTC measurements is about 8% whereas, for ETA values it is ~ 6%.
Data Representation

The basic data representation technique which involves mapping of two-dimensional raw HTC data onto three
dimensional endwall surface using camera transformation matrix and image stitching was developed by Panchal et
al. [21] and is not repeated here. This technique was further used for representing ETA values on a three-

dimensional endwall similarly.
CFD ANALYSIS

A three-dimensional steady state, compressible flow CFD simulation was performed using commercial software
package ANSYS-CFX® with SST k- turbulence model. The CFD modeling was performed by Siemens Energy
Inc. The main flow passage had a structured grid with about 3.6 million cells resulting in Y+ values of less than 1.0
on all surfaces. The cavity mesh was also generated using a structured grid of similar quality and was attached to the

flow domain with a GGI-direct interface.
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Figure 10: Inlet boundary layer profiles (obtained from experiments) used in the CFD simulation

At 0.5C,, upstream, inlet T, and P, profiles derived from experimental data as shown in Fig. 10, were applied along
with uniform unit vectors and 8% turbulence. At 2.0C,, downstream, the outlet static pressure was varied to provide
the airfoil loadings [35]. For further details on model development, readers are requested to contact co-authors from
Siemens Energy Inc. directly due to proprietary reasons. It is important to note that, in this paper CFD simulations

are used only to qualitatively compliment the experimental data and provide insight into the flow physics.
RESULTS AND DISCUSSION

The results discussed in this section are arranged in the following manner — First, the effect of presence of the
upstream purge slot has been examined and compared with an existing case having no upstream slot, without
coolant flow, Second, heat transfer characteristics have been elaborated for both endwall geometries corresponding
to with (MFRs — 0.5%, 1.0%, and 1.5%) and without leakage flow cases. Finally, quantitative comparison between
both endwall geometries has been described based on overall thermal performance. All heat transfer results shown in
the following sections have been normalized (HTC normalized by area averaged HTC 1.0C,, upstream of the slot
and adiabatic effectiveness normalized by maximum value over the area) due to proprietary nature of the data.

Experimental data for with and without coolant blowing cases are presented in the following sections.
Effect of upstream slot — without coolant blowing

Heat transfer experiments without the upstream slot have been carried out Panchal et al. [21]. During the
experiments in presence of slot and without blowing, the exit of the slot was not sealed, therefore even if there was

no net leakage flow, mainstream flow ingress into the cavity was present.
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Figure 11: Normalized endwall heat transfer coefficient distribution with endwall contouring

without coolant flow

Figure 11 shows the normalized endwall heat transfer coefficient distribution for the baseline and contoured
(AO) endwall while uncooled heat transfer case has been considered. The absence of leakage flow emphasizes the
effect of upstream backward facing slot on endwall heat transfer performance. The sole effect of the upstream purge
slot on endwall contouring can be explained comparing Figs. 11(a)-(d) for baseline and AO geometry respectively.
The complex vortices generated within the passage for the baseline geometry follows classical secondary flow

pattern as explained by Wang et al. [38] and therefore is only discussed in brief and as follows.

In case of baseline geometry, the incoming boundary layer bifurcates at the stagnation point upstream of the
leading edge of the airfoil and forms a horse-shoe vortex. The pressure side leg of the horse-shoe vortex traverses
further inside the passage and grows in strength as it mixes with the mainstream flow. The cross passage pressure
differential formed between pressure side of one airfoil and suction side of the adjacent airfoil drives the passage
vortex towards suction side of the airfoil, where it meets with the suction side leg of the horse-shoe vortex and lifts

off from the endwall. The corner vortex adheres and grows along the suction side of the airfoil up to the trailing
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edge. Thereafter, the passage vortex grows further towards the trailing edge adhering to the suction side of the
airfoil. Figure 12 shows endwall flow features observed after an oil flow visualization experiment was performed on
the baseline endwall. The horse-shoe vortex, passage vortex formation and propagation, separation and re-
attachment lines are clearly visible.

Pressure side
HS vortex

Suction side
HS vortex

Passage
vortex

Endwall cross
flow

Figure 12: Baseline endwall oil flow visualization

The AO endwall passage contour is designed to redirect the pressure side leg of the horse-shoe vortex along
more favorable streamwise direction. The protruded region on AO endwall starting from the leading edge of the
airfoil extending towards the suction side prohibits the passage vortex from cutting across the passage even in
presence of large pressure gradient. Therefore, the passage vortex remains weaker compared to baseline endwall as
it is prevented to mix with the mainstream flow and influence of cross passage pressure differential is minimum. The
peak region guides the passage vortex primarily along the pressure side of the airfoil and therefore meets the suction
side leg of horse-show vortex further downstream compared to baseline endwall. The path and strength of the
passage vortex strongly influence endwall heat transfer. Therefore, it is important to note that local HTC values are
dependent on flow features near the endwall, hence increased HTC levels are observed in locations where the
vortices are stronger. Figure 13 shows CFD prediction of endwall static pressure distribution superimposed with
vortex cores. All vortex cores are iso-surfaces of identical strength. Therefore, a stronger vortex can be identified
with a larger core radius. Comparing Figs. 11 and 13 it can be inferred that regions with low pressure and high
velocity strengthen the passage vortex, resulting in higher convective heat transfer. Similarly, high heat transfer zone

can is also observed at the leading edge stagnation point neat the formation of horse-shoe vortex.
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AO endwall, no cavity AO endwall, 0% purge

Figure 13: Endwall flow structure with vortex cores using CFD

The presence of the purge slot upstream of the airfoils doesn’t change the overall endwall flow patterns for both
baseline and AO endwall. However significant reduction of HTC values is observed compared to without slot case.
A new vortex structure can be identified which is known as the “cavity vortex”. This vortex forms due to
mainstream flow ingress into the cavity. Since, the lift-off point of the passage vortex is further upstream in presence
of a slot, the overall strength of the pressure side leg of horse-shoe vortex diminishes resulting in lower endwall heat
transfer. Therefore the major difference in HTC distribution between with and without slot case can be attributed
due to reduced strength of the horse-shoe vortex, as the purge slot trips the inflow boundary layer. For AO
geometry, further reduction of endwall HTC is obtained due to the contour guiding the passage vortex primarily

along pressure side of airfoil and delaying the meeting point with suction side leg of horse-shoe vortex.
Effect of endwall contouring with coolant injection

Figure 14 illustrates normalized endwall HTC distribution for film cooling cases where three coolant to
mainstream mass flow ratios (MFRs) have been considered for both endwall geometries — 0.5%, 1.0% and 1.5%.
Prominent interaction between coolant and secondary flow features is observed for both baseline and AO endwall
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geometry. The purge flow from the upstream slot follows the path traversed between the pressure side leg of the
horse-shoe vortex and suction side horse-shoe vortex of the adjacent airfoil and gets mixed out into the mainstream
flow. The extent of coolant jet penetration and diffusion into the passage mainstream flow is found to increase with
increase in coolant MFRs. Moreover, a local high HTC zone (Region A) can be identified upstream of the airfoils
near the chamfer region especially for baseline geometry at higher MFRs. Region A is highly affected by turbulent
dissipation and mixing of coolant jet into the mainstream — higher the coolant momentum flux, higher is the rate of
dissipation and therefore resulting in concentrated high heat transfer zones expanding with increasing MFR.
Strengthening of the “Slot induced coolant vortex” imparting additional coolant momentum flux can also be
attributed towards higher HTC values in Region A. The coolant vortex is a stronger version of the cavity vortex
explained earlier due to coolant addition. Enhancement of local endwall heat load due to coolant jet mixing is also
seen in contoured geometry as shown in Fig. 14. However, the region is shifted more downstream compared to non-
contoured baseline endwall and for higher MFR (1.5%) condition higher coolant significantly reduces heat load

within that region.
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Figure 14: Normalized heat transfer coefficient distribution — upstream purge flow cases
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Considering baseline endwall, as shown in Fig. 15, it can be noted that as the upstream leakage flow is increased
from the coolant further progresses into the passage. At 0.5% MFR the coolant momentum flux is low, hence
diffuses rapidly and is not able to penetrate significantly into the passage. For 1.0% MFR and 1.5% MFR the coolant
acquires higher momentum flux and hence is able to penetrate further into mainstream flow. The V-shaped
effectiveness contours near the leading edge for higher coolant MFRs lies between the horse-shoe vortices of
adjacent airfoils for baseline geometry. The cross passage pressure differential between the airfoils drives the
coolant more towards the suction side of the airfoil. It can also be observed that with higher MFR, better cooling be
obtained near leading edge stagnation region. However for 1.5% MFR case the coolant spread is not significantly
higher along the mainstream direction compared to 1.0% due to coolant lift off from the endwall. The coolant lift off
phenomenon can also be supported from HTC contours at 1.5% MFR case as shown in Fig. 14, where, very high

local heat transfer zone exists due to enhanced turbulence mixing of coolant jet with mainstream flow.
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Figure 15: Normalized endwall adiabatic effectiveness contours
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Baseline, 0.5% Purge

AO endwall, 0.5% Purge AO endwall, 1.0% purge AO endwall, 1.5% pafge

Figure 16: Normalized endwall adiabatic effectiveness contours — CFD prediction

Furthermore, Fig. 15 also illustrates that for AO endwall the coolant effectiveness spread is higher towards the
streamwise direction and also around suction side of the airfoils compared to baseline geometry especially for higher
coolant MFRs, however cooling near the leading edge upstream region is better in case of baseline geometry. This is
attributed due to the effect of contouring which helps the coolant to adhere to the endwall further downstream of the

passage.

Figure 16 shows predicted effectiveness contours obtained using CFD analysis for different coolant MFRs with
endwall contouring and are in good qualitative agreement with experimental results. Due to the formation of the
passage vortices as described earlier, CFD results also show that the extent of the purge flow is contained within the
triangular region upstream of the horse-shoe vortex. With increase in coolant MFR, the coverage expands outward,
but is not able to reach the leading edge or beyond the horse-shoe. However, the experimental data shows higher

effectiveness levels towards trailing edge along suction side for higher MFR.

Table 1 presents a summary of comparative performance of endwall heat transfer for all with and without film
cooling cases. Area averaged endwall HTC has been considered as the basis for comparison with Baseline endwall
without coolant (with slot) as the reference. It can be emphasized again, that significant reduction in endwall heat
transfer performance can be obtained only due to the presence of upstream slot. Considering film cooling cases at
0.5% and 1.0% MFR although the overall HTC values are higher for AO geometry, however, significant heat flux

reduction can be achieved as the effectiveness levels are higher than corresponding baseline cases. At 1.5% MFR,
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AO endwall performance is better as the contouring helps the coolant film to be attached to the surface whereas, jet

lift off occurs in case of baseline endwall.

Table 1: Area averaged heat transfer coefficient comparison

Baseline + 24% -1% - 4% + 5%
AO + 5% -7% + 4% + 3% - 4%

Baseline Endwall

MFR - 0.5%

MFR - 1.0% MFR - 1.5%

AO Endwall

Figure 17: Local Net Heat Flux Reduction (NHFR) distribution for all leakage cases

Net Heat Flux Reduction (NHFR) analysis has also been carried out to further identify the benefits of using
endwall contouring as depicted in Fig. 17. NHFR — a combination of HTC and ETA, the analytical expression of
which is provided in Eq. (12), is used widely in literature to figure out the overall performance enhancement in
presence of cooling features compared to a non-blowing reference case (Baseline geometry without net upstream
purge flow).
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o 1 <p) (12)

NHFR =1 —

Where, ¢ is a non-dimensional metal temperature defined as overall cooling effectiveness and an average value of ¢
= 0.6 is used considering realistic gas turbine inlet, metal and coolant temperatures [40]. It is evident from Fig. 17
that the contoured endwall significantly improves endwall NHFR due to the combination of the following — 1)
effective control of the secondary flow reducing the passage vortex strength and strong cross passage flow gradients
and 2) the coolant film can penetrate further into the passage almost up to the trailing edge for higher MFR. The
major contributor towards pressure side NHFR is due to reduction in local HTC. However, effect of coolant film
coverage is dominant towards suction side of the platform as well as the region just downstream of the slot within

the stagnation zone.
CONCLUSIONS

Heat transfer performance of a non-axisymmetric contoured (AO) endwall generated to minimize aerodynamic
losses was experimentally investigated and compared with a conventional planar (baseline) endwall at three
different leakage flow rates (0.5%, 1.0% and 1.5% MFR) at design exit isentropic Mach number of 0.88 and design

incidence angle using IR thermography technique.

e The presence of purge slot has a significant impact on endwall heat transfer distribution. 19% area averaged
heat transfer coefficient reduction was observed for baseline endwall, whereas, in case of contoured endwall the

reduction was 11% when without and with purge slot (without coolant) cases are compared.

e  The contoured endwall shows significant improvement over heat transfer performance for all uncooled heat
transfer cases. However, the area averaged Nusselt number reduction is comparatively lower in presence of slot.
This may be attributed due to the design procedure of the contoured endwall. The contoured endwall geometry
was generated to minimize the aerodynamic losses without taking into account the presence of the slot,

therefore, presence of the slot might have an impact on the overall performance.

Considering film cooling cases, although the area averaged Nusselt number for contoured endwall is marginally
higher than baseline counterpart for low (0.5%) to moderate (1.0%) coolant MFRs, the higher effectiveness levels
may reduce the overall passage heat load onto the hub. This was evident considering local NHFR as an overall
comparison basis. The contoured endwall outperforms the baseline geometry in significant reduction of heat load
especially near the conventional hot-spot regions. Improvement near the pressure side is largely due to reduced HTC
levels however, suction side NHFR is largely contributed by adiabatic effectiveness. At higher MFR (1.5%) the
contouring helps the coolant film to stay attached to the endwall surface for a longer distance along the mainstream
flow, therefore, larger coolant spread is achievable in case of contoured endwall. The coolant lift off at higher MFRs
is due to intense turbulent mixing for baseline endwall increases overall Nusselt number as well as decreasing the

coolant spread on the surface.
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ABSTRACT

Heat transfer experiments with endwall discrete hole film cooling were carried out for a high turning (127°) airfoil
passage in presence of an upstream purge slot in a transonic linear cascade. However, no leakage flow from the
purge slot was considered in this study. Two different coolant to mainstream mass flow ratios (MFR) — 0.15% and
0.25% were investigated at design exit Mach number (0.88) and design incidence angle. Measurements with
identical operating conditions were performed using two passage designs — 1) a planar endwall (Baseline), and 2) a
non-axisymmetric aerodynamically optimized endwall (AO) contour design. The contoured endwall was generated
to minimize stagnation losses integrated over a plane 1.0 axial chord away from the trailing edge of the airfoil. The
experiments were performed at Virginia Tech’s quasi two-dimensional, linear, transonic blow down facility. The
airfoil span increases in the mainstream flow direction in order to match realistic inlet/exit airfoil surface Mach
number distribution. A transient Infrared thermography technique was employed to measure the endwall surface
temperature. Heat transfer coefficient (HTC) and Adiabatic film cooling effectiveness (ETA) were calculated
simultaneously from measured temperatures using a linear regression analysis assuming a 1-D semi-infinite transient
conduction. The experimental technique consists of a two test methodology where, the coolant temperature was
varied in both tests whereas, the mainstream temperature was kept similar with other flow and geometrical
conditions remaining identical. The test section was always kept at ambient conditions initially. A cavity was
fabricated inside the test section hardware to work as a coolant plenum. Three rows of strategically placed
cylindrical holes with varied orientation and specific Length/Diameter (L/D) ratios were chosen to ensure fully
developed flow for the present endwall cooling study. Results indicate prominent interaction between the three rows
of coolant injection as well as with the passage vortex. Benefits of the endwall contouring can also be observed in
reducing area averaged HTC as well as with higher coolant spread. In general, the coolant coverage improved with
higher coolant blowing ratios, however, an increase in overall averaged HTC was observed for all blowing ratios
compared to without blowing. The contoured endwall was also found to be advantageous in reducing net heat load

to the platform for all film cooling conditions.
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INTRODUCTION

Development of environmentally friendly power plants with strict regulations on significantly reducing NOy
emission levels along with increased efficiency has posed a critical challenge to turbine designers. Advanced gas
turbines as a part of Integrated Gasification Combined Cycle (IGCC) have emerged as promising candidates to meet
goals set by U.S. Depart of Energy (DOE) in achieving higher performance levels with increased fuel flexibility
(specially for hydrogen rich fuels). Increased power output and thermal efficiency is driving advanced turbine
development towards higher pressure ratios, operating temperatures and highly loaded airfoils which require further
detailed investigation of aero-thermal performance parameters. Advanced airfoil and passage cooling schemes are
required to address the issue of higher firing temperature at the turbine inlet high pressure stages (HPT) specially,
with increased loading at transonic operating conditions. Endwall cooling schemes can be broadly classified into
three categories — 1) upstream purge cooling, 2) discrete hole film cooling and 3) mate-face cooling. While upstream
purge cooling and leakage flow through mate-face gap utilize existing turbine assembly features, endwall film
cooling using discrete holes require thorough understanding of the secondary flow characteristics. Knowledge of
local high heat transfer zones (hot spots) are required for location and basic hole design parameters (e.g. shape,
ejection angle, L/D ratio). The major objective again like other cooling features is to obtain maximum film surface
coverage and heat load reduction with minimum coolant usage. Three-dimensional vortices generated due to

complex secondary flow effects largely influence location and orientation of film holes.

Endwall contouring on the other hand has emerged as an effective tool to reduce aerodynamic loss [1] as well as
shown potential to improve endwall heat transfer performance [2]. Contoured endwalls are generated modifying
passage geometric shape through numerical optimization routines with an objective function (to reduce secondary
losses or overall heat transfer coefficient etc.). Now, it would be interesting to investigate how a combination of
endwall film cooling in presence of endwall contouring is able to achieve better thermal performance compared to
conventional passage with identical film cooling design. This comparison is illustrated with the aid of experimental

measurements described in the following sections of the present article.
BACKGROUND STUDY

Prof. Goldstein’s group at University of Minnesota performed some of the first pioneering studies [3-5] on film
cooling applicable for gas turbines. The science and fundamentals behind film cooling technology has been widely
studied by several researchers and has been well documented by Bogard and Thole [6], Bunker [7, 8], Han et al. [9].
According to the context of the present study the literature survey presented as following emphasizes efforts on
understanding and improvements made by researchers with focus on endwall film cooling using primarily

cylindrical hole design.

Takeishi et al. [10] proposed a three dimensional flow field model explaining the formation of major vortices

contributing to secondary flow within the passage and underlined the impact on heat transfer and film cooling on
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airfoil and endwall of a fully annular guide vane cascade (aspect ratio = 0.5). Rows of film holes were placed near
leading edge and two other locations near the throat of the nozzle. The stronger influence of passage aerodynamic
loading on the outer endwall compared to the inner endwall was the major conclusion of this study. Jabbari et al.
[11] investigated the effect of blowing ratio, coolant density ratio and Reynolds number on adiabatic film cooling
effectiveness measured at 60 different locations on the endwall. Film jet visualization was performed using
ammonia-diazo technique. Majority of the jet traces were influenced by trajectory and strength of the passage
vortex, however traces from the holes located near the downstream region were aligned along the mainstream
direction. Friedrichs et al. [12] utilized the ammonia-diazo technique to quantify adiabatic film cooling effectiveness
distribution on the endwall of a large scale, low speed, linear cascade. Effectiveness values were calculated based on
the ammonia concentration gradient on the diazo paper using heat/mass transfer analogy. This paper had several
important insights on endwall film cooling design based on the experimental results — 1) three dimensional
separation lines need to be identified and holes should be placed underneath lift-off lines, 2) cooling requirements on
the endwall are highly non-uniform and pressure side of the endwall requires improvement and 3) trajectory of the
coolant jet was largely dependent on secondary flow structure and effect of ejection angles were negligible except
immediate vicinity of the holes. Extensive studies on vane endwall film cooling performance have been carried out
by Knost and Thole [13], Colban et al. [14,15] using Infrared (IR) thermography technique under steady state
conditions. Knost and Thole [13] reported adiabatic film cooling effectiveness distribution for two different endwall
discrete hole patterns with coolant blowing through discrete holes only as well as combined upstream purge slot and
film coolant injection. As it was evident that upstream purge cooling was dominant near the center of inlet to the
passage redesign of discrete hole patters were required in order to prevent over cooling. Interaction between slot
cooling and film cooling flow streamlines were discussed. Colban et al. [14, 15] further continued this investigation
to evaluate film cooling performance by comparing shaped hole design with nominal cylindrical hole design varying
blowing ratios and inlet freestream turbulence levels. For both studies shaped hole provided significantly better film
effectiveness coverage under identical conditions. The major deficiency in cylindrical film hole design was jet lift
off/separation at higher blowing ratios which was hardly observed for fan shaped hole due to jet diffusion at the exit
of the hole. Wright et al. [16] and Gao et al. [17] employed steady state Pressure Sensitive Paint (PSP) technique to
measure endwall film cooling effectiveness for film only and combined purge slot/discrete hole coolant blowing
conditions. Multiiple rows of discrete holes were fabricated near the pressure side of the platform with ejection
angles aligned at 30° to the mainstream flow trajectory. The hole pattern followed the blade profile closely. Similar
conclusions were drawn for cylindrical design where jet lift off was observed with increase in blowing ration beyond
1.0 when compared with laid back fan shaped holes [17]. Barrigozzi et al. [18, 19] performed film cooling
effectiveness measurements using transient liquid crystal thermography under subsonic flow conditions for vane
[18] and blade [19] endwall designs. The vane endwall consisted of four rows of discrete holes spread over the
entire region from leading edge to trailing edge whereas, only one row of pressure side holes were used for the blade

endwall experiments.
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In contrast to the brief literature review presented in the preceding paragraph, experimental measurements on
endwall discrete hole film cooling under transonic conditions are rare. Harasgama and Burton [20] were the first to
report heat transfer performance of a nozzle guide vane passage in presence of endwall film cooling using a short
duration annular cascade based on engine representative operating conditions (exit Reynolds number ~ 2.55 x 10°,
exit Mach number ~ 0.93, coolant density ratio ~ 1.8). A typical aircraft engine endwall film cooling pattern was
chosen using four rows of holes strategically placed on iso-Mach lines to ensure uniform blowing rate and
momentum ratio at the hole exit. They achieved up to 75% reduction in endwall Nusselt number close to the plane
of injection, however, near trailing edge along the pressure side coolant flow was swept away by passage vortex and
strong cross passage flow due to induced pressure gradient reducing the cooling efficiency to 20% only. Nicklas
[21] applied IR thermography along with known heat flux conditions from a surface heater for simultaneous
measurement of endwall heat transfer coefficient and adiabatic film effectiveness distribution in presence of
combined upstream slot leakage and endwall film cooling under transonic operating conditions. Local enhancement
of heat transfer coefficient and turbulence levels were reported just downstream of the coolant ejection holes.
Jonsson et al. [22] developed a three test methodology to measure three important film cooling parameters
simultaneously on a vane platform under compressible flow conditions — heat transfer coefficient, adiabatic film
cooling effectiveness and surface heat flux using IR thermography coupled with thermo-chromic liquid crystal and
surface foil heater. Salvadori et al. [23] used steady state PSP technique to calculate film effectiveness distributions

for fan shaped discrete cooling holes on the endwall at design isentropic exit Mach number of 0.88.

Endwall discrete hole film cooling in presence of endwall contouring has been investigated only by Thrift et al.
[24]. They reported film cooling performance of an axisymmetric endwall contour design and concluded the
baseline planar endwall showed better film cooling coverage as the turning of the mainstream flow at the contoured

surface reduced the local blowing ratios near the pressure side.
MOTIVATION AND OBJECTIVE

The present study is a continuation and further development of Roy et al. [25] incorporating discrete hole film
cooling onto the baseline and aero-optimized (AQ) endwall geometries for a high turning (127°), high pressure
turbine passage operating at design exit Mach number - 0.88 and design incidence angle. The inlet Mach number is
0.45 and inlet Reynolds number (based on axial chord length) is about 9 x 10°. Key heat transfer parameters — heat
transfer coefficient (HTC) and adiabatic film cooling effectiveness (ETA), have been experimentally measured for
two different coolant to mainstream mass flow ratios (MFR) — 0.15% and 0.25%. The objective of the present study
is to provide experimental data for film cooled endwall at transonic operating conditions in presence of endwall
contouring and quantitative comparison of overall heat transfer performance based on local net heat flux reduction
(NHFR) distribution. To the best of the authors’ knowledge, no studies have been reported in open literature on the

effect of endwall contouring with discrete hole film cooling under transonic operating conditions.
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NOMENCLATURE
AO Aero-Optimized

Cox Axial chord length (m)

h,HTC Heat transfer coefficient (%)

h Heat transfer coefficient — Film Cooled case (4)
m<K
et Heat transfer coefficient — Reference case ( VZV )
m<K

IR Infrared
k ivity (22~

Thermal conductivity (m K)
M Mach number
M, Isentropic Mach number

y-1
_ Poin \ v _ 41 _2

Miso N <(ps exit) 1) y-1

MFR Mass flow ratio (coolant mass flow rate per

passage/ mainstream mass flow rate per passage)
NHFR Net Heat Flux Reduction

Doin Pitchwise average stagnation pressure at inlet

midspan (Pa)

Ds exit Pitchwise average static pressure on angled end

wall 0.5 C,, downstream of the trailing edge (Pa)

q" Heat flux (%)

r Recovery factor

t Time (s)

T Temperature (K or °C)
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Tow Adiabatic wall temperature (K or °C)

Ty Film temperature (K or °C)

T, Recovery temperature (K or °C)
Trer Reference temperature (K or °C)
T, Wall temperature (K or °C)

T; Initial temperature (K or °C)

T, Coolant temperature (K or °C)

Tm Mainstream temperature (K or °C)

Greek Letters

@ Thermal diffusivity (mTZ)
0] Overall Cooling effectiveness
y Ratio of specific heats

n, ETA Film/Adiabatic Cooling effectiveness

Suffix
min Minimum value
max Maximum value

EXPERIMENTAL METHODOLOGY
Experimental Test Facility

A schematic of the transonic cascade wind tunnel at Virginia Tech is shown in Figure 18. The wind tunnel is a
blow down facility capable of a thirty second run time. The air supply is pressurized by a four-stage Ingersoll-Rand
compressor and stored in large outdoor tanks. The maximum tank pressure used for transonic tests is about 2068 kPa
(300psig). A control valve is used to regulate the flow from the tanks to the test section. During a run, the upstream
total pressure is held constant by varying the opening of a butterfly valve controlled by a computerized feedback
circuit. The airfoil isentropic exit Mach number is varied by changing the upstream total pressure. The airflow

through the cascade is controlled valve 1 as shown in Figure 18. The first and the second valve remain open during
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the aerodynamic measurements while the third one remains closed allowing the air flow directly from inlet to the
test section. For the heat transfer experiments, the valves one and two are initially kept closed and the third one is
kept open. Air is circulated through heater loop and the copper bars acting as thermal capacitor. The heated air from
heater heats up copper tubes in the heat exchanger. The third valve is closed and the other two valves are opened
when the temperature in the heat exchanger reaches a specified magnitude (100°C). The air gets heated through the

heat exchanger while passing from the inlet to the test section.

The cascade test section, as shown in Figure 19, consists of 5 airfoils resulting in 4 passages, with a controlled
bleed flow above the first airfoil. This passage design is identical to as reported in Roy et al. [25], the 3" passage
from top is the passage of interest where all discrete holes are fabricated and heat transfer measurements are carried
out. The airfoils are mounted on a rotatable window, which allows for changes in incidence angles as and when
required. All experiments were performed at design incidence angle, therefore cascade angle was fixed accordingly.
Airfoil 3 from top is considered as the center airfoil of the linear cascade. A headboard, positioned upstream of the
cascade is instrumental in controlling the incoming flow by preventing an induced incidence angle effect on the
leading edges of the airfoils.

Valve 1
Valve 2

Rotatable
window Test

Heat
Exchanger

Valve 3

Outlet

Figure 18: Virginia Tech transonic tunnel facility
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Turbulence grid

Head Board

Flow direction

Figure 19: Cascade test section details with turbulence grid

The headboard is used to create and control a flow bleed that prevents the flow from turning prior to reaching the
leading edge of the airfoils. Uniform inlet flow conditions can be achieved by careful adjustment of the headboard
angle which aids in maintaining uniform and periodic flow through each airfoil passage and ensuring that the flow

angle gradient ahead of the cascade is zero.

The inlet Mach number is measured by a Pitot static probe located 0.5 axial chords upstream of the center blade
leading edge. The isentropic exit Mach number is decided based on the inlet total pressure (as measured by the pitot
static probe) and the average wall static pressure measured 0.5 axial chords downstream of the cascade. The inlet
total pressure profile was measured 0.5 C,, upstream of the leading edge using 5 hole probe traverses in pitchwise
direction at different span locations from the endwall up to the midspan. A turbulence grid is placed 5.5 C,,
upstream of the center blade as shown in Fig. 2. Inlet free stream turbulence intensity was measured at mid-span 0.5

C.x upstream of the blade leading edge using a hot-wire anemometer and was found to be about 8%.
Discrete Hole Design

The preliminary endwall discrete hole film cooling design was provided by Siemens Energy Inc. All film
cooling holes were cylindrical in shape and 1.2mm in diameter. The hole ejection angles were based on specific
coolant requirements at corresponding locations. The location of the first row of holes as shown in Figure 20 starts

just after the leading edge from pressure side of the passage and extends up to ~ 0.5C,, along the passage.
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Center part

Figure 20: Discrete hole geometry (a) Cascade schematic, (b) measurement passage, (c) close up

of hole location and orientation

Figure 21: Discrete hole coolant cavity (a) section plane, (b) coolant cavity inside view

There are three rows of coolant holes, where the first, second and third row consists of 7, 8 and 9 holes respectively.
An individual row starts near airfoil pressure side endwall junction and ends near mid passage. The length to
diameter (L/D) ratio of all the holes were in the range 4-5 to simulate actual engine representative hole designs as
well as ensure fully developed flow conditions. In order to keep such a small L/D ratio for both endwall geometries,
the coolant plenum was embedded inside the endwall by making a cavity and hole inlet surface profile was made
same as external endwall surface as shown in Figure 21. Hence, the coolant after entering into the cavity from
external plumbing system flows into the coolant holes. The coolant cavity ensures proper mixing of the coolant

stream and coolant temperature measurement was also performed inside the cavity just before the inlet of the
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cooling holes. The hole location on endwall was primarily based on cooling requirements of high heat transfer zones
along the passage horse-shoe vortex flow path for both geometries. Though the individual hole angles are different,
identical hole pattern along with the plenum cavity was fabricated for the AO endwall as well to maintain

consistency in comparing film cooling performance w.r.t. the baseline endwall.
Endwall Design

Two different passage designs were studied for endwall film cooling performance. The endwall designs were
provided by Siemens Energy, Inc. The first endwall geometry is non-contoured referred as Baseline endwall. The
other endwall geometry denoted as AO (Aero-optimized) endwall was obtained from an optimization study in order
to minimize aerodynamic losses at 1.0C,, downstream of the airfoil trailing edge. The upstream purge slot design
and dimensions were kept identical for both endwall geometries, however no coolant was blown through. The basic
features of the contoured endwall geometry are shown in Figure 22. The AO contoured endwall shows a strong peak
region along the passage starting from the leading edge pressure side and a trough region along suction side starting
~ 0.2C, normal up to trailing edge. Further details of the design procedure and surface modification features are

provided in Panchal et al. [2].

Outlet

=)
—J3

Angled Endwall Side view

(a) Baseline non-contoured endwall

L

(b) Aero-optimized endwall

VAI

Figure 22: Endwall geometries
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Baseline geometry AO geometry

Figure 23: Endwall hole patterns

Figure 23 shows the endwall discrete hole locations on baseline and AO passage. The hole inlet plane was designed
to match the exact shape of corresponding endwall in order to achieve the same L/D ratio of all holes for both
baseline and AO geometry. As seen in Fig. 6 the holes on the AO endwall are located on the peak region as well as

across the valley of the contour.
HEAT TRANSFER MEASUREMENT TECHNIQUE

Endwall surface temperature measurements were performed using an Infrared (IR) camera. Two IR transparent
windows were added with a line of sight to the endwall surface being studied, as shown in Figure 24. Due to the
large forces seen in a transonic facility, the window also needed to be structurally sound. Two 4.5”x2.5” rectangular
Zinc Selenide windows were used as to satisfy the design constraints. Only one window was used at a time for
endwall temperature measurements while the other window was closed using a piece of lexan block. All the inner
surfaces of the test section and outer surfaces of the test-section window were painted using a black paint to avoid
thermal reflection from the surfaces. Coolant plenum cavity was fabricated inside the test section hardware as
mentioned earlier and coolant temperature was measured at a point inside the cavity close to the inlet of the film

holes.
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Infrared
camera

Figure 24: Heat transfer cascade set up (a) front window, (b) rear window, and (c) actual setup

The material of the endwall and the airfoils is Acrylonitrile butadiene styrene (ABS) that has low thermal
conductivity. Since the reducible data is obtained only over a short duration (~ 5s), the thermal penetration length
into the endwall in any direction is about 0.8mm. Other modes of heat transfer e.g. radiation can be safely neglected
as the maximum operating range of the endwall surface temperatures is about 60°C. The paint film thickness is so
small (order of microns) compared to endwall dimensions, conduction in the transverse direction through the paint
coating is assumed to be negligible. Therefore, the 1-D, semi-infinite heat transfer assumption is applicable at each
location on the endwall. Moreover, significant cool down times in between runs were allowed so the endwall is at a
uniform initial temperature at the start of every tunnel run. The IR camera used, ThermaCam SC325, at a resolution
of 320x240, can measure 76800 surface temperature locations simultaneously with a 0.6mm x 0.6mm cross section
for an individual pixel. Due to 1-D semi-infinite assumption results obtained for each individual pixel is assumed to

be independent of the other.

The governing differential equation for 1D transient conduction along with initial and boundary conditions are

expressed as,

a1 _a

X @
t=0, T=T,; (Initial Condition) 2
x=0,T=T, (Surface temperature boundary condition) 3)
X > oo, T=T, (Semi-infinite solid assumption) 4
The convective heat flux at the surface can be defined as,

q" =T ~Tw) )
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Uncooled heat transfer analysis

The mainstream fluid temperature (T,,) is replaced by local recovery temperature (T,) considering compressible

flow to account for aerodynamic heating near boundary layer.

Hence Eq. (5) is modified accordingly as shown,

@' =h(T, -T,) ©
1+ r[yz_leaz

I A @)
1+ [7/2_)Ma2

where, r = recovery factor = Pr** for turbulent boundary layer (Pr = Prandtl Number).

The calculation of surface heat flux is a two-step process where, in the first step, the conduction heat flux inside
the solid material is calculated using a Finite Difference Method where Eq.(1)-(4) is solved using 2" order
discretization. The surface heat flux is thus computed from conduction analysis and is equal to the convective heat
flux. The second step consists of for estimation of HTC, the calculation take place in the convective domain.
However, the data processing time window can be chosen to avoid the transition period of the tunnel start, so that
the HTC remains constant in the calculation. The data reduction time window of these two steps is shown in Figure
25. The data reduction time window of curve fitting method is also shown on the same plot. The heat flux
reconstruction needs the data from the tunnel start, because a uniform condition of the initial temperature in the
material is necessary to solve Eq. (1)-(4).

q" reconstruction
time window

r . A
Linear regression
Tunnel start 1 time window
2 . el ———\ 120
—— I I
18 1N I I ——— Ma_exit
\“_
i,z : 1 | — 110
: 1 I I
- 1,2 - : ~C 100 ¢
| I I ™
= 08 L e e s P
0.6 1 ."fl I 1 _“‘-h-.,____
04 1/ 1 1 T+ 80
0.2 1/ ! 1 =
0 — - . ll/ L] . ?0
0 2 4 6 8 10 12 14
t /sec

Figure 25: Tunnel temperature history and data processing window
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Rearrange Eq. (6), we can get a linear relationship in the form,

q"(t) = h(T,, ®) = Ty, (©) + h(T, @) = T (8)) ®)

The value of the last term in Eq. (8), only depends on the aerodynamic condition, and is constant as the local
Mach number does not change within the calculation time window. Theoretically, all the data points should fall on a
straight line, as shown in Figure 26. The slope of this line is the HTC, and the recovery temperature can be

estimated from the Y intercept.
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Figure 26: Linear regression plot for uncooled heat transfer
Film-cooled heat transfer analysis

However, for film cooling cases, where coolant is injected into the mainstream, T, needs to be replaced by film
temperature T; which is a mixed intermediate temperature between mainstream and coolant governing the
convective heat transfer to the surface wherever coolant film exists on the endwall. Therefore, all film cooling cases
can be considered as three temperature problem involving mainstream (local recovery temperature), coolant and

wall temperature. Adiabatic film cooling effectiveness (ETA) is a non-dimensional representation of T; and is

defined as,
Tr _Tf
= 9
=TT ©)
Hence, the convective heat flux equation for film cooling cases is expressed as,
9" =h(T; -T,,) (10)

Equation (10) can be algebraically manipulated to obtain the following expression,
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" T -T
q —hl " w | _hy (11)
T, -T, T, -T,

r

Since data is acquired during the steady period of the tunnel run, HTC and ETA can be assumed constant.

300
y=839.12x + 82.519 T
R* =0.9876 “ v
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<
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o 150
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>
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50
0
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.x = (Tr-Tw_) / (Tr-Tc)

Figure 27: Linear regression curve fit for film cooled cases

Two similar transient tests are necessary in order to solve for HTC and ETA simultaneously. The experimental
methodology of running two similar tests for film cooling cases has been adopted from Ekkad et al. [26] which is
referred to as heated mainstream transient technique in section 3.2.1 of the article. The first transient test is carried
out with mainstream at a high temperature and coolant at chilled temperatures (lower than ambient) and suddenly
exposed to surface at ambient temperature. In the second test, the only difference is the coolant is heated up to a
certain temperature instead of being cooled. The current method differs to some extent from the method described in
Ekkad et al. [26], where for high speed flows coolant and mainstream temperatures cannot be matched and the
mainstream cannot be continuously heated during experiments. Nevertheless, generating two different data sets from
two similar transient runs provides enough points to solve the two unknowns iteratively. The basic assumption
embedded into the data reduction technique is that HTC and ETA being hydrodynamic parameters, hence
independent of operating temperatures, and experimental operating (flow) conditions remains same between ‘“hot
coolant” run and “cold coolant run”. The T, values are matched for both hot coolant run and cold coolant run as it
depends on local Mach number and remains constant for a particular location during the data reduction period. The
linear fit of data for film cooling cases is shown in Figure 27 where, HTC is obtained from the slope and ETA is

obtained from the Y-intercept.
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Uncertainty Analysis

For linear regression technique, two different uncertainty analysis methods are applied in the two data processing
steps respectively. The propagation of the major errors is analyzed through the Moffat’s [27] perturbation method.
The linear regression uncertainty analysis was carried out according to the method recommended by Brown and

Coleman [28]. The average uncertainty for HTC measurements is about 8% whereas, for ETA values it is ~ 6%.
Data Representation

The basic data representation technique which involves mapping of two-dimensional raw HTC data onto three
dimensional endwall surface using camera transformation matrix and image stitching was developed by Panchal et
al. [2] and is not repeated here. This technique was further used for representing ETA values on a three-dimensional

endwall similarly.
RESULTS AND DISCUSSION

The results discussed in this section are arranged in the following manner — First, local heat transfer analysis is
presented for both Baseline and AO endwall without coolant flow through the film cooling holes, Second, key heat
transfer parameters — endwall heat transfer coefficient and adiabatic film cooling effectiveness have been elaborated
for both endwall geometries corresponding to two coolant blowing rates (MFRs — 0.15% and 0.25%). Finally,
quantitative comparison between both endwall geometries has been described based on overall thermal performance.
All heat transfer results shown in the following sections have been normalized (HTC normalized by area averaged
HTC 1.0C,, upstream of the slot and adiabatic effectiveness normalized by maximum value over the area) due to

proprietary nature of the data.

Normalized endwall HTC distribution for baseline and AO geometry is shown in Figure 28 for cases without
coolant blowing in order to evaluate the heat transfer performance of the endwall due to presence of the holes only.
It can be immediately observed that even without blowing there are local high HTC zones surrounding the hole
locations for the first row and most of holes of the second row. However, some streak patterns are present in almost
all the holes in the third row. This happens due to mainstream flow ingress into the coolant cavity through the 1% and
2" row of holes. The coolant comes out mostly from the 3™ row of holes after flow circulation inside the coolant
cavity. Typically the amount of mainstream ingress can be considered much less even compared to the case with
lowest coolant blowing ratio because of small diameter of the holes. As mentioned earlier, the location of the holes
were determined based on the path followed by the passage horse-shoe vortex for the baseline geometry. The horse-
shoe vortex flow direction also signifies high HTC zones on the endwall and is the primary contributor for

secondary losses.
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Figure 28: Normalized endwall heat transfer coefficient distribution with endwall contouring

without coolant flow

As shown in Figure 28for both baseline and AO endwall presence of holes tend to increase the overall HTC to
some extent. Table 1 shows the percentage deviation of overall area averaged endwall HTC values using baseline
discrete holes without blowing as reference. As noticed in the contour plots, the AO endwall still performs better
than baseline endwall but overall HTC has increased by 4% compared to without holes for AO endwall. Hence the
effects of endwall contouring are less prominent for discrete hole without blowing cases compared to without hole
cases. For both endwall designs, local heat transfer levels are observed to increase downstream after the throat

region.

Figure 29 shows the normalized HTC contour plots of discrete hole film cooling cases for baseline and AO
endwall. The overall area averaged HTC comparison for film cooling cases are also summarized in Table 2. It is
important to observe that with injection of coolant local HTC values near the hole locations increase and it increases
further with higher coolant blowing rates. The turbulent mixing of coolant jets with mainstream creates high HTC
zones at the hole locations as well as along the coolant streaks. The coolant flow exiting the discrete holes also

initiates a new boundary layer on the endwall surface which can contribute towards very high local HTC values.
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Figure 29: Normalized endwall heat transfer coefficient for film cooling cases

One interesting characteristic can be observed that, with increase in coolant blowing ratio higher endwall heat
transfer regions are seen near hole exit for baseline geometry. This is more evident following the near hole HTC
streaks emerging from all three rows. Therefore, overall area averaged HTC also increases with higher coolant
MFR. However, for AO endwall HTC streaks are comparable for both coolant MFRs considered, with marginal
reduction of area averaged HTC for higher blowing rate (MFR 0.25%). The major reason behind increased near hole
heat transfer for baseline endwall is believed to be the interaction between strong secondary flow and injected
coolant into the mainstream. Near the hole ejection region turbulent mixing is highly promoted due to mixing of
coolant jet with pressure side leg of the horse-shoe vortex. This phenomenon is hardly visible from normalized HTC
contour plots of AO endwall largely due to weaker secondary flow and redirection of passage horse-shoe vortex
path.
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Figure 30: Normalized adiabatic film effectiveness contours for all film cooling cases

Table 2: Area averaged heat transfer coefficient comparison

Baseline -7% +1.5% + 6%
AO -13% -9% -13% -11.5%

It is important to mention here that for higher blowing rates merging of several coolant jets can be observed more
significantly for baseline geometry. This can be attributed primarily due to the secondary flow sweeping the coolant
jets across the passage. Minor conduction effects can also cause high HTC zones between the holes and streaks as
the coolant cavity is only ~ 5mm thick from hole inlet to outlet. Although the theoretical thermal penetration depth
is about ~ 1mm, low but finite thermal conductivity of the material can produce conduction effects near hole
locations which is assumed to be negligible. For more accurate results transient conjugate heat transfer analysis is

required to eliminate the effects of 2D conduction completely.
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It is interesting to note that in Figure 30 for baseline endwall the coolant streaks are distinct and almost all of
them are aligned towards the suction side of the airfoil, whereas for AO endwall the streaks are directed more
towards mainstream flow direction. This can be explained from the interaction between secondary flow and coolant
flow. For the baseline geometry there exists a strong cross passage flow due to pressure differential from pressure
side to suction side of the airfoil. In case of low coolant blowing rates, the low momentum coolant jet rapidly
diffuses into the mainstream and swept away by the secondary flow. However, for higher coolant MFR the coolant
jet is stronger and able to sustain the flow along the endwall to some extent before diffusing into mainstream.
Whereas, the cross passage secondary flow in AO endwall is not as strong as compared to baseline endwall,
therefore the coolant streaks are more spread out on the endwall and aligned towards the mainstream flow direction

for all blowing ratios.

NHFR
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MFR - 0.15% MFR - 0.25%

AO Endwall

Figure 31: Local Net Heat Flux Reduction (NHFR) distribution — Endwall film cooling

Net Heat Flux Reduction (NHFR) analysis has also been carried out to further identify the benefits of using
endwall contouring as depicted in Figure 31. NHFR — a combination of HTC and ETA, the analytical expression of

which is provided in Eq. (12), is used widely in literature to figure out the overall performance enhancement in
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presence of cooling features compared to a non-blowing reference case (Baseline geometry with discrete holes
without coolant flow).
n

h
f
NHFR=1—-——"—(1—— 12

href (P) ( )

Where, ¢ is a non-dimensional metal temperature defined as overall cooling effectiveness and an average value of ¢
= 0.6 is used considering realistic gas turbine inlet, metal and coolant temperatures [29]. It is evident from Figure 31
that the contoured endwall significantly improves endwall NHFR in presence of discrete hole film cooling due to the
combination of the following — 1) effective control of the secondary flow reducing the passage vortex strength and
strong cross passage flow gradients and 2) the coolant film is therefore able to stay attached to the endwall surface
further into the passage especially for higher MFR. The major contributor towards pressure side NHFR is due to
reduction in local HTC. However a combination of reduced HTC and improved film effectiveness levels is dominant

in higher NHFR over the mid-passage region.
CONCLUSIONS

Heat transfer performance of a non-axisymmetric contoured (AO) endwall generated to minimize aerodynamic
losses was experimentally investigated and compared with a conventional planar (baseline) endwall in presence of
discrete hole film cooling at two different leakage flow rates (0.15% and 0.25% MFR) at design exit isentropic
Mach number of 0.88 and design incidence angle using IR thermography technique. The major findings can be

summarized as:

e The overall heat transfer performance for AO endwall was better than baseline geometry for all discrete hole
film cooling cases considering key heat transfer parameters — heat transfer coefficient, film cooling

effectiveness and net heat flux reduction.

e  The presence of holes increased overall average heat transfer coefficient on AO endwall even without coolant
blowing, thus reducing the benefits of contour design to some extent. It is important to mention that the AO
endwall contour design was optimized without taking into account any endwall cooling features. This might be

due to discrete holes creating additional local high turbulence.

e For film cooling cases, endwall contouring proved to be advantageous as up to 16% reduction in area averaged
HTC together with significant improvement in endwall NHFR. In case of baseline endwall very high heat
transfer zones are observed locally near the hole exit locations. The coolant streaks as visible from heat transfer
coefficient contours are intense for baseline endwall due to high turbulence dissipation of coolant jet into

mainstream and initiation of new boundary layer
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CHAPTER 3 : Heat Transfer Performance of a Transonic Turbine Blade Passage in
presence of Leakage Flow through Upstream Slot and Mateface Gap with Endwall

Contouring
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ABSTRACT

Comparison of heat transfer performance of a non-axisymmetric contoured endwall to a planar baseline endwall
in presence of leakage flow through stator-rotor rim seal interface and mateface gap is reported in this paper. Heat
transfer experiments were performed on a high turning (~127°) turbine airfoil passage at Virginia Tech’s transonic
blow down cascade facility under design conditions (exit isentropic Mach number 0.88 and 0° incidence) for two
leakage flow configurations — 1) mateface blowing only, 2) simultaneous coolant injection from the upstream slot as
well as mateface gap. Coolant to mainstream mass flow ratios (MFR) were 0.35% for mateface blowing only,
whereas for combination blowing, a 1.0% MFR was chosen from upstream slot and 0.35% MFR from mateface. A
common source of coolant supply to the upstream slot and mateface plenum made sure the coolant temperatures
were identical at both upstream slot and mateface gap at the injection location. The contoured endwall geometry was
generated to minimize secondary aerodynamic losses. Transient IR (Infrared) thermography technique was used to
measure endwall surface temperature and a linear regression method was developed for simultaneous calculation of
heat transfer coefficient (HTC) and adiabatic cooling effectiveness (ETA), assuming a 1D semi-infinite transient
conduction. Results indicate reduction in local hot spot regions near suction side as well as area averaged HTC using
the contoured endwall compared to baseline endwall for all coolant blowing cases. Contoured geometry also shows
better coolant coverage profiles further along the passage. Detailed interpretation of the heat transfer results along

with near endwall flow physics has also been discussed.
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INTRODUCTION

In modern gas turbine engines the airfoils on the hub section are cast as a single unit as shown in Figure 32(a).
These individual parts are joined together circumferentially on the wheel-space to form the annular section of

turbine blade rows as shown in Figure 32(b).

Pressure side

Suction
side : =l Airfoil
Hub ol : endwall

junction

Mateface
slot
Purge Root
slot
() (b)

Figure 32: Turbine assembly features [1,2]

Figure 32 also shows several gaps due to turbine assembly feature — stator-rotor interface and the gap along the
mating hub endwall surfaces of adjacent airfoils. Supply of high pressure coolant air is necessary to purge through
these interfaces in order to prevent hot mainstream gas ingestion into the turbine core section. The leakage flow also
protects the hub endwall from direct contact with the hot gas by creating a thin layer of film which reduces the heat
load to the platform. Although, any leakage flow tapped from high pressure compressor introduces aerodynamic
penalty, the coolant injection is essential with increasing turbine inlet temperatures for modern gas turbine engines.
Current operating temperatures are well beyond metal melting point of the airfoil and endwall material. The chord-
wise gap between the adjacent airfoils/endwall castings is often referred as mateface gap. These leakage gaps are

also subjected to extremely high thermal stresses due to observed higher temperature gradients.
RELEVANT LITERATURE REVIEW

Endwall contouring has been widely studied by several researchers in the past decade as an effective tool to
control secondary flow and minimize aerodynamic losses. While most of the existing literature discusses benefits of

contouring from the perspective of aerodynamic performance, there are limited studies available that explain the

58



associated heat transfer performance both with and without considering leakage flows. Majority of the heat transfer
literature pertaining to endwall contouring along with cooling features emphasize on upstream leakage flow and has
been summarized in [3]. The following section presents a brief literature review specifically on endwall heat transfer

in presence of leakage flow through mateface gap (with and without endwall contouring).

Experiments performed by Yamao et al. [4] is one of the first known studies on endwall cooling designs
incorporating leakage flow through mid-passage gap. They reported improvement in film cooling effectiveness with
increase in stator-rotor leakage flow as well as sealing flow through mateface gap. Aunapu et al. [5] incorporated a
novel endwall flow modification technique in order to simulate the inter passage leakage for a turbine vane. They
used hub endwall jets to modify the secondary flow within the passage and were successful to alter the trajectory of
the pressure side leg of the horse-shoe vortex from meeting the suction side of the airfoil. However, there was no
major effect on the strength of the passage vortex. Approximately 2% coolant mass flow ratio per passage was
required to change the secondary flow path; however, the jets resulted in 30% increase in aerodynamic losses due to
turbulent mixing of the jets into the mainstream flow. They concluded that overall aerodynamic performance highly
depend on leakage flow from hub endwall surface. Extensive studies have been performed by Piggush and Simon
[6-8] on endwall contouring and associated flow and thermal measurements in presence of several turbine assembly
features. Piggush and Simon [6] found out that using an axi-symmetric endwall contouring results in weaker
secondary flow, hence better aerodynamic performance can be expected. However, leakage flow from slash-face gap
was a significant parameter affecting exit total pressure loss. Subsequent studies on the effect of endwall heat
transfer [7,8] revealed presence of slash-face gap increased overall heat transfer coefficient. Heat transfer
enhancement was observed locally near both front and aft part of the gap due to endwall pressure gradient and
coolant flow path in comparison to a passage without the gap. Adiabatic effectiveness measurements were carried
out on the same cascade by Piggush and Simon [9] and the study concluded that there is little benefit in terms of
coolant coverage with increase in slash-face gap leakage flow rate compared to a nominal flow rate. Ranson et al.
[10] investigated all possible endwall cooling features on a turbine blade passage (leakage flows) experimentally and
compared with computational predictions. Their study involved leakage flows from front slot (upstream purge), aft
slot and featherseal. Experiments with varying leakage flow rates from all slots were performed and results
concluded that upstream slot leakage flow rate is the most important parameter dominating over cooling features
considering coolant coverage on the endwall. Their study also showed that no added cooling benefits can be
obtained with increase in leakage flow rate through the featherseal. The reversal of featherseal coolant coverage
from pressure side near the front section towards suction side near the aft part was an important observation. Reid et
al. [11] investigated the aerodynamic performance of chord-wise inter-platform leakage flows in a vane test section
and reported a stage efficiency penalty of 0.5%-1.5% depending on the sealing arrangement. Computational
predictions on pitchwise and spanwise flow angles were compared with experimental data. Reid et al.[12] also
reported on the location of the inter-platform gap relative to the passage and concluded that gaps located closer to
the pressure side of the endwall achieves better performance. Cardwell et al. [13] performed detailed experiments
simulating the interface between the combustor and first stage nozzle guide vane along with mid-passage gap and

endwall film cooling features. Variation of adiabatic effectiveness levels were reported for the following cases -
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rough endwall and three geometrical designs for mid-passage gap (aligned, cascade and dam). They recommended
cascade alignment to be the best design from heat transfer performance standpoint. However, the upstream slot
purge flow was varied in their experiments and no leakage flow through the mid-passage gap was considered.
Endwall film effectiveness levels were studied by Cardwell et al. [14] in a study by varying the upstream slot width
as well as varying the mid-passage gap flows. Their conclusions were also similar to Ranson et al. [10], which
showed that with increase in gap leakage flow rates there is no appreciable difference on endwall coolant coverage.
The computational predictions performed by Hada and Thole [15] for a vane endwall film cooling were in fair
agreement with experimentally measured adiabatic effectiveness distribution. The major significance of mateface

gap flow was observed downstream of the suction side.

The experimental study performed by Lynch and Thole [16] is the only paper that reported endwall heat transfer
coefficient distribution (in terms of Stanton number) in presence of mid-passage gap leakage and varying gap flow
rates. They reported higher endwall Stanton numbers locally near the vane passage throat region with the presence
of mid-passage gap compared to a smooth endwall. They also concluded that overall endwall heat transfer levels

remain marginally affected with increase of mid-passage leakage flow rate up to 0.5%.
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Figure 33: Virginia Tech Transonic Cascade facility
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The brief literature survey presented above shows that only limited studies have been performed on mateface
leakage effects in conjunction with endwall contouring. The background study also reveals that almost the entire
body of published work [4-16] has been conducted at low speed conditions. In order to simulate the aero-thermal
performance of realistic gas turbine engine environment, matching Reynolds number is not enough. High speed flow

and operation near transonic conditions might have a significant impact on endwall heat transfer parameters.

The study on endwall heat transfer under transonic operating conditions with endwall contouring was first
performed by Panchal et al. [17] and the best performing endwall contour design was chosen for subsequent heat

transfer analysis on upstream purge flow was carried out by Roy et al. [3].

The present paper reports continuation and further development work by Roy et al. [3] introducing leakage flow
through the mateface gap. All experiments were performed at design isentropic exit Mach no. 0.88 and design
incidence angle for a high turbine blade passage with the aero-optimized endwall contour. Detailed heat transfer
analysis of the contoured endwall relative to a baseline planar endwall is reported in this article. The other important
feature of the paper is the data reduction methodology which calculates heat transfer coefficient and film cooling

effectiveness simultaneously from a coupled set of experiments.
EXPERIMENTAL METHODOLOGY
Experimental Test Facility

Figure 33 shows a schematic of the linear transonic blow-down facility at Virginia Tech. A reference dimension
has been given to provide an idea about the scale of the set up. Detailed description of the facility, working
principle, instrumentation, measurement capability and heat transfer testing procedure has been elaborated in

previous papers [3,17] and hence is not repeated here.
Test section details

Figure 34 shows the 5-blade 4-passage cascade test section for the baseline geometry. The turbulence grids are
located at 5.5-Cax from the center airfoil which produces about 8% inlet free stream turbulence intensity measured
at 0.5-Cax upstream of the leading edge. The head board and tail board angles are adjusted in such a way to maintain

flow uniformity through the two middle passages in the cascade.
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Figure 34: Cascade test section Baseline geometry with Mateface and Purge slot

The mateface gap design details are presented in Figure 35. The upstream slot is located 0.3-Cax upstream of the
airfoil leading edge and the mateface gap starts from the upstream slot and extends through 0.1-Cax after the trailing
edge. The gap width is about 0.03-Cax and coolant is fed through a series of holes that eject coolant hormally to the
gap walls. The upstream slot design details have been discussed previously in [18].

Section A-A: Mateface gap design

Array of
Mateface
coolant holes »

Mateface '
gap

Figure 35: Mateface gap design
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Figure 36: Endwall contour designs

The endwall contour profiles as well as leakage flow designs shown in Figure 36 were provided by Siemens
Energy Inc. and minor modifications were done in order to suit the hardware for fabrication and set up. The leakage
flow designs were kept identical for both geometries for consistency. The locations of peak and valley regions are
highlighted for the aero-optimized (AO) endwall. Further details of the design procedure and surface modification

features are provided in Panchal et al. [19].

Figure 37 represents a schematic of the cooling system at the rear of the test section. Two separate plenums are
used for mateface leakage and upstream purge flow. The coolant is provided from the same source to both plenums

in order to maintain identical coolant temperatures for both mateface and upstream leakage flow.
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Figure 37: Coolant plenums for leakage flows
Heat transfer measurement technique

Figure 38 shows the heat transfer experimental set up. As shown in Figure 38, to make surface temperature
measurements using an infrared camera, two rectangular windows slots were fabricated with a line of sight to the
endwall surface being studied. Due to the large forces seen in a transonic facility, the window also needed to be
structurally sound. Therefore, Zinc Selenide windows were used as to satisfy the design constraints. Only one
window was used at a time for endwall temperature measurements while the other window was closed using a piece
of lexan block. All the inner surfaces of the test section and outer surfaces of the test-section window were painted
using a flat black paint to increase emissivity of the surface and to avoid thermal reflection from other surfaces.
Further details on the measurement procedure with typical surface temperature history are provided in Roy et al.
[18].
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Figure 38: Cascade heat transfer experimental setup

Heat transfer measurement theory

The material of the endwall and the airfoils is Acrylonitrile butadiene styrene (ABS) that has low thermal

conductivity. Since the reducible data is obtained only over a short duration (At = 5s), the thermal penetration length

into the endwall in any direction is about 0.8mm. Other modes of heat transfer e.g. radiation can be safely neglected

as the maximum operating range of the endwall surface temperatures is about 60°C. The paint film thickness is so

small (order of microns) compared to endwall dimensions, conduction in the transverse direction through the paint

coating is assumed to be negligible. Therefore, the 1-D, semi-infinite heat transfer assumption is applicable at each

location on the endwall.
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Figure 39: Mainstream and coolant temperature variation

Moreover, significant cool down times in between runs were allowed so the endwall is at a uniform initial

temperature at the start of every tunnel run. The infrared camera used, ThermaCam SC325, at a resolution of

320x240, can measure 76800 surface temperature locations simultaneously with a 0.6mm x 0.6mm cross section for
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an individual pixel. Due to 1-D semi-infinite assumption, results obtained for each individual pixel is assumed to be

independent of the other.
Uncooled heat transfer

Based on the transient characteristic of Virginia Tech Transonic Wind Tunnel as shown in Figure 39, the heat
transfer data processing method developed by Smith et al. [20] was used to determine the convective heat transfer
coefficient. In this method the surface temperature data is used as a direct boundary condition. Thus, the governing
heat transfer model can be described as in Eq. (1).

oT _ 9°T
ot~ “ox?
Tlx:o = Tw (1)
Tlx—>00 = Ti

Tl=o =T;

The surface heat flux g can be reconstructed through multiple ways. In the present study the heat flux is calculated
by solving the 1-D conduction equation numerically through a finite difference code. Once the surface heat flux is
reconstructed, the convective heat transfer coefficient can be estimated equating the calculated heat flux at the

surface.
The 1-D surface convection model is:
q" = h(Teo — Ty) 2

In case of compressible flow domain the mainstream temperature T., has to be replaced by the local recovery

temperature, T;. , S0 the convective equation becomes

q" =h(T —Ty) ®)

Rearranging this equation, we can get a linear relationship in the form: y = ax + b:

g =h{T,—T,)+ h(T, —T,)

T T | @
¥ a X

b=

T, is the total temperature of the bulk fluid flow, and varies at each time step. According to the definition of

recovery temperature:
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The value of the last term in Eq. (4), h(T, — T;), depends only on the aerodynamic condition, and remains constant
if the local Mach number does not change within the calculation time window. Theoretically, all the data points
should lie on a straight line, as shown in Figure 40. Equation (4) is plotted in Figure 40 with Y and X axis data

normalized w.r.t. T,. This is necessary to impose the condition that ‘b’ is a constant and independent of time.
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Figure 40: Linear regression method for uncooled heat transfer (sample data)
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Figure 41: Linear regression method for film cooled heat transfer (sample data)
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The slope of this line provides HTC, and the recovery temperature can be estimated from the y intercept value as

T.=T,~~

x=0
Film cooled heat transfer

The governing physical model equations and assumptions remain the same for film cooled cases as well.
However, film cooling is a three-temperature problem with the wall temperature, mainstream temperature and
coolant temperature as important factors. Adiabatic effectiveness (1) is a key parameter quantifying the spread of
the coolant film on the target surface and is defined as:

T.—T,
n:ﬂ (6)

T, —T,
Where T,,, is the adiabatic wall temperature, which is equal to the near wall film flow temperature, T. In the
compressible flow domain, the mainstream temperature should be replaced by the recovery temperature, T,. The

convective heat flux is therefore defined as:
q" =h(Ty —Ty) (7)

In the experiments, heat flux g, is calculated using Finite Difference method as described in the previous section and
wall temperature T, is measured directly using the IR camera. However, heat transfer coefficient h and adiabatic
wall temperature T, are unknowns. To solve for heat transfer coefficient simultaneously, Eq. (7) is rearranged in
the following manner after incorporating the definition of adiabatic effectiveness shown in Eqg. (6).

q" T, =T,

=h -
T,—T, T,—T,

h-n )

Where, the recovery temperature is a function of local Mach number and bulk mainstream fluid temperature and

expressed as,

- 1)Ma2 (9)

Tr:Tt‘i'r 2

The data processing technique is a two-test strategy called Dual-Coolant Linear Regression Method, because it uses
two sets of experimental data for surface temperature in the calculation. These two sets of data are recorded at the
same aerodynamic conditions with the same mean flow Mach number, the same coolant blowing ratio, and similar
mainstream flow total temperature, but coolant temperatures are different. Both heat transfer coefficient and film
effectiveness being hydrodynamic parameters, should remain the same during these two tests. Effect of coolant to

mainstream density ratio effect is however, considered negligible in the range of operating conditions. To go
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through the calculation, a tentative guess of T,. value must be given and the optimization algorithm then calculates

the best possible local Mach number that satisfies both the hot and cold coolant run for a particular location. The two

sets of data can be plotted with x = TTf_TTW
o

)
c

and y = —2— as shown in Figure 41. The cold run points are shown as
Te—Te

blue dots and the hot run points are shown as red dots. Similar to the uncooled heat transfer case the slope provides

the heat transfer coefficient value and cooling effectiveness is calculated from the y-intercept.

The overall uncertainties in heat transfer coefficient and adiabatic effectiveness are 8% and 5% respectively based
on methods described by Smith et al. [20].

Data Representation

The basic data representation technique which involves mapping of two-dimensional raw HTC data onto three
dimensional endwall surface using camera transformation matrix and image stitching was developed by Panchal et
al. [17] and is not repeated here. This technique was further used for representing ETA values on a three-

dimensional endwall similarly.
RESULTS AND DISCUSSION

Table 3 shows the test cases that have been performed on both baseline and aero-optimized endwall geometries.
The results discussed in this section are arranged in the following manner — First, the effect of presence of the
mateface gap has been examined and compared with an existing case having no mateface gap [3] with and without
coolant flow. Second, heat transfer characteristics have been elaborated for both endwall geometries corresponding
to with and without leakage cases described in Table 3. Finally, quantitative comparison between both endwall
geometries has been described based on overall thermal performance. It is important to mention at this point that, all
heat transfer results shown in the following sections have been normalized (HTC normalized by area averaged HTC
upstream of slot and adiabatic effectiveness normalized by maximum value over the area) due to proprietary nature
of the data.

Table 3: Test cases for both baseline and Aero-Optimized endwall

_ Mateface leakage Purge flow

Case 1 No gap 0%
Case 2 No gap 1%
Case 3 0% 0%
Case 4 0.35% 0%
Case 5 0.35% 1%
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Effect on endwall heat transfer in presence of mateface gap

Without With mateface
mateface gap gap — no coolant

Normalized HTC
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Figure 42: Normalized heat transfer distribution showing effect of the mateface gap (Cases 1 & 3)

Figure 42 shows contours of normalized endwall HTC distribution for the baseline and Aero-Optimized
geometry without coolant (Cases 1 and 3 in Table 1). It is to be noted that, in actual engine conditions both purge
slot and mateface gap are present and leakage flow necessary for sealing purposes; however, the cases presented in
Figure 42 is intended to show the isolated effect of the presence of mateface gap on endwall heat transfer. For
baseline geometry an increase in endwall heat transfer is observed near suction side of the platform when compared
to a continuous passage, starting from the throat region extending up to the trailing edge. This can be contributed
due to the mainstream flow ingress into the mateface gap. Other characteristic features of baseline endwall can also
be observed such as development of pressure and suction side leg of horse-shoe vortex and cross passage flow due
to pressure gradient from pressure to suction surface. It can also be observed that the general benefit of contouring to
achieve lower endwall heat transfer is obtained for both with and without mateface gap. The contoured endwall was
designed to minimize secondary aerodynamic losses, hence performed better than the baseline counterpart as
endwall heat transfer is highly dependent on the secondary flow vortex formation and its trajectory along the
passage. Comparing Figure 42(b) and (d) shows lower heat transfer coefficient values from mid-passage to trailing
edge near suction side platform in case of AO endwall. The further reduction in HTC near the trailing edge for the

AO endwall can be attributed due to egress of the ingested mainstream flow through the mateface gap.
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Adiabatic effectiveness with and without mateface gap

Endwall film cooling effectiveness distributions for three measurement cases — with purge flow only, with
mateface flow only and combined purge and mateface blowing, (Cases 2, 4 and 5 in Table 3) are shown in Figure 43
(a)-(f) for both baseline and AO endwall. The upstream purge cooling case without the mateface gap is carried out
with 1.0% leakage flow, whereas, 0.35% coolant flow is used for mateface blowing only. For the combined leakage
flow experiment, 1.0% upstream slot flow and 0.35% mateface gap coolant flow has been considered. The
percentage refers to the mass flow ratio (MFR) between coolant flow rate and mainstream flow rate per passage.
Adiabatic effectiveness contours provide a quantitative measure of the coolant film spread on the endwall surface
and it has been established by several researchers before, that upstream purge cooling plays a dominant role in
platform cooling over other cooling features. The effect of varying purge cooling flow rates has been discussed in
detail previously [3] with the same experimental set up, hence is not repeated here. Only the representative case of

1.0% MFR for both endwall geometries has been chosen from [3] for comparison.
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Figure 43: Endwall Adiabatic Effectiveness for all leakage cases (Cases 2, 4 and 5)

The film effectiveness pattern when upstream slot blowing is considered, more evidently for baseline geometry
(Figure 43(a-c)) displays a general feature of being entrained within a V-shaped stagnation region upstream of the
passage. This is due to formation of horse-shoe vortex and subsequent bifurcation into pressure side and suction side
leg upstream of the leading edge. The coolant stream ejecting from the upstream slot does not possess enough
momentum to penetrate through the pressure side leg of the horse-shoe vortex, which grows in strength while
consuming energy from the mainstream flow along its trajectory towards the suction side of the adjacent airfoil. The

cross passage pressure differential further moves the coolant injected upstream towards the suction side. When
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mateface flow is combined with the purge cooling (Figure 43(c)), an immediate effect that can be observed is that
the mateface leakage provides some coolant coverage near the suction side aft portion, whereas without mateface
gap there is essentially no coolant coverage after mid-passage. The coolant spread region, however is not able to
extend all the way up to the suction side airfoil-endwall junction due to mixing between mainstream and mateface
leakage jet. Another effect of mateface flow that can be noted is that the coolant spread near the upstream slot
stagnation region is slightly narrower; however, coolant is observed almost up to the throat region compared to
upstream purge flow only. This can be attributed due to ingestion of slot coolant into the mateface gap which
reduces film effectiveness near the pressure surface. Mateface coolant has a pronounced effect on the suction side of
the platform due to inherent pressure distribution that drives the secondary flow from pressure side to the suction
side of the airfoil. As described by Ranson et al. [10], near the front portion of the mateface gap, the coolant is
pushed towards the pressure side of the platform to a little extent due to the direction of the high momentum
mainstream flow. The same comment is inconclusive for the present case as the passage inlet region is highly
dominated by slot coolant, isolating the effect of mateface flow is difficult. However, it is evident that adding
mateface leakage flow has no beneficial effect on cooling near the pressure side. Interaction between the mainstream
passage flow and the mateface gap leakage flow can be described from [14] as follows — starting from the inlet up to
the throat region, the mainstream flow can be considered to be aligned with the mateface leakage. However, the
coolant is unable to penetrate the high momentum mainstream flow and pushed more towards the trailing edge along
the mateface gap. The mateface flow downstream is able to eject outwards as the endwall pressure distribution
overcomes the inlet flow momentum. Near the trailing edge, the mainstream flow is almost perpendicular to the
mateface which sweeps away the coolant. It is important to mention that the relative spreading of the coolant is

highly dependent on the location of the mateface gap w.r.t. the passage and also on airfoil design.

The isolated effect of leakage flow through the mateface gap only has also been investigated (Case 4 in Table
3). The baseline geometry shows almost no effectiveness up to mid passage confirming hot gas ingestion into the
mateface gap due to higher endwall static pressure distribution. Towards the trailing edge, some effectiveness is
observed though limited only within the mateface gap. There is a sharp contrast between adiabatic effectiveness
distribution comparing the baseline and AO endwall comparing Figure 43(b) and (e). The front section of the
mateface gap for AO endwall almost resembles the rear part of the baseline endwall and near the trailing edge
coolant streaks are visible on the endwall. This can explained due to two major reasons — first, the endwall static
pressure near the front section of the AO endwall may be slightly lower than the baseline and the ridge of the
contour starting from the pressure side of the airfoil extending almost up to trailing edge of the airfoil minimizes the

strength of the secondary flow sweeping away the coolant from the mateface gap.

Benefits of endwall contouring on film cooling effectiveness can be observed considering both with and without
mateface leakage (upstream flow only). As shown in Figure 43(a) and (d), with 1.0% MFR purge cooling only,
contouring helps the coolant stream is to adhere to the endwall further along the passage direction almost up to the
suction side airfoil-endwall junction. Larger region of the endwall can be cooled with contouring as the entrainment

of the coolant inside the passage vortex is minimized and strength of the passage vortex is also weakened. This
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explanation holds true for the case of combined leakage flow as well. The AO endwall shows much improved
effectiveness profile on the suction side of the platform from inlet to the trailing edge; however, near the upstream
region, the coolant spread is not able to penetrate the suction side leg of the horse-shoe vortex. Upstream leakage is
again the most dominant form of the cooling up to the mid-passage region and mateface leakage is the major
contributor towards cooling near the downstream region. The primary reason for coolant being drawn towards the
suction side for AO endwall is believed to be the pressure differential between the coolant stream and the suction
side of the airfoil as the cross passage flow is redirected further downstream generating from the pressure side of the

airfoil.

Effect of leakage flows on endwall heat transfer with and without contouring

Normalized HTC

249
232
2.15
1.99
1.82
1.65
1.48

Combined Purge 1.32
1.15

and Mateface 0.98
cooling 0.81

= 0.65
0.48
0.31
0.14

Baseline

Mateface
Cooling
Only

Without
coolant

AeroOptimized

Figure 44: Normalized endwall heat transfer coefficients for all mateface cases (Cases 3-5)

Figure 44 shows the normalized endwall heat transfer coefficient distribution for only mateface leakage and
combined purge and mateface leakage for both baseline and AO endwall geometries. Table 4 summarizes the
comparative performance of area averaged HTC values considering Baseline (with purge slot and mateface gap)
geometry without any coolant blowing. The region bounded by A-B-C is considered for area averaging HTC as
shown in Figure 42(b). Reduction in area averaged HTC occurs for all cases using the contoured endwall, with the

no coolant case performing the best (almost 10% reduction). Introduction of leakage flow seems to increase heat
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transfer coefficients on the AO endwall. However, it is less than 5% which is comparable to HTC measurement
uncertainty levels and therefore, no definite conclusions can be drawn. Locally, just downstream of the slot (Case 5),
there is an increase in HTC levels close to the intersection of the mateface gap and upstream slot seen for both
baseline and AO endwall. This is due to coolant injection into the incoming boundary layer creating additional
turbulent mixing, heat dissipation and increased near wall velocity. Interestingly, the area averaged heat transfer
levels remained similar for all baseline geometry leakage flow cases compared to without coolant. Controlling the
formation and trajectory of complex vortices along with secondary flow is the key to minimize hot gas entrainment
towards the platform and hence serves as the basis of design for endwall contour profiles. The detailed explanation

behind the general heat transfer reduction using the aero-optimized geometry has been provided in [3,17].
Table 4: Area averaged heat transfer comparison
No coolant Mateface Combined purge
leakage only and leakage

Baseline 1% 1%
AO -10% -7% -6%

NHFR
1.00

0.91
- 0.82
073
064
0.55
0.46
0.37
0.28
0.19
-0.10

Baseline

Mateface Combined Purge
Cooling and Mateface
Only cooling

AeroOptimized

Figure 45: Net Heat Flux Reduction for mateface leakage cases (Cases 4 and 5)
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Another way of quantifying the net reduction of heat load (NHFR) on the platform is to combine the adiabatic
effectiveness and heat transfer coefficient distribution for a leakage flow along with heat transfer coefficient

distribution of a reference case having no net coolant leakage. The mathematical expression for NHFR is given as,

hy

NHFR =1 —
href

n
1 g0) (10)

Where, ¢ is a non-dimensional metal temperature defined as overall cooling effectiveness. An average value of ¢ =
0.6 was first introduced by Mick and Mayle [21]. Majority of the film cooling studies have been using ¢ = 0.6 since
then for NHFR calculation. The average value of 0.6 originates considering realistic gas turbine inlet, metal and
coolant temperatures. For the present experimental study the calculated ¢ values are within 10% deviation from 0.6.
The major focus of this paper is to present a comparative study of heat transfer performance between two endwall
geometries. Therefore, a quantitative analysis can still be performed on a “delta basis” with identical reference level
to show the benefits of using a properly contoured endwall. Figure 45 shows the local NHFR distribution for all
leakage cases (mateface and combined flow). Significant improvement in NHFR is obtained using the contoured
geometry, especially the platform region bounded within mateface gap and suction side of the airfoil for the
combined leakage flow case. The major contributor to the NHFR along the suction side of the platform is the
adiabatic effectiveness distribution. There is some reduction in heat flux near the pressure side of the platform as
well which occurs due to altering the passage vortex flow path in case of the AO endwall. In case of the mateface
only leakage for AO endwall, apart from expected improvement in NHFR near the trailing edge due to coolant
spread, heat load reduction can also be observed near the region just downstream of the slot within the stagnation

zone. This is caused due to lower HTC levels at these locations for the AO endwall with mateface leakage only.
CONCLUSIONS

Endwall heat transfer measurements have been performed in presence of leakage flows from mateface gap and
upstream purge slot (isolated and combined) and the effect of endwall contouring on thermal performance has been
investigated. Comparison without the mateface gap — both with and without coolant has been discussed in detail.
The key heat transfer parameters — heat transfer coefficient and film cooling effectiveness was calculated

simultaneously from a coupled set of experimental data using a novel Linear Regression Method.

In general, endwall contouring benefits in reduction of overall area averaged heat transfer coefficient for all
with and without leakage flow cases due to secondary flow control. However, local enhancement of heat transfer can
be observed just downstream of the purge slot due to turbulent mixing of the coolant jet with the mainstream.
Although, purge cooling was the dominant factor in terms of cooling a larger portion of the endwall up to mid-
passage, cooling through mateface gap had a pronounced effect on the suction side of the platform near trailing
edge. Considering mateface leakage only, there was barely any cooling coverage on the baseline endwall due to
higher endwall static pressure as well as stronger cross passage secondary flow compared to aero-optimized

endwall. In the case of combined purge and mateface leakage, a major improvement in NHFR was observed using
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the contoured endwall. Significant presence of cooling is observed on the suction side of the platform almost along

the entire length of the mateface gap using the aero-optimized endwall.

The preliminary design of endwall contours are often based on solid endwalls without any slots, gaps and holes.
But in realistic engine environment, leakage flows arising due to turbine assembly features are absolutely necessary
to seal the interfaces in order to prevent hot gas ingestion into the core. Thus, it is also very important for designers
to validate their modeling tools and advanced designs with extensive experiments in presence of realistic cooling
and leakage flow features. This paper provides extensive experimental investigation on these important design

features that are essential for overall improvement of aero thermal performance of gas turbines.
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NOMENCLATURE
AO Aero-Optimized
Cox Axial chord length (m)

h, HTC Heat transfer coefficient (%)

h¢ Heat transfer coefficient — Film Cooled case (%)
.. w
Nret Heat transfer coefficient — Reference case ( 5 )
m<K
IR Infrared
.. w
k Thermal conductivity (ﬁ)
M Mach number
Mg, Isentropic Mach number
‘y_—1
M. — Doin Yy _ 1 i
tso <(Z’s exit) y-1
MFR Mass flow ratio (coolant mass flow rate per

passage/ mainstream mass flow rate per passage)
NHFR Net Heat Flux Reduction
Doin Pitchwise average stagnation pressure at inlet

midspan (Pa)

76



Ds exit Pitchwise average static pressure on angled end

wall 0.5 C,, downstream of the trailing edge (Pa)

rn

q Heat flux (%)

t Time ()
Temperature (K or °C)

Tow Adiabatic wall temperature (K or °C)
Ty Film temperature (K or °C)

T, Recovery temperature (K or °C)

Trer Reference temperature (K or °C)

T, Wall temperature (K or °C)

T; Initial temperature (K or °C)

Te Coolant temperature (K or °C)

X,y z Cartesian Co-ordinates (m)

w Uncertainty in measurements

Greek Letters

. .. m2
a Thermal diffusivity (T)
0] Overall Cooling effectiveness
y Ratio of specific heats

n, ETA Film/Adiabatic Cooling effectiveness

Suffix

min Minimum value
max Maximum value
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Overall Conclusions

Heat transfer measurements were performed on a transonic turbine passage and effects of endwall contouring
were investigated in presence of three major endwall cooling features — upstream slot purge flow (turbine stator-
rotor interface), mateface gap leakage (gap between adjacent airfoil-endwall assembly) and discrete hole film
cooling for different coolant flow rate combinations. All experiments have been performed at design incidence angle
and design exit Mach number 0.88 using transient infrared thermography measurement technique. Local distribution
of three key heat transfer parameters has been investigated to account for comparative analysis — heat transfer
coefficient, adiabatic film cooling effectiveness and net heat flux reduction. The major conclusions that can be
summarized considering the overall heat transfer performance of the contoured endwall compared to a baseline

planar endwall are as follows:

e Presence of the upstream slot has a first order effect on endwall heat transfer coefficient for both designs.
Contouring aids in further reduction of endwall heat load due to weakening of secondary flow effects.

e At higher purge flow rates through the upstream slot, coolant coverage was observed marginally inside the
passage, however, suction side throat region was better cooled in case if contoured endwall and almost extended
up to the trailing edge.

e High heat transfer levels were observed near discrete hole exit and the intensity increased with higher coolant
flow rates for baseline endwall. This phenomenon was highly diminished using the contoured endwall.

e In case of discrete hole film cooling, pressure side leg of the horse-shoe vortex and cross passage pressure
differential influenced coolant coverage pattern significantly. Majority of the coolant streaks from three rows of
coolant holes were directed towards suction side of the airfoil for baseline endwall, whereas, the streaks were
more aligned towards mainstream flow passage direction for contoured endwall resulting in better film
coverage. This was more prominent considering the improvement in net heat flux reduction near the mid-
passage region for the contoured endwall.

e Heat transfer performance of the contoured endwall outperformed the baseline endwall considering the most
realistic engine cooling condition — combination of upstream purge flow and mateface gap leakage. Major
improvement in heat load reduction was achieved specially near suction side of the platform. Endwall pressure
distribution was attributed to non-uniform cooling along the mateface gap and coolant ejection was more
favorable near the trailing edge due to higher momentum of the coolant able to overcome endwall surface

pressure.
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Contribution of Research Work

The major contributions of the presented study towards development and further advancement of gas turbine

film cooling science and technology are highlighted below:

Heat transfer data reduction method development - A novel heat transfer data reduction procedure, “Linear
Regression Method”, has been developed for improved quantitative measurements applicable under realistic gas
turbine operating conditions. The Linear Regression method has been shown to be beneficial under engine
representative flow conditions. The effects of compressible flow physics, transonic aero-thermodynamic conditions
have been successfully incorporated to obtain more accurate heat transfer parameters. Simultaneous calculation of
key heat transfer parameters in presence of film cooling conditions — heat transfer coefficient and adiabatic film
cooling effectiveness, is also a salient feature of the Linear Regression Method. Majority of the papers in existing
literature present results on either heat transfer coefficient or film cooling effectiveness. However, for overall
understanding of heat transfer performance in presence of external film cooling, knowledge of both parameters are
necessary to contribute towards quantifying the benefits of design improvement. The proposed method was based on
a technique earlier developed by Oliver Popp at Virginia Tech [1] for application in vane film cooling using where
the recovery temperature profile was obtained from uncooled heat transfer experiments and superimposed on film
cooled vanes to solve for heat transfer coefficient and film effectiveness simultaneously. The assumption of identical
recovery temperature profiles for uncooled and film cooled case may be reasonable for vane or blade cooling with
relatively lower coolant flow rates. For the present application in endwall cooling, major section of the near endwall
flow characteristics change from uncooled to film cooled case, thereby assuming local flow parameters to remain the
same would be inappropriate. The Linear Regression method developed thus incorporates the correct flow physics
by comparing similar flow conditions between two film cooled runs varying only coolant temperature to calculate
heat transfer coefficient and film effectiveness simultaneously. The reliability of this method was also validated by

comparing data with existing Nusselt number correlations upstream of the passage.

Addition of benchmark data under engine representative conditions — The other unique contribution of this
research work is to provide experimental data to the existing pool of literature on gas turbine cooling for
benchmarking, which would also serve as an important validation database for highly advanced computational fluid
dynamics (CFD) prediction tools. Studies on heat transfer performance with realistic cooling features under modern
gas turbine engine operating conditions are rare. Engine representative condition warrants matching not only
Reynolds number, simulating the effect of realistic Mach number is essential as well. As mentioned in the literature
review in earlier chapters, that no such experimental study has been reported that investigates effects of endwall
contouring with any cooling features under transonic operating conditions. The only study that exists incorporating
upstream purge flow and discrete film cooling in a low speed first stage vane cascade was presented by Thrift et al.
[2]. However, as shown in Figure 46, comparison with the present study on the first stage blade reveals that - 1) the
endwall heat transfer levels (Nusselt number) are significantly under predicted and 2) film cooling coverage is

severely over predicted under similar coolant to mainstream mass flow ratios and matching inlet Reynolds number.
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The primary reason for this discrepancy is the effect of mainstream pressure which is negligible for low speed
studies. Hence the coolant jet can easily overcome mainstream static pressure barrier. This certainly depicts the

necessity of performing experiments using appropriate non-dimensional flow parameters for data accuracy.

Thrift et al. (2011)
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Figure 46: Comparison of endwall heat transfer performance with published low speed cascade

study

Therefore, the present study provides a significant insight that compressible flow effects have a major influence on
aero-thermal performance of gas turbine engines under realistic conditions. Primarily the research project was aimed
to provide experimental data to sponsor Siemens Energy Inc., for CFD code validation, thus improving their CFD

prediction capabilities.
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Appendix A - Heat Transfer Characteristics of New Optimized Endwall Design

Background

Three different passage designs were experimentally investigated during Siemens Project 2012-13 for
aerodynamic and heat transfer performance. The endwall geometries (baseline, AO endwall and OPT1 endwall)
have identical blade profiles, span and pitch. The basic design features of baseline and AO endwall contours have
already been mentioned earlier. Another new endwall contour profile (OPT1) designed with the intent to minimize
aerodynamic losses in presence of an upstream purge slot (simulating a geometrical feature between stator-rotor
interface) was also investigated. All endwall contour designs were provided by Siemens Energy Inc. Similar to
Baseline and AO endwall as mentioned in Chapter 3, the following heat transfer experiments were performed on
OPT1 endwall:

e Heat transfer experiments were carried out using transient infrared thermography technique. Several cases were
investigated to isolate the individual effect of addition of mateface geometry as well as addition of coolant
through the mateface gap. Combined upstream and mateface leakage conditions were also simulated which
represents realistic engine operating conditions. The temperature data was converted to evaluate key heat
transfer parameters - Heat Transfer Coefficient and Adiabatic Cooling Effectiveness using a comprehensive

analysis and detailed comparisons were reported.
Design

The upstream leakage slot design and mateface leakage gap design as mentioned earlier in Chapter 1 and
Chapter 3 respectively were kept identical for OPT1 endwall as well. Figure A-1 shows the full cascade set up with

blown up center part with upstream purge slot and mateface gap for OPT1 endwall.

Figure A 1: OPT1 endwall cascade (left) and passage design (right)
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Heat Transfer Results

The test cases that were performed on OPT1 endwall geometry have been summarized in Table 4 (Cases 3, 4
and 5) of Chapter 3 of this dissertation.

Without Mateface Combined
coolant \ Cooling Only Y cooling

Baseline

2.49
232
2.15
1.99
1.82
1.65
1.48
1.32
1.15
0.98
0.81
0.65
0.48
0.31
- 0.14

AeroOptimized

OPT1 -2013

Figure A 2: Effect of contouring on endwall heat transfer coefficient in presence of upstream slot

and mateface gap

Table A 1: Area averaged Heat Transfer Coefficient Comparison

+1% +1%

Baseline -
AO -10% -7% -6%
OPT1 +6% -1% -

Figure A-2 shows the endwall heat transfer coefficient distribution for only mateface leakage and combined

purge and mateface leakage for baseline, AO and OPT1 endwall geometries. The without coolant case has been
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added to show the effect of coolant injection. Table A-1 summarizes the comparative performance of area averaged
HTC values considering Baseline (with purge slot and mateface gap) geometry without any coolant blowing.
Reduction in area averaged HTC occurs for all cases using the AO endwall, with the no coolant case performing the
best (almost 10% reduction). On the contrary, the OPT1 endwall showed marginal or almost no improvement in
overall heat transfer coefficient for mateface leakage only and combined leakage flow cases respectively. This is due
to the increase in localized HTC especially near the suction side of the airfoil (both cases) and just downstream of

the purge slot adjacent to the mateface gap.

Mateface Combined
Cooling cooling

Baseline

imized

AeroOpt

OPT1-2013

Figure A 3: Effect of contouring on endwall adiabatic cooling effectiveness in presence of

upstream slot and mateface gap

Investigation of the local heat transfer coefficient distribution reveals that addition of coolant in case of
combined upstream slot and mateface gap leakage flow, increases heat transfer levels just downstream of the purge
slot. This enhancement occurs around the mateface gap purge slot intersection and highly prominent for OPT1
endwall. This is due to coolant injection into the incoming boundary layer creates additional turbulent mixing, heat
dissipation and increased near wall velocity. Another point that can be noted is that the high HTC zone shifts from
pressure side to the suction side of the mateface platform moving from AO endwall to OPT1 endwall. The profile of
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the endwall near the upstream slot may attribute to the reason behind this shift. The other prominent differences that
can be observed comparing the HTC contours in Fig. A-2 are — 1) the pressure side leg of the horse-shoe vortex
grows in strength with addition of coolant from the purge slot (combined leakage case) for baseline endwall. This
can be attributed to strengthening the boundary layer approaching the leading edge of the airfoil with addition of
energy from the coolant and, 2) reduction of endwall heat transfer coefficient near upstream of the airfoil to throat
region on the suction side of the platform. A concrete explanation behind this phenomenon could not be established
with the present set of experimental data and warrants more detailed investigation. Controlling the formation and
trajectory of complex vortices along with secondary flow is the key to minimize hot gas entrainment towards the
platform and hence serves as the basis of design for endwall contour profiles. It can be conjectured that, the
additional increase in endwall heat transfer levels, occur due to increase in strength of suction side leg of the
horseshoe vortex, which is also evident from oil flow visualization experiment performed. Heat transfer reduction
due to effect of endwall contouring is evident though on the pressure side of the platform using both AO and OPT1
endwall. The detailed explanation behind the general heat transfer reduction using the AO geometry has been
provided in Project Report FY2010-11 and FY2011-12 and hence is not repeated here.

Mateface Combined
Cooling cooling

Baseline

NHFR
1.00

0.91
0.82
0.73
0.64
0.55
0.46
0.37
0.28
0.19
0.10

Aero Optimized

OPT1-2013

Figure A 4: Effect of endwall contouring on net heat flux reduction (NHFR)
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Figure A-3 shows the adiabatic cooling effectiveness levels for all endwall geometries considering Cases 4 and
5 as mentioned in Table 1 of Chapter 3. Once again, the AO endwall outperforms the other two endwall designs in
terms of coolant coverage on the endwall in both mainstream flow and cross passage directions. The advantage of
using the OPT1 endwall over the AO design can only be realized near the leading edge, where the coolant spread is
more uniform and therefore provides better cooling. The coolant is almost blown away and hardly any coolant
coverage downstream of the passage near trailing can be seen with mateface leakage only, which is similar to

baseline endwall.

Figure A-4 shows the local NHFR distribution for all leakage cases (mateface and combined flow). Significant
improvement in NHFR is obtained using the AO endwall geometry, especially the platform region bounded within
mateface gap and suction side of the airfoil for the combined leakage flow case. Similar to the coolant spread
profile, OPT1 endwall provides better NHFR near the leading edge, however, appreciable NHFR is only observed
up to mid-passage suction side. The major contributor to the NHFR along the suction side of the platform is the
coolant effectiveness distribution. There is some reduction in heat flux near the pressure side of the platform as well
which occurs due to altering the passage vortex flow path in case of the contoured endwalls compared to the
baseline geometry. In case of the mateface only leakage for OPT endwall there is minimal improvement downstream
of the passage near the trailing edge region. However, some improvement in NFHR levels is observed up to mid-
passage on the pressure side due to effective control of the pressure side leg of the horseshoe vortex, hence
dominated by lower HTC. For AO endwall, apart from expected improvement in NHFR near the trailing edge due to
coolant spread, heat load reduction can also be observed near the region just downstream of the slot within the

stagnation zone.
Conclusions

AO endwall benefits in reduction of overall area averaged heat transfer coefficient for with and without leakage
flow cases due to most effective secondary flow control. OPT1 endwall however, shows enhanced endwall heat
transfer levels localized near the suction side of the platform, due to increase in strength of suction side leg of the
horse-shoe vortex. Local enhancement of heat transfer can be observed just downstream of the purge slot due to
turbulent mixing of the coolant jet with the mainstream, which is more prominent in case of OPT1 endwall.
Although, purge cooling is the dominant factor in terms of cooling a larger portion of the endwall up to mid-passage,
cooling through mateface gap had a pronounced effect on the suction side of the platform near trailing edge
especially in case of AO endwall. Near trailing edge region, OPT1 endwall performance w.r.t. coolant coverage is
comparable to baseline case. Considering mateface leakage only, there was barely any cooling effectiveness on the
baseline and OPT1 endwall most likely due to higher endwall static pressure as well as stronger cross passage
secondary flow compared to aero-optimized endwall. In case of combined purge and mateface leakage, a major
improvement in NHFR was observed using the AO endwall. Improvement in NHFR using the OPT1 endwall could
only be realized near the leading edge of the airfoils along pressure side of the platform. Significant NHFR is
obtained on the suction side of the platform almost along the entire length of the mateface gap using the AO

endwall.
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Appendix B - Mateface Ingestion Analysis

(a) (b)

Figure B 1: (a) Baseline geometry center passage with mateface gap, (b) thermocouple locations
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Figure B 2: AO endwall mateface temperature transience

Figure B-1 (a) and (b) show the center part of the baseline endwall cascade test section with the mateface
gap and thermocouple positions along the length of the mateface gap respectively. These thermocouple beads
protrude above the base of the mateface gap up to the centerline of the holes ejecting the coolant inside the mateface
gap. Thermocouples 1 through 7 recorded transient temperature variation inside the gap at each individual location.
One such temporal variation for AO endwall without any coolant injection is shown in Fig. B-2.
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In order to carry out the extent of mainstream ingestion and mixing with coolant inside the mateface gap
the following normalization procedure is adopted to be consistent for all endwall geometries along with all leakage
cases. This method also nullifies the effect of variation of initial temperature from day to day. The normalized

mateface temperature (6) is expressed as,
T —
0 — m tc (B'l)

Where, Ty represents the mateface thermocouple data (tc = 1 to 7). Therefore, 8 values 0 would mean
complete mainstream ingestion and 1 refers to no mixing, hence presence of coolant only. Each temperature in Eq.
(B-1) is time averaged for 1s within the data reduction period.
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Figure B 3: Mateface ingestion profile comparing all cases

Figure B-3(a)-(c) represent non-dimensional temperature profile along mateface gap length for baseline,
AO and OPT1 endwall respectively. Without coolant cases are included to show primarily the effect of coolant

injection through the mateface gap only. A general trend that can be observed for without coolant and mateface only
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leakage, present in endwall geometries is that & decreases starting from the upstream slot region up to a certain
distance along the mateface gap and then recovers gradually progressing towards the trailing edge. This can be
explained from endwall surface pressure variation along the flow direction as described earlier. The low momentum
coolant up to mid-passage region is not able to overcome the high static pressure of the mainstream flow, resulting
in major mainstream ingestion. However, as the surface pressure decreases, the coolant gathers more energy to eject
near the trailing edge of the passage increasing non-dimensional mateface temperature. For combined leakage case,
baseline endwall exhibits best performance throughout the mateface gap with values more than 0.95.

The comparison between respective endwall geometries for mateface leakage and combined leakage cases are
clearly evident from Fig. B-4. The ingestion though OPT1 endwall mateface gap lies between AO and Baseline

endwall especially for combined leakage condition.
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ABSTRACT

The study presented in this article provides detailed description about a newly developed data processing technique
to determine two key convective heat transfer parameters simultaneously in hot gas path of a modern high pressure
turbine - heat transfer coefficient (HTC) and adiabatic film cooling effectiveness (Eta). The proposed technique,
Linear Regression Method, is compared with a widely used data reduction procedure - Curve Fitting Method. Both
techniques are based on the 1-D semi-infinite transient conduction theory and applicable towards uncooled as well
as film-cooled heat transfer. The major difference between the Linear Regression Method, and the Curve Fitting
Method is highlighted as, the latter considers the initial unsteady flow development within the data reduction period
by assuming a step jump in mainstream pressure and temperature, which results in significant under prediction of
HTC due to the gradual ramping of the flow Mach/Reynolds number and varying temperature in a transient, cascade
wind tunnel facility. The linear regression method is advantageous due to the elimination of these added
assumptions. For film cooling experiments, both techniques address the three-temperature problem by a two-test
strategy to determine HTC and Eta. The recovery temperature is equal to the mainstream total temperature in case of
the Curve Fitting Method. However, while applying Linear Regression method incorporating compressibility effects,
the recovery temperature is treated as an unknown and for a film cooled surface, and is calculated through an
iterative procedure. The detailed discussion on theory and development of the methods is followed by validation
with analytical calculation and application of both techniques reducing the same set of experimental data. Results
indicate that the Linear Regression Method stands out in both film cooling and uncooled experiments with a higher

accuracy and reliability.
INTRODUCTION

In order to assess the thermal protection schemes during the design of turbine hot gas path components, it is

important to accurately determine the convective heat transfer coefficient which is defined by Eq. (1).

q

h=T—Ty )

Where, # is the HTC; ¢ is the surface heat flux; T is the mainstream gas temperature, which should be replaced by
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the local recover temperature T,, when compressibility effect is considered under high speed conditions; T,, is the

surface temperature.

Theoretically, the easiest way to calculate the HTC is to measure the surface temperature under steady state
conditions, with a known surface heat flux. In some heat transfer experiments the constant surface heat flux is
implemented by the instrumentation of thin foil heater on the test surface. However, the application of this technique
is limited due to — 1) difficulties in instrumentation for many sophisticated geometries, 2) poor spatial resolution and
3) unable to extract parameters in film-cooled cases. Therefore, transient techniques, such as liquid crystal and

infrared thermography had been significantly developed over in the last two decades.
Transient heat transfer problem in uncooled experiments

In case of a transient convective heat transfer experiment, usually, the first step of the entire procedure is to measure
the temperature of the test section surface. The surface temperature can be measured using thermal sensors (Nasir et
al. [1] and Xue et al. [2]); or though associated color change in thermo-chromic liquid crystals (Ekkad et al.[3],
Kwak et al.[4]); or directly using infrared cameras (Christophel et al.[5] and Ekkad et al. [6]).

The surface temperature once recoded, is applied either as a direct or indirect boundary condition to solve the
transient thermal conduction inside the material. In most of the studies, to obtain a more accurate measure of the
convective heat flux, low thermal conductivity materials are used, such as ABS or epoxy. If the surface curvature
variation is small enough and thermal penetration depth is neglected, the heat flux can be assumed to occur in the
direction perpendicular to the surface. Therefore, a 1-D thermal transient conduction model as shown in Eq. (2) is
applicable for a short duration (usually less than 10 seconds). It will be discussed later, the major difference between
the data processing techniques lies in the application of the boundary conditions to this 1-D model.
oT  9°T

a

i 2
Jat 0x2 @

Transient heat transfer problem in film cooling experiment

Since 1970’s, film cooling technology in gas turbines has improved significantly. In film cooling, coolant air tapped
from compressor stages injected through small holes on the airfoil surface as well as through the interfaces between
stationary and rotating parts of the turbine to prevent ingestion into the turbine core, generates a thin insulating layer
along the surface to protect the component material from the hot gas flow. On a film cooled surface, the definition of

HTC in equation (1) becomes,

q

h= (Taw - Tw) (3)

Where, T,, is the adiabatic wall temperature, which is equal to the near wall film temperature, and is a mixed
intermediate temperature between the mainstream and the coolant flow. Besides the HTC, another important

parameter to be determined in a film cooling experiment is the adiabatic cooling effectiveness, which is defined as:
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Where T, is the coolant temperature. Again, for compressible flow, the mainstream temperature T should be

replaced by the recovery temperature T,.. The film cooling phenomenon is usually referred as “Three Temperature
Problem”, due to three temperature variables, the flow recovery temperature (7;.), the surface temperature (T,,,), and

the coolant temperature (7} ), involved in the convective domain.

The coolant temperature (T,.) and surface temperature (7,,) can be measured directly; the heat flux (g) can be
recorded or calculated, based on the temperature data, however, the adiabatic wall temperature (T,,,) and the local
recovery temperature T, are unknowns. The 1-D transient conduction model (Eq. 2) is still applicable to describe the
heat conduction inside the material, except around the near injection hole region, where the effect due to 2-D or 3-D

heat conduction may be considerable.
Literature summary

Studies on development of different data processing techniques for convective heat transfer experiments in gas
turbine research area are scarce in open literature. In 1991, Vedula and Metzger [7] developed a two test strategy to
calculate HTC and Eta simultaneously, which is still widely used in today’s film cooling experiments. Chambers et
al. [8] proposed a three-test strategy for data reduction in the impingement cooling tests. In their method the HTC is
first calculated in a single test, and the cooling effectiveness is thereafter deduced with the data from additional tests.
Kwak [9] summarized the efforts on improving the application of transient liquid crystal technique for non-film
cooling convective heat transfer measurement. The data processing method described in his transient liquid crystal
technique is similar to the curve fitting method discussed in the present study. To account for varying mainstream
reference temperature, Duhamel’s superposition theorem is applied, and the flow temperature history profile is

discretized with a series of step changes.

The studies reviewed above are based on low speed conditions, whereas in contrast there are limited studies on
turbine heat transfer under transonic operating conditions within the compressible flow regime. Giel et al. [10] used
transient liquid crystal (TLC) technique along with foil heaters to determine local heat transfer coefficients (HTC)
under high speed operating conditions. Nicklas [11] applied a superposition approach to evaluate simultaneous
endwall HTC and Eta distribution under transonic operating conditions. IR thermography for surface temperature
measurement along with known heat flux conditions from a surface heater were used to analyze the experimental
data. As mentioned earlier, the difficulty in instrumentation is usually the major issue that limits the application of
surface heater technique on the complicated contour surfaces. Jonsson et al. [12] performed film cooling
experiments in presence of upstream slot leakage and discrete hole blowing and calculated simultaneous HTC, Eta,
and heat flux on endwall surface using non-linear regression method developed by Vogel et al. [13]. They combined
Liquid Crystal and Pressure Sensitive Paint techniques, to calculate key heat transfer parameters simultaneously

from three coupled experiments. O’Dowd et al. [14] compared different techniques to obtain HTC on a blade tip
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surface and concluded that the infrared thermography technique with heat flux reconstruction using the impulse
method, is the most accurate and reliable method to obtain detailed, spatially-resolved heat transfer coefficient and
adiabatic wall temperature. It is important to note that the linear regression calculation used in their “A-1 method” is
different from the linear regression method that will be discussed in the present study. In their experiment, the wind
tunnel facility is able to establish a steady free stream flow, and a powerful electric heater provides a near perfect

step rise of the free stream flow temperature. Thus, the linear regression equation in their study is: ¢ = ¢, T, + C,.

In general, the selection of data reduction techniques in heat transfer experiments is highly dependent on the facility
characteristics and resources. Considering heat transfer experiments performed in transient transonic blow down hot
wind tunnels, results processed by the Curve Fitting Method may introduce unavoidable errors, which are related to
the ramping of the major parameters at the tunnel start. The present study proposes a novel data processing
technique to resolve this issue. The present paper also provides a comparative analysis of the proposed data

processing technique - Linear Regression Method and the widely used Curve Fitting Method.

CHARACTERISTICS OF THE VIRGINIA TECH TRANSONIC WIND TUNNEL FACILITY
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Figure C 1: Virginia Tech Transonic Wind Tunnel Facility: (a) over view of the wind tunnel; (b)

close-up view of the test section.
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The proposed data processing technique - Linear Regression Method is developed for heat transfer experiments
performed at the Virginia Tech transonic, blow down, linear cascade wind tunnel facility, however, it is applicable
for wind tunnels having similar transient characteristics. The Virginia Tech Transonic Wind Tunnel was designed to
conduct aerodynamic and heat transfer investigations on gas turbine components. It is able to simulate the flow
conditions of high freestream turbulence, transonic Mach numbers, and Reynolds numbers as experienced in
realistic gas turbine engine environment. The prior heat transfer research that has been performed in this facility
includes the work by Smith et al. [15], Popp et al. [16], Carullo et al. [17], Nasir et al. [1], Xue et al. [2], to list a few
of them. Fig. C-1 shows the entire wind tunnel facility with the two-dimensional transonic linear cascade test section
setup. Air is supplied from high pressure air tanks that are charged up to 1380 kPa (200 psig) prior to testing. A
control valve regulates the mainstream flow to the test section. Cascade inlet pressures range from 20.7 kPa (3 psig)
to 69.0 kPa (10 psig) depending on the objective test conditions. This blow-down facility is capable of sustaining a
constant test section pressure for up to 15-20 seconds, with cascade exit Mach number ranging from 0.7 to 1.1, and a

maximum mass flow rate of 5.0 kg/s.

During heat transfer experiments, the copper tubes upstream of the test section works as a thermal capacitor to store
the heat energy produced by the closed loop forced convection heating loop before each tunnel run as shown in Fig.
C-1. During the experiments, the mainstream flow is heated as it flows through the copper tube banks. The peak
temperature of the mainstream air could reach up to 115°C approaching the test section. As the heater is turned off
before start of each experiment, the thermal energy stored in the copper tubes decreases and therefore the air
temperature decreases gradually. The tunnel response of the total temperature and Mach number of the mainstream

flow is shown in Fig. C-2.
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Figure C 2: Tunnel response of free stream temperature and Mach number

The Virginia Tech Transonic Wind Tunnel is characterized by its transient performance. As shown in Fig. C-2 there
is about 2 seconds transition period before the Mach number reaches steady state. During this period, the Mach
number ramps form 0.0 to 0.8 (or the desired isentropic exit Mach number). The HTC would follow similar

characteristics as it is dependent on flow Reynolds number. In the present study, the mainstream temperature was
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measured upstream of the test section using a total air temperature thermocouple, and used in the data processing
time window as T in the calculation. The mainstream flow temperature approaches a peak of 115°C at about 1
second after the tunnel start, and then falls sharply. This peak is caused by the pre-heated air inside the copper tubes
upstream of the test section before the tunnel starts. After about 2 seconds of the tunnel start, the pre-heated air is
blown off, and the flow is heated only when it passes thought the copper tubes. Thereafter, the flow temperature

ramps down gradually.
DATA PROCESSING TECHNIQUES IN TRANSIENT CONVECTIVE HEAT TRANSFER EXPERIMENT

As discussed above, in most convective heat transfer experiments, the same 1-D thermal conduction model is
employed, and the heat transfer in both convective domain (boundary layer flow) and the conductive domain (inside
the material) are calculated to obtain HTC and Eta. The major difference between different data processing

techniques is on the approach to couple the information on thermal convection and conduction.
Curve fitting method for uncooled heat transfer experiment

In the curve fitting method, the surface temperature T, and the mainstream temperature T, form a Robin boundary

condition (or third-type boundary condition) for the 1-D model (Eq. 2). The entire set of 1-D transient thermal

conduction semi-infinite model with boundary condition can be described by Eq. (5).

oT 92T
ot Yox?
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Where T; is the initial temperature of the test section material. The initial temperature profile inside the material is
uniform at the start of the tunnel run. The convection and conduction domains are coupled by the second row in Eq.

(5). The closed form analytical solution of Eq. (5) can be expressed as (Incropera et al. [18])

TW — Ti hzat h\/a
T T T, 1- exp( 2 erfc k (6)

oo

Equation (6) is an implicit function of h , which means a direct solution is not possible. Thus, a numerical approach

is applied by using the time history of flow temperature T and a tentative trial of h value. The value of surface

temperature (T,,) is calculated for each time step as shown in Eq. (7)
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(Tw (t))calcula(ed = Ti + (1 - EXP{ hg L;(eszsat ]erfc[hguesls(\/a}J(Tm (t) - Ti )
(7

error = Tw(t)calculated - Tw(t)measured

The difference between the measured T,, value and the calculated T,, value is carried out to obtain the error at each
time instant. A standard numerical routine is used thereafter, that iteratively assumes the correct h value to minimize
the sum of squares of error including all time steps during the data reduction period. During the iteration of Eq. (7),
the calculated T,, curve approaches to the measured T, value. Fig. C-3 shows a sample curve fit between measured

and calculated values of test surface temperature for a single local data point.
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Figure C 3: Curve fitting of surface temperature data

The curve fitting method has been used extensively to calculate convective heat transfer coefficient distribution ([3],
[7], and [9]). However, most of these experiments were performed at low speed wind tunnels and have the following

limitations on its application to high speed blow down facilities.

1. The governing expression as shown in Eq. (6) is obtained assuming the mainstream reference temperature 7;
remains constant for the entire time period. This condition can also hold true if the mainstream temperature
experiences a step jump. However, as shown in Fig. 2, during the first 2 seconds, the mainstream temperature ramps
up to a peak value and then experiences a sharp fall, and ramping down gradually thereafter. Therefore, this

assumption leads to a certain amount of the error in the final result of HTC value for the present facility.

2. The second assumption for Eq. (6), which contributes a major part of the error in the Curve Fitting Method, is
HTC remain constant during the data processing time window. However, as shown in Fig. C-2, it takes 2 seconds for
the mainstream Ma to ramp from 0 to the designed condition (0.8). Since HTC is highly dependent on flow stability,

this ramping in the first 2 seconds will result in the calculated HTC lower than the actual value.
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3. The surface heat flux is based on mainstream fluid temperature that is measured upstream of the test section.
Ideally for high speed flow applications, local recovery temperature should be counted for calculation of surface

heat transfer.

In case of the curve fitting method, the convective calculation has to begin from the tunnel start, therefore the
influence of the initial transient period cannot be avoided. As Kwak [9] summarized, the Duhamel’s superposition
theorem can be applied to count in the smooth ramping of flow temperature, using a series of steps. Thus, the first
issue can be solved. However, the error caused by the non-uniform convective heat transfer due to the ramping of
Ma/Re, which causes the HTC variation at the tunnel start, cannot be eliminated through the superposition method,
so the second issue maintains. Compared to the first two issues, the error in final HTC result due to the third issue is

not significant.

In some low speed wind tunnels, the HTC variation issue is avoided by switch on the instant heater after the steady
mainstream is established. However, in most of the transient transonic wind tunnel, due to the large mass flow rate,

when the instant heating is not be available the HTC variation issue is unavoidable.
Curve fitting method for film cooling heat transfer experiment

All assumptions as well as the fundamental 1-D semi-infinite model discussed above remain the same for film

cooling cases. However, the mainstream temperature T _ in Eq. (5) has to be replaced by film temperature. It is also

referred as the adiabatic film cooling temperature (7,,,), which governs the convective heat transfer to the surface

wherever coolant film exists.

Introducing the definition of the film cooling effectiveness (Eq. 4) to the analytical solution of the 1-D semi-infinite

model (Eq. 7), the final expression is given as:

h2at hvat
T, — T = [1—exp( 2 )erfc( \;{_)

Since, one more unknown (1) is introduced, a two-test strategy is employed in order to solve for HTC and Eta

x [nT. + @ =mT - T (8)

simultaneously. Following this method, two similar transient film cooling tests are performed. The first test is
carried out with mainstream at a high temperature and coolant at lower than ambient temperature and suddenly
exposed to the test surface at ambient temperature initially. In the second test, the only difference is the coolant is
heated up to a certain temperature instead of being cooled. The present curve fitting method differs to some extent
from the method described in Ekkad et al.[3], where the coolant and mainstream temperatures cannot be matched
due to tunnel characteristics as the mainstream air cannot be continuously heated during experiments. Nevertheless,
generating two different data sets from two similar transient runs provides enough points to solve the two unknowns

iteratively.

HTC and Eta are calculated simultaneously following the algorithm shown in Fig. C-4. The subprogram calculates
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HTC at Step 4 using the method as described in uncooled heat transfer section as assuming no effectiveness over the
entire surface to start with. However, HTC being a hydrodynamic parameter, is independent of coolant temperatures
and should remain similar at corresponding locations during hot and cold coolant runs. Therefore, HTC is compared
between hot and cold coolant runs at each pixel location and a tolerance limit of 10% is adopted due to measurement
uncertainties. Finally, if the percentage difference of HTC between hot and cold coolant runs is within 10%, Eta= 0
is assigned for that location or otherwise, Eta is increased in steps of 0.01 and HTC is calculated again according to
Eq. (3) in an iterative manner until the tolerance criterion is satisfied. The data reduction time window and

limitations for this method remains the same as uncooled heat transfer described earlier.

Run 1 = Hot CoolantRun and Run 2 = Cold CoolantRun

Step 01: Record all temperature data from Run 1&2
Step 02: Select a time band for data reduction for both Run 1&2

Step 03: Assume ETA = 0 and HTC = 100 for pixel (1,1) for both Run 1&2

Step 04: Calculate actual time averaged HTC values based on ETA = 0 for Run 1&2

4

Step 05: Check if % difference between HTC from Run 1&2 is less than tolerance
If Yes,
then ETA = 0 (starting value) at pixel (1,1)
If No,
then increase ETA by 0.01 and go to Step 03 with ETA = 0.01 and continue for (1,1)

A 4

Step 06: Carry out Step 03 — Step 05 for all pixel locations

Figure C 4: Curve fitting scheme for film cooling data reduction
Linear regression method for un-cooled heat transfer experiment

Given the transient characteristic of Virginia Tech Transonic Wind Tunnel, another heat transfer data processing
method was developed by Smith et al. [19] to determine the HTC in convective heat transfer experiments. In this
method the surface temperature data is directly used to solve Eq. (2) as a Dirichlet boundary condition (or first-type

boundary condition), and the entire set of 1-D semi-infinite model is expressed in Eq. (9).

aT 0T
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Using the solution of this model (Eq. 9) the surface heat flux history, q(t), could be reconstructed. In the present
study, this calculation is implemented by a 1-D finite difference code. Once the surface heat flux is reconstructed,

the convective heat transfer coefficient can be estimated through a linear regression method descripted below.
The 1-D surface convection model is:
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q="hT.,—Ty) (10)

In case of compressible flow the free stream temperature T has to be replaced by the local recovery temperature,

T, , so the convective equation becomes

q= h(Tr - Tw) (11)

Rearranging Eq. (11), a linear relationship in the form of y = ax + b is obtained:

g =h(T,—T,)+ h(T.—T;)

T 177 | (12)

vV a X b

T, is the mean flow total temperature, which varies at each time step. According to the definition of recovery

temperature:
" 13

T.=T,—(1—-1r)—

r t— (1 —=7) 2C, (13)
Where, r is the recovery factor to incorporate the dissipation of energy from thermal boundary layer to mainstream,
The value of the last term in Eq. (12), b = h(T,. — T;), depends only on the aerodynamic condition, and remains
constant if the local Mach number does not change during the calculation time window. Theoretically, all the data
points (x =T, — T,,, ¥ = q) should lie along a straight line, as shown in Fig. C-5. The slope of the fitting line

provides the HTC value, and the recovery temperature can be estimated from the y intercept value (T, = Ty —

Y ).

alx=0

In the Linear Regression Method, the total temperature of the flow does not have to be assumed step jump at tunnel
start, but the HTC has to be constant in the data processing time window. However, one of the advantages of this
method is that it splits the process in two steps, so that the error caused by the ramping of HTC and T; at the starting

of the tunnel running can be avoided.

Stepl: While reconstructing the surface heat flux (solving Eq. 9), the calculation is performed within the conduction
domain inside the solid material, and no data from the convective domain is required. Thus, any variation of HTC
within the short duration before the mainstream Mach number reaches steady state does not have any influence on

the surface heat flux result. For the present study, time window of this step is the first 7 second of the tunnel run.

Step 2: To estimate the HTC through linear regression (Eq. 12), the calculation is carried out in the convective
domain. However, the data processing time window can be chosen suitably to avoid the transition period of the

tunnel start, so that the HTC remains constant during the calculation. For the present study, time window of this step
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is between 2 seconds and 7 seconds after the tunnel start.
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Figure C 5: Linear regression of surface temperature and heat flux data

The data reduction time windows of these two steps for linear regression method are shown in Fig. C-6. The heat
flux reconstruction has to begin from the tunnel start, because a uniform condition of the initial temperature in the
material is necessary to solve Eq. (9). The curve fitting method time window is also included in Fig. C-6 for

comparison.
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Figure C 6: Data processing time window
Linear regression method for film cooled heat transfer experiment

For film cooling experiments, a novel application of linear regression method named as Dual-Coolant Linear
Regression Method is proposed. In this method, similar two-test strategy as described earlier is adopted. The two

sets of data are recorded at the same aerodynamic conditions with the same mainstream Mach number and
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temperature, and the same coolant blowing ratio, but of different coolant temperatures. In the present study, the
temperature of hot coolant (about 40°C) is higher than the temperature of cold coolant (about 15°C), but is much

lower than the hot main flow temperature (around 100°C).

Each of the two sets of data is first processed respectively by the Linear Regression Method discussed above.
However, unlike for the non-film cooling experiment, one more unknown (1) is included, and Eq. (12) cannot be
solved directly. To go through the calculation, an initial guess of T, value is given. (It will be shown later, that the

mainstream total temperature is a reasonable starting value of T, guessing to begin the optimizing iteration.)

Thereafter, the two sets of data can be plotted with x = TTFTTW, and y = TL, as shown in Fig. C-7. It can be
t—Ic t—Ic

observed the two sets of data point follow their own trend lines respectively, and the quality of the alignment is poor

initially.
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xr= (Tr-fw) / &Tr—Tc)

Figure C 7: Linear regression of two data sets calculated with tentative guessed Tr value

Ideally, if the two experiments are performed at similar mainstream aerodynamic condition, and the same coolant
blowing ratio, HTC and Eta values should remain identical, which means the two sets of data should line up
perfectly. The disagreement of the hot and cold coolant data trends shown in Fig. C-7 is because the first guess of T,
disagree with the correct value. The second step is to find the correct T, to make the two sets of data line up. In
linear regression calculation, the indicator of the alignment quality of a data set is the R-square value (R*). The R* is
close to unit means the data points are perfectly aligned. The essential assumption in this step is that through the
optimization iteration, the correct T, can be found to provide the value of R closest to unity.

argTrrnin{l — R%(Ty)} (14)
Figure C-8 shows a typical relationship between the normalized recovery temperature, C, = T,/T,, and R? value in
the current type of heat transfer studies. Based on our understanding of the physics, the local peak on the right is the
searching objective. It is easy to see that C,, = 1 is a reasonable starting guess, which in most of the cases guarantees

the searching converges to the objective point. Many optimization algorithms work for this searching process. In the
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present study, the Gradient Descent Method is employed for its simplicity and stability in local searching operation.
It is worthy to point out, that a global searching method is not preferable in the present calculation, as it may

converge to the singular area on the left, which provides negative HTC as shown in Fig. C-9.
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Figure C 8: Typical relationship between R-square and normalized recovery temperature
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Figure C 9: Dual-Coolant Linear regression plot when Searching converged in singular area

Figure C-10 shows a few snapshots of the iteration process. As the 7, approaches to the correct value, the alignment
quality (R?) of the two data set is being improved. One major assumption has to be pointed out here is that the effect
of change in density ratio of the coolant due to heating or cooling will be insignificant on the film cooling flow. This
assumption is based on the research reported by Ekkad et al. [20]. According to their study, the density ratio impact
on HTC and Eta is secondary. In most of the studies performed in the present test facility, the discrepancy of the
density ratio of cold and hot coolant test is less than 15%. Thus, the error caused by the density ratio disagreement

between the two data sets is negligible.
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Figure C 10: Different steps of the searching process for Dual-Linear-Regression
UNCERTAINTY

Curve fitting method

For curve fitting method, the uncertainty in the calculation of HTC values was calculated using Kline and
McClintok’s method [21] and was found to be about on average +9.5% of the local HTC value. This uncertainty
value does not include the error caused by the ramping effect at the tunnel start. Detailed uncertainty analysis on
HTC has been provided in Panchal et al. [22]. The overall uncertainty in Eta values for film-cooled cases is fixed at

10% due to step size resolution.
Linear regression method

For linear regression method, different uncertainty analysis methods are applied in the two data processing steps
respectively. In step 1, the surface heat flux is reconstructed by a finite-difference code, and no explicit equations
can be formulated for this process, the propagation of the major errors is analyzed through the Moffat’s perturbation
method [23]. In step 2, linear regression uncertainty analysis is carried out though the method recommended by
Coleman and Brown [24]. The average uncertainty of HTC is about +8.0% and +0.08 for Eta. The detailed

uncertainty analysis can be found in Xue’s thesis [25].
COMPARISON OF RESULTS

In this section, the two data processing methods are used to reduce the same set of experimental data for a
comparative discussion. The heat transfer results presented here are for a high pressure turbine endwall with high

turning airfoils operating under transonic conditions. All the measurements were performed at exit isentropic Mach
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number 0.88 and at design incidence, where the inlet Mach number is 0.45 and inlet Reynolds number based on
axial chord is about 9 x 10°. Transient IR thermography technique was used for direct measurement of endwall
surface temperature. Due to proprietary nature of the data any information on actual heat transfer coefficient values
as well as test section design details may not be provided. The primary objective of this paper is to present the
comparison of heat transfer results obtained by the two data reduction methods, therefore a detailed discussion on

secondary flows or associated endwall heat transfer patterns is not necessary.
Un-cooled heat transfer results

Figure C-11 shows a comparison of results obtained from the two data reduction methods described earlier with an
analytical expression, Nu = 0.0300Re,*®Pr®¢ (Kays and Crawford [26]). This semi-empirical correlation is used
to find Nusselt number on a flat plate a turbulent boundary layer with constant heat flux boundary condition. The
experimental results are obtained at 1.0Cax upstream of the leading edge where uniform flow patterns are expected
which can be approximated as flat plate study where, location of the turbulence grids are considered equivalent to
the edge of the flat plate. Since the free stream turbulence intensity in the present experiment is relatively high
(Tu=8%), the actual Nusselt number is expected to be slightly higher than the analytical result, which agrees fairly
well with the linear regression result. Therefore, it is reasonable to believe that the linear regression provides more

accurate result than the curve fitting method in this case.
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Figure C 11: Technique validation with Nusselt number comparison

Figures C-12 (a) and (b) respectively show the Nusselt number distribution obtained using Linear Regression
Method and Curve Fitting Method, whereas Fig. C-12 (c) shows Curve Fitting Method result again, however, at a
different color scale for clarity and identification of distinct local heat transfer features. The Nusselt number
distribution provided in Fig. C-12 is calculated based on the axial chord of the airfoil. Higher Nusselt number on the
endwall represent higher heat transfer regions. Endwall heat transfer is highly dependent on secondary flow features

and formation of complex vortices.
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Figure C 12: Comparison of Nusselt number distribution using (a) Linear Regression method, (b)

Curve Fitting method, and (c) Curve fitting method using reduced color scale

These local heat transfer characteristics are evident from both Figs. C-12 (a) and (c) which delineates the fact that
both data reduction methods are able to capture the flow physics qualitatively and differ only from the Nusselt
number level perspective. The overall area averaged Nusselt number is about 40% lower using curve fitting method
as seen in Fig. C-12 (b) compared to Fig. C-12 (a). The major reason attributed towards this discrepancy is
embedded in the assumptions of the data reduction techniques. Curve fitting method calculates a lower Nusselt
number for a certain location compared to linear regression method, primarily because it takes into account the
initial tunnel flow development period while calculating HTC during the data reduction window. A constant HTC
guess value is assumed to fit all the data points, during the entire data acquisition time window, which is typically
about 5 seconds, as shown in Fig. 3. However, the HTC is not constant due to the Mach number ramping in the
duration of the flow development period, which is typically about 2 seconds. Therefore, the best fit on experimental
data would compromise accuracy during the initial period where, the heat transfer is low, resulting in lower heat

transfer coefficient as well. Time averaging HTC over these data points reduces the overall HTC level. Moreover,
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the free stream total temperature taken as the reference fluid temperature in Curve fitting method also decreases as
time progresses resulting in higher driving temperature potential, therefore lowering HTC values. However, the
linear regression result indicates that the local recovery temperature, T,., is about on average 2°C lower than the
mean flow total temperature, T;. This contributes another part of the error which results in a lower HTC than the

correct value.
Film cooling experiment results

Figure C-13 shows endwall Nusselt number distribution for the same geometry, however in presence of 1.0% MFR
(coolant to free stream mass flow ratio per passage) leakage flow from an upstream purge slot. The purge slot is
located at 0.3Cax upstream of the leading edge of the airfoil. The measurements were performed at the same

mainstream condition as the non-film cooling experiment discussed above.

Similar to uncooled endwall heat transfer distribution, the qualitative nature of endwall heat transfer characteristics
and flow structure depicted from both data reduction methods remain similar except at the near upstream region
where interaction between coolant and pressure side leg of horse-shoe vortex is prominent for Curve Fitting Method.
This is due to turbulence created by coolant jet during the initial transient period which is included in the Curve
Fitting Method. Similarly, quantitative comparison between the two data reduction techniques reveals significant
difference in endwall Nusselt number level. The major reason behind this discrepancy is attributed towards inclusion
of tunnel flow development period for Curve Fitting Method and detailed description remains similar to explanation

provided earlier in the uncooled heat transfer case.
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Figure C 13: Endwall Nusselt number distribution with 1.0% MFR slot cooling (a) Curve Fitting

method, (b) Linear regression method

Comparison of endwall adiabatic effectiveness distribution obtained using Curve Fitting Method and Linear
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Regression Method is shown in Fig C-14. The results from two methods agree with each other both qualitatively and
quantitatively. It seems the ramping of Mach number at the tunnel start has less impact on the adiabatic effectiveness

than it has on the HTC or Nusselt number.

The coolant ejected from the leakage slot creates a layer of thin film, thus prohibiting the hot mainstream to be in
direct contact with the endwall surface. Regions where coolant is present, endwall heat transfer takes place due to
temperature differential between the film and the endwall surface. Since the film temperature is always less than the
mainstream temperature, the net heat flux to the endwall surface decreases. Eta values close to unity signifies that
the region is highly affected by coolant flow, whereas Eta values close to zero means effect of coolant is either
negligible or absent. Due to the formation of the passage vortices, the extent of the purge flow is contained within
the triangular region upstream of the horse-shoe vortex and the cross passage pressure differential between the

airfoils helps to move the coolant more towards the suction side of the blade.
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Figure C 14: Endwall adiabatic effectiveness distribution for 1.0% MFR purge flow (a) Curve fitting

method, (b) Linear regression method
FURTHER DISCUSSION ON LINEAR REGRESSION METHOD
Recovery temperature issue in un-cooled heat transfer experiment

As described above, the Linear Regression Method assumes the discrepancy between the total temperature and the
recovery temperature (T, — T;) constant. This is based on Eq. (10), and the assumption that flow velocity stays
constant. However, in most of the wind tunnel, the control objective parameter is Mach number. When there is a
significant variation of free stream temperature during the data reduction time window, even with a constant Mach
number, the flow velocity may change. In that case, another format of convective heat transfer equation is

recommended for linear regression.
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The heat capacity of the flow can be written in

C,=R— (15)

and the velocity can be converted in Mach number through the following equation

u 2
M2=_—= 16
o TR (16)

Introduce Eq. (15) and Eq. (16) to Eq. (13), a proportional relationship can be derived between T, and T;.

1+rL5 Ly,
T, = TtyT (17)
1+ TMa2
Eq. (13) can be written in a simplified way as
T =T C (18)

where the factor, C,, only depends on Mach number. Introducing C, to the convective heat transfer Eq. (11), and
normalizing by total temperature, T;, on both sides, another linear relationship is obtained in the form of y = ax +

b:

: Tw
1 _ —h—+ h(;

T:- Tt (1 9)

T TT T
a x b

Equation (19) is applied when the flow temperature varies dramatically during the data reduction time window. In
the present study, since the change of mainstream temperature in the linear regression time window is small (-5°C
from =2s to t=7s), the variation of velocity is small. Therefore, the difference between the final convective heat

transfer coefficients between Eq. (12) and (19) is negligible.
Recovery temperature issue in film cooling experiment

In some cases the local recovery temperature, T, on the film cooled surface is assumed to be equal to the un-cooled
surface. Therefore, T, value is obtained either from the uncooled experiments performed on the same test model, or

from simple estimations through the empirical correlations (Eq. 13).

However, since the coolant injection disturbs the main stream boundary layer, usually a new sub-layer establishes
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from the injection holes, and the local boundary layer flow condition is totally different from the non-injected
surface. Therefore, it is not reasonable to expect the film cooled surface share the same T,. value with the non-film
cooled surface. In the proposed Dual-Linear-Regression Methods, a more reasonable assumption — the discrepancy
between free stream total temperature and surface recovery temperature (b = T,. — T;) stays the same for the cold
and hot coolant tests — is adopted. Thus, the proposed data processing technique is believed to provide more accurate

and reliable results.
CONCLUSIONS

A novel heat transfer data reduction method has been developed for improved quantitative measurements applicable
under realistic gas turbine operating conditions. The presented paper also compares the proposed method (Linear
Regression Technique) with one of the widely used data analysis technique (Curve Fitting) in literature involving
convective heat transfer measurements in presence of external cooling features in gas turbine hot gas path. The
major conclusions that can be drawn from the entire analysis described earlier in this paper are summarized as

follows:

e The Linear Regression method has been shown to be beneficial under engine representative flow conditions.
The effects of compressible flow physics, transonic aero-thermodynamic conditions have been successfully
incorporated to obtain more accurate heat transfer parameters.

e Simultaneous calculation of key heat transfer parameters in presence of film cooling conditions — heat transfer
coefficient and adiabatic film cooling effectiveness, is also a salient feature of the Linear Regression Method.

e The Linear Regression method effectively takes into account the mainstream flow development period and has
the capability to calculate heat transfer parameters under stable aerodynamic conditions in a large scale blow
down wind tunnel facility. Thus, heat transfer measurements can be carried out efficiently in short duration
experiments with matching Reynolds number and Mach number conditions without the need of continuous flow
set up arrangements.

e Although the effect of selection of data reduction technique (Linear Regression vs Curve Fitting) on adiabatic
film cooling effectiveness is not significant, heat transfer coefficient levels seems to be largely influenced by
inclusion of proper aero-thermal and physical conditions via the Linear Regression method. Appropriate
calculation of recovery temperature, associated heat flux and exclusion of the initial transient period has been
observed to increase local Nusselt number levels by as much as 60% compared to the Curve Fitting method
using identical data sets.

e Effect of varying mainstream temperature has been implemented with the analysis procedure of Linear
Regression method. This feature provides a huge benefit in terms of cost effectiveness, where setting up heating
systems for mainstream air in large scale facilities to maintain constant temperatures (even in the range of 80°-
100°C) with very high mass flow rates (~ 4-5 kg/s) is exorbitantly expensive. The current set up with closed
loop heat exchanger system at Virginia Tech facility as described earlier, thus presents one of the convenient

approaches to attain higher mainstream temperatures as it approaches the test section.
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Future work on Linear Regression Method will focus on incorporating coolant density variation effects due to
change in coolant temperatures between the hot and cold coolant runs. This will further improve heat transfer data

accuracy and minimize error bars on the calculated parameters.
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NOMENCLATURE
a slope in linear regression plot
b intersect in linear regression plot

Cax axial chord of test blade

Cp thermal capacity [J/(K-kg)]

Cr normalized recovery temperature
h convective heat transfer coefficient [W/(m*K)]
k thermal conductivity [W/(m-K)]

Ma Mach number

q heat flux [J/(m*t)]

R’ linear regression alignment quality factor

Re Reynolds number

R specific gas constant [J/(mol-K)]

r recovery factor

Tu turbulence intensity

T temperature [K]

t time [s]

u velocity [m/s]

X distance from the surface to the solid material [m]
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Greek Symbol

a thermal diffusivity [m%/s]

n adiabatic film cooling effectiveness

p density [kg/ m®]

y adiabatic index (ratio of heat capacities)

Subscripts

aw adiabatic parameters

c coolant parameters

i initial condition

r recovery parameters

t total condition

w wall surface parameters

o free stream parameters
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ABSTRACT

A computational fluid dynamics (CFD) based model of a single stage, dry-feed, down-flow entrained flow
gasifier is developed and the effect of oxygen (O,)/coal and steam (H,O)/coal feed ratios on syngas composition is
investigated. The model is set up using a coupled Eulerian-Lagrangian technique, where the continuous fluid phase
is modeled in Eulerian approach and the trajectory of the coal particle is calculated in Lagrangian frame. The two
phases are coupled by appropriate source terms in the conservation equations. Global gas phase homogenous
reactions are implemented in species transport model and the Discrete Phase Model (DPM) is used to account for
the devolatilization and heterogeneous char gasification reactions. Steady state model predictions of the effective
syngas composition (CO+H,) at different O,/coal and H,O/coal ratios are compared with benchmark experimental
data from literature and found to be in good agreement within the error bounds of the experiment. Results show
gasifier exit temperature increase with increase in O,/coal ratio, whereas it is found to decrease with increase in
H,O/coal ratio. The species composition also has a similar trend where it can be observed that the amount of syngas
production is lower with increase of steam feed rate than compared to increase in oxygen feed rate. This can be
attributed to the effect of water gas shift reaction which promotes the formation of CO, at higher steam
concentrations. The further decrease in syngas production with increase in O,/coal feed ratio (greater than 1) is due
to the increased burning rate of coal which in turn lowers the residence time as a result of excess of O, supply. The
simulation also provides detailed information of temperature and species concentration distribution inside the
gasifier which indicates the three different reaction zones for devolatilization, gasification and reduction. A
validated set of parameters are thus obtained that can be employed to improve design conditions for experiment. The
model validation also provides the basis to achieve further accuracy incorporating complex effects such as detailed

reaction mechanisms and effect of ash deposition.
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INTRODUCTION

The annual world energy consumption as predicted by Environmental Information Administration (EIA) [1]
would increase to 700 exajoules (EJ) by the end of 2030, i.e. more than 45% of the present demand. The major
threat of global climate change is a direct consequence of this huge demand in energy. The dominant contributor of
climate change are the increased level of greenhouse gases especially carbon di-oxide (CO,), where coal is the major
source of CO, emission into the atmosphere. Effective and economic utilization of coal, thus protecting the
environment producing less CO, and other pollutants during thermo-chemical processes need employment of
efficient conversion techniques. Gasification has been an important part of energy conversion process and a key
initiative towards clean coal technology for the foreseeable future. Public Utility Commissions have identified
Integrated Gasification Combined Cycle (IGCC) plants for power generation as the best available control
technology (BACT) [2]. Gasification is a process to convert carbon containing fuel into a mixture of H, and CO,
known as synthesis gas via incomplete combustion of a concurrent stream of oxidant (O, or air) and steam or water.
One of the major applications of the syngas produced is to use it as a source of fuel in a gas turbine where syngas at
high temperature and pressure is fed to the turbine from the gasifier in an IGCC plant. Syngas can also be used for
manufacturing ammonia, synthetic natural gas and several other chemical products in refineries. Entrained flow
gasifiers are slagging type, hence ensuring operation above ash melting point and more commonly used in industrial
applications due to fuel flexibility, high degree of carbon conversion and tar free syngas production. Typically,
commercial entrained flow gasifiers operate at very high temperature (1600-2000K) and pressure (up to 50 atm)
with pulverized dry or slurry particles (size < 0.1mm) as feedstock. Entrained flow gasification constitutes of the
following physical and chemical sub processes (1) Vigorous mixing of inlet oxidizing stream and pulverized coal
particles, (2) Inert heating and moisture release of the coal particles, (3) Devolatilization, where the volatile matter
within coal breaks up in an oxygen lean environment releasing mixture of gases comprising of mainly CO, CH,, H,S
and leaving solid char particle residue, (4) Heterogeneous reactions where solid char particle reacts with O,, CO,
and H,O to produce a mixture of CO, H, CO,, H,O and trace amount of CH,, (5) Homogeneous gas phase
equilibrium reactions controlling the syngas composition and finally (6) Ash and slag formation. CFD modeling is a
powerful tool that provides necessary predictive capacity for performance and design optimization and delineates
the underlying processes inside a reactor. The entrained flow gasifier model for the present work is developed using

commercial finite volume based software ANSYS FLUENT.
BACKGROUND

Extensive studies on CFD modeling of entrained flow gasifiers with varying level of complexity are available in
published literature. The modeling study by Wen and Chuang [3] has been a pioneering work in entrained flow
gasification research. They developed a mathematical model and distinguished three separate zones in a gasifier: the
Pyrolysis and volatile combustion zone, the gasification and combustion zone and the gasification zone. Different
reaction kinetic mechanisms were considered for each zone in order to better understand the critical parameters
affecting performance of the gasifier. In the modeling work of Govind and Shah [4], an entrained bed gasifier is

simulated using coal liquefaction residues and coal water slurry as feedstocks. Smoot and co-authors [5-7] at
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Brigham Young University developed in-house mathematical model PCGC (Pulverized Coal Gasification and
Combustion) and predicted that rapid devolatilization occur near the inlet region where the particle surface reactions
are controlled by oxidizer diffusion. The model also incorporates various equilibrium gas phase reactions and
turbulence models. Vamvuka et al. [8] presented a one-dimensional steady state model of oxygen blown gasifier and
pointed out the dependence of three critical parameters: steam/coal ratio, oxygen/coal and gasifier pressure on
performance and reactor temperature. Chen et al. [9] developed a comprehensive 3-D entrained flow gasifier model
using Multi Solids Progress Variables (MSPV) method. The numerical simulations were carried out for a two stage
inlet 200 tpd commercial scale gasifier. The model predicted that carbon conversion in a two stage entrained flow
gasifier depends primarily on coal devolatilization and char oxidation reactions. Further results concluded that
increases in moisture content of the coal feed stock increases the H, composition in syngas and increase in gasifier
pressure enhances the carbon conversion by increasing the residence time of the char particles. Choi et al. [10] used
coal slurry as the feedstock and coupled the slurry evaporation with two phase heat transfer and coal
devolatilization. Shrinking core model (SCM) and eddy break up model (EBU) were used to describe particle
surface and turbulent chemistry interaction respectively. Liu et al. [11] investigated the effect of turbulence on
reaction rates and concluded that char-CO, and char-H,O gasification reactions are least affected by turbulent
fluctuations, while the dominant effect is on devolatilization and char oxidation reactions. Bockelie et al. [12] of
Reaction Engineering International (REI) developed an in-house comprehensive coal combustion and gasification
modeling tool GLACIER by incorporating flow field with full equilibrium chemistry and Probability Distribution
Function (PDF) to characterize turbulence. Vincente et al. [13] developed an Eulerian-Eulerian model of an air
blown entrained flow gasifier. National Energy Technology Laboratory (NETL) developed a 3D two stage, slurry
fed entrained flow gasifier model [14] using commercial CFD software FLUENT and successfully coupled with
plant-wide process simulator ASPEN plus through Advanced Process Engineering Co-Simulator (APECS). Shi et al.
[15] presented a detailed methodology for CFD modeling of entrained flow gasification in FLUENT using Discrete
Phase method where the heterogeneous reaction rates are assumed to be kinetics/diffusion controlled. Wanatabe and
Otaka [16] formulated a CFD model predicting the performance of the 2 tpd CRIEPI research scale gasifier using
commercial software CFX and compared temperature distribution data with experiments. Harris et al. [17] computed
an effectiveness factor based on the heterogeneous reaction rates and included the effect of pressure in their 2D CFD
model. More recently Kumar et al. [18] investigated several devolatilization (CPD and Kobayashi) and char
combustion sub-models (Unreacted core, Shrinking Core Model and Random Pore Model) and coupled it with
gasifier simulations using FLUENT. Ajilkumar et al. [19] developed a 2D CFD model to show the effect of inlet
stream temperatures of air and steam. Silaen et al. [20-21] developed 3D CFD models of two stage entrained flow
gasifiers and investigated the effect of different turbulence models and fuel injector designs on reactor temperature
and syngas composition. Slezak et al. [22] used the CFD model developed by Shi et al. [15] to incorporate the effect
of particle density and size fractions. Wu et al. [23] computed different time scales for turbulence, devolatilization,

heterogeneous and homogeneous reactions to understand the controlling mechanism in a GE entrained flow gasifier.
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Although numerous studies have been carried out on CFD simulation of entrained flow gasification, attempts of
detailed model validation of simultaneous, multiple species concentration profile predictions withy experimental
data under parametric variation of operating conditions are rare in literature. The main objective of this paper is to
investigate the validity of a basic entrained flow gasifier model developed using ANSYS FLUENT, widely used in
other CFD studies. Comparison of its syngas composition predictions under different O,/coal and H,O/coal feed

ratio are presented with benchmark experimental data obtained from Azuhata et al. [24].
MODEL DESCRIPTION

The model developed in the present study is primarily based on the methodology described by Shi et al. [15]. The
ultimate and proximate analysis of coal is used as an input parameter and is given in Table D-1. The proximate
analysis of coal consists of four components: volatile matter, fixed carbon, moisture and ash. Moisture is released in
the initial heating period after the vaporization temperature where as volatile matter breaks up into gaseous
components during devolatilization and fixed carbon reacts with gasifying agents in heterogeneous reactions. As
described before, the coal gasification process can be assumed to consist of four sub-processes: (1) inert heating and
moisture release, (2) devolatilization, (3) char gasification, (4) gas phase reactions. These physical and chemical

processes are described in the following sections.

Table D 1: Composition of Utah Bituminous Coal [24]

Proximate Analysis Ultimate Analysis

Fixed carbon 40.5 C 66.8
Volatile 384 H 5.2
Moisture 6.0 @) 9.9
Ash 15.1 N 14
S 0.5
Ash 16.2

HHV 26.6 (MJ/kg)

Inert heating and moisture release

The coal particles are injected through an inlet using a carrier gas Argon as used in the experiments. The particle

size distribution follows Rosin-Rammler [25] law which can be expressed as
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Yy =exp(-dp /d)" (1)

where, d is the mean diameter, dp is the initial particle diameter and n is the spread parameter. The coal particles are
heated till the devolatilization temperature, where the inherent moisture of the coal is released at the vaporization
temperature (i.e. less than the devolatilization temperature). No chemical reactions or mass transfer processes take
place during the inert heating of coal particles. The moisture thus released is added to the gas phase species
continuity equation as a source term. The vaporization energy required for moisture release is extracted from the

continuous phase.
Devolatilization

The devolatilization phenomenon has a significant impact on the gasification stability and ignition. The volatile
break up reaction and evolution of different species is based on a phenomenological model [26]. The major species
released during the volatile break up are CO, CO,, CH,, H,, Ny, H,S, O, and H,O. The stoichiometry of the
individual species is maintained through strict elemental balance and enthalpy of formation of the volatile matter is
determined from standard state enthalpy balance of product species. A typical volatile matter composition can be
expressed as C,1HypO043Na4Sss, Where a;’s are determined from proximate and ultimate analysis. In the present study,
two competing rates model by Kobayashi [25] is used to simulate the devolatilization process due to its wide

acceptability. The mathematical expression for Kobayashi model is as follows

dmvoI 2 (<
M (Z_l:ai Ri)exp(_jzRidt) @

0 i=1l

where, m; is the initial mass of particle, ¢; and R;are yield factors and reaction rates respectively at two different

temperature ranges. The change in particle size due to devolatilization is taken care of by swelling parameter of the

coal. More details can be found in [25].
Char gasification

The char gasification reactions take place after the volatiles are released. The reactions take place until all char
particles react or exit the gasifier. The heterogeneous reactions are modeled by multiple surface reaction mechanism
proposed by Smith [27] i.e. already available as a sub-model in ANSYS FLUENT. The chemical reactions in the
gas-solid interaction include char oxidation and reaction of char particle with CO, and H,0O after all O, is consumed.
The major products of surface reactions are CO and H,, whereas trace formation of methane has also been taken into

account. The reactions considered in this model along with reaction rate information are summarized in Table 2.

121



Gas phase reactions

Several gas phase reactions take place in the gasification and reduction zone of the gasifier including carbon di-
oxide and steam formation, water gas shift reaction and methane steam reactions. The homogeneous reactions are

modeled using global reaction Kinetics to describe gas phase chemistry and are given in Table D-2.

Table D 2: Gasification global reactions

C+050, —»CO R.1

Particle C+H,O0 —> CO+H; R.2
Surface C+C0O, — 2CO R.3
C+2H, —> CH, R.4

CO+0.50, = CO, R.5

H,+0.50, —> H,0 R.6

Gas Phase CH,+0.50, — CO + 2H, R.7
CO + H0¢> CO, + H, R.8

CH, + H,0<> CO + 3H, R.9

Table D 3: Reaction kinetic parameters [5,9,16]

Reaction A n E (J/kmol)
R.1 0.86 1 1.49 x 10°
R.2 1.33 1 1.47 x 108
R.3 4.4 1 1.62 x 108
R.4 1.18x 107 0 1.49 x 108
R.5 2.2x 10%? 0 1.67 x 108
R.6 6.8x 10%° -1 1.67 x 108
R.7 3x 108 -1 1.26 x 108

122



R.8 2.75x 10 0 0.84 x 108

2.65x 107 0 3.96 x 10°
R.9 4.4x 10" 0 1.68 x 10°
5.12x 10" 0 2.74 x 10*

The Kinetic rate expression for global reactions for both heterogeneous and homogeneous reactions are expressed by

Arrhenius relationship as following and given in Table D-3.
k = AT " exp(-E/RT) €))

The turbulence-chemistry interaction is modeled using a finite rate/eddy dissipation model, a built in module in
FLUENT [25] where the effective reaction rate is defined by considering the minimum between turbulence

dissipation rate and chemical reaction rate.
Multiphase modeling

As mentioned earlier, the numerical method is based on a coupled Eulerian-Lagrangian formulation in which the
conservation equations of the continuous phase are modeled in Eulerian frame and the coal particle trajectory is
predicted in a Lagrangian reference frame. The governing equations for mass, momentum, energy and species of the

continuous phase are given as

0

aT(PUij):Sm “)
I

0 oP 0 —

a—xi(puiuj)=pgj—ax—j+§i(fij—PUin)+Sj (5)
0 o ,, 0T ——=

— UT)=— A ——pCpUT") + D +S

axi(PCP|)axi(axi PCRUT') + 1@ + Sy, (6)

i(puC)—i(pDaC_J_ u'C')+S (7)

o UV ax T ax PR

Standard K — & model with standard wall function is used to model turbulence. The turbulence transport equations

are expressed as

123



o o l( )oKk
— (k) =—|| g+~ |— [+ G, —
6xi (pu| ) §i (ﬂ j k PE (8)

2
OX;

0 M | Og ] & &2
&) =— + = |—|+C.,G, —-C,.G, — 9
(puie) o (ﬂ O'kJaXi 18k~ C2:G )
The discrete phase method (DPM) in FLUENT is used to model trajectory of coal particles using a Lagrangian
formulation with the assumption that particle volume fraction is less than 10% of the fluid phase and mass feed ratio
of solid to gas phase is less than or equal to unity. Hence the gas carries the coal particles and the flow regime is
considered to be dilute. The force balance of the particle equates particle inertia with drag force. The turbulent
dispersion of the particles is computed using a stochastic tracking model. Heat transfer to the particle includes
contribution due to convection, radiation, heat of devolatilization and heat of surface reaction that can be written as

mCp == =hAp (T, ~To) + 2p Apo (0 -To%)
dmp dmp
Mo T hFHreac

(10)
+

Radiation heat transfer is incorporated using P-1 model, where scattering is ignored in the gas phase but included for

particles.

Finally, SIMPLE algorithm is used to implement pressure-velocity coupling with second order discretization and
the continuous phase and discrete phase equations are solved alternatively until a converged coupled solution is

obtained.
Operating and Boundary conditions

The geometry of the experimental gasifier is detailed in [5]. High volatile Utah bituminous coal is used for this
study. The primary stream consisted of coal and Argon as carrier gas with inlet temperature of 300K and the
secondary inlet stream through the annular section contained only steam at 590K. Figure D-1 shows the model
geometry, flow direction and inlet streams with computational grid. The parametric cases considered varying

O,/coal and H,O/coal mass flow ratio are provided in Table D-4.
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Table D 4: Operating conditions [24]

Coal feed rate (kg/hr) H,O/coal O,/coal
Case-I 0.85
Case-Il 23.2 0.95

0.03
Case-lII Condition A 1.05
Case-1V 1.15
Case-I 0.875
22.8
Case-ll 0.32 0.975
Condition B

Case-l1II 1.075
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Figure D 1: Model Schematic and computational grid

Argon mass flow rate is 3.31 kg/hr for all the cases. The coal particle size distribution (mean particle diameter 50.4

um) is also provided in the experiment from which the parameters for Rossin-Rammler distribution are computed. In
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the experiment the gasifier was preheated with a methane burner until a stable temperature between 1400K and
1700K was reached and then slowly the coal particles are injected. Simultaneously, the methane flow rate is
gradually decreased and stopped when stable coal fame is established. To simulate this initial condition in the CFD
model, a temperature of 1500K is patched to gas phase after the cold flow solution is obtained. Temperature
patching is required to ignite the mixture while it has no effect on the final solution. The walls of the gasifier are
assigned as adiabatic with internal emissivity of 0.8 and reflective boundary conditions are used for discrete phase
model. At the outlet, the particle escapes the computational domain. The pressure of the gasifier is 1 atm. The inlet

turbulent intensity is assumed to be 5% for all inlet streams based on Reynolds number of the flow.

RESULTS AND DISCUSSIONS

Coalfeed rate 23.2 kg/hr and H,O/coal ratio 0.03 Coalfeed rate 22.8 kg/hr and H;O/coal ratio 0.32
mExperiment = Model =Experiment & Model
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Figure D 2: Comparison with experimental data (a)-(b) syngas composition, (¢)-(d) CO2 mole

fraction

The effect of O,/coal ratio on syngas composition is shown in Fig. D-2, where the experimental data are
compared with values obtained from the model at the exit of the gasifier. For both coal feed rates and H,O/coal
ratios the model predictions are in good agreement within the error bounds of the experimental data. It can be seen
that the effective syngas production (CO+H,) in Fig. D-2(b) is lower for higher H,O/coal ratio comparing the
corresponding O,/coal feed rates in Fig D-2(a). The CO, production increases with increase in O,/coal feed ratios as
presented in Fig. D-2(c) and Fig. D-2(d). Though, the comparisons of model predictions for CO, mole fractions are

not satisfactory, but the model has been able to capture the correct trend.
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To further explain this behavior and understand the fundamental mechanism, axial distribution of species mole
fraction within the gasifier are illustrated in Fig. D-3 and Fig. D-4 where, (a), (b) and (c) represent the CO, H, and

CO, mole fractions respectively for two different conditions A and B.
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Figure D 3: Axial distribution of species mole fraction for (a) CO, (b) H2, (c) CO2 for Condition A in
TableD 4

One major cause of the discrepancy between the experimental data and model predictions might be due to the
presence of strong swirl that has been simplified in the model as uniform flow of the inlet streams as the standard

k — & turbulence model used in this study might not be able to resolve the dispersion of the particles and details of
the flow field accurately. The major reason behind choosing the standard k — & model as it is computationally

inexpensive and other complex turbulence models do not have a significant effect on species distribution [20]. The

distribution reveals that the rate of CO formation near the inlet region is very slow whereas the CO, mole fraction

increases sharply upto a certain length of the gasifier.
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Figure D 4. Axial distribution of species mole fraction for (a) CO, (b) H2, (c) CO2 for Condition B in
TableD 4

This phenomenon is amplified in case of higher steam flow rate as seen in Fig. D-4. After, the initial low
concentration region period, CO concentration increases rapidly and reaches a peak whereas, at the same location
CO, mole fraction decreases and comes to a local minima. This phenomenon can be explained as, in the initial phase
CO produced from char oxidation can be further oxidized to CO, in presence of O, as it is seen that CO,
concentration increases. At the peak concentration level, the heterogeneous particle surface reactions take place
more prominently producing more CO and release thermal energy into the gas phase. At this point there is not
enough oxygen present to oxidize the produced CO to CO,. Hence the CO, concentration in this region decreases.
Now, after all the char has been consumed downstream of the gasification, water gas shift reaction plays a
prominent role to convert CO into CO, hence CO, mole fraction increases again. The difference in devolatilization

characteristics between the experiments and the assumed model can also attribute to the initial increase of H, and

CO concentration.
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(b) Condition B
Figure D 6: Temperature distribution inside the gasifier for all cases

It can be observed that with increase of O,/coal ratio, CO, production increases by a considerable amount due to
oxidation of CO, CH,4 and char combustion as the amount of unreacted carbon decreases. With lower oxygen content
the rate of pyrolysis increases, therefore the amount of H, concentration decreases and the product gases contain
more CO, and H,O due to enhanced combustion in shown in Fig. D-4.

Steam is an important component as a reactant in entrained flow gasification. Though the amount of steam has
negligible influence on carbon conversion, it has a significant effect on syngas quality and composition as noted in
Fig. D-5 which shows the dependence of increase in inlet steam mass flow rate on species concentration along the
axial direction of the gasifier. Water gas shift and char-steam reactions are the controlling factors while the effect of
steam addition is investigated. In general steam is injected to obtain H, rich syngas fuel, but it is observed that CO,
concentration also increases and CO yield decreases attributed to the combination of water gas shift and char-steam
reaction. The mineral matters present in the coal can act as a catalyst to the water gas shift reaction [7] as it can be

seen that the amount of H, yield in case of higher steam content is greater than CO concentration at exit.

Figure D-6 (a) and (b) depict the temperature contours for all cases at two different coal feed rates, mentioned in
Table D-4 as condition A and B respectively. The rates of gasification and combustion reactions are highly
dependent on temperature variations, as evident from Fig. D-6 that higher oxygen ratio increases the temperature of
the gasifier due to greater extent of oxidation reactions resulting in increased formation of CO,. The higher
temperature also favors the backward rate of the water gas shift reaction which controls the heterogeneous char-CO,
and char-H,O reactions hence an increase in oxygen content yields lower amount of synthetic gases (CO and H,). It
is also observed in Fig. D-6 that higher amount of steam also tends to decrease the gasifier temperature as the rate of

char-CO, and char-H, reactions decrease.
CONCLUSIONS

A 2D axi-symmetric CFD model is developed and the predictions of species mole fraction at the exit of the

gasifier are compared with benchmark experimental data under various conditions of O,/coal and H,O/coal feed
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ratios. The model results matches well with the experimental data for syngas composition. The comparison suggests
that the CO, formation increases with higher oxygen feed rates and the effective syngas composition decreases.
With increase in steam flow rate, H, and CO, concentration increases but formation of CO decreases, hence lower

amount of syngas is produced.

There is a definite scope of improvement in the model results. The model accuracy can be enhanced with further

incorporation of the following details:

(1) Accurate devolatilization model along with experimental data to predict the volatile break up species
composition, (2) Detailed chemical reaction mechanisms, especially for gas phase reactions where the intermediate
radical pools generated controls the reaction chemistry, (3) Better numerical schemes for turbulence model, (4)
Effective mesh refinement techniques and computationally inexpensive full scale 3D simulations, (5) Accurate sub-

models for wall heat transfer, ash deposition and heterogeneous reaction rate kinetic parameters.
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